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Real-Time Physiconeural
Solutions for MOCVD

This paper presents an integrated physiconeural network approach for the modeling
and optimization of a vertical MOCVD reactor. The basic concept is to utilize the
solutions obtained from a physical model to build an accurate neural network (NN)
model. The resulting model has the attractive features of self-adaptiveness and speed
of prediction and is an ideal starting tool for process optimization and control.
Following this approach, a first-principles physical model for the reactor was solved
numerically using the Fluid Dynamics Analysis Package (FIDAP). This transient
model included property variation and thermodiffusion effects. Using software devel-
oped in house, neural networks were then trained using FIDAP simulations for
combinations of process parameters determined by the statistical Design of Experi-
ments (DOE ) methodology. The outputs were the average and local deposition rates.
It is shown that the trained NN model predicts the behavior of the reactor accurately.
Optimum process conditions to obtain a uniform thickness of the deposited film were
determined and tested using the physical model. The results demonstrate the power
and robustness of NNs for obtaining fast responses to changing input conditions. A
procedure for developing equipment models based on physiconeural network models
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is also described.

1 Introduction

Semiconductor heterojunctions with very small dimensions
such as quantum wells (QWs) and quantum well wires
(QWWs) have been attracting considerable attention because
they open new ways for manufacturing high performance de-
vices (Naganuma et al., 1990). Examples include single quan-
tum well (SQW) and multi-quantum well (MQW) laser struc-
tures that are finding applications in high-speed integrated optics
and optical communications because of their significant superi-
ority in performance over conventional double heterostructures
(Cockerill et al., 1992; Ando and Fukui, 1989; Seshadri et al.,
1992). Device degradation is governed mainly by the abrupt-
ness and uniformity of the interfaces between adjacent layers.
Therefore, to grow quantum well structures, thin layers with
precise thicknesses, abrupt doping profiles, and high quality
heterojunctions are required. A commonly used technique for
the manufacture of such semiconductor devices is Metal—Or-
ganic Chemical Vapor Deposition (MOCVD). This technique
is important as a process for growing such compound semicon-
ductors since it allows the fabrication of the multilayer struc-
tures by manipulating gas switching manifolds at the inlet of
the reactor (Patnaik et al., 1989).

Several researchers have developed mathematical models for
different MOCVD reactor configurations in order to understand
the flow and temperature patterns. The objective of the various
mathematical models employed in numerical computations is
to relate performance criteria such as growth rate, uniformity,
and interface abruptness to process operating conditions such
as pressure, temperature difference, reactant concentrations, ro-
tation rate of susceptor, and reactor geometries (Durst et al.,
1992; Dilawari et al., 1990; Fotiadis et al., 1987; Stock and
Richter, 1986). Dilawari and Szekely (1989) developed a math-
ematical description for a MOCVD reactor with a rotating sub-
strate, and observed that uniformity of the deposition in this
system can be achieved only by carefully balancing forced and

' To whom correspondence should be addressed.

Contributed by the Heat Transfer Division for publication in the JOURNAL OF
HeaT TRANSFER. Manuscript received by the Heat Transfer Division December
4, 1995; revision received August 1, 1996. Keywords: Materials Processing and
Manufacturing Process, Mixed Convection, Numerical Methods. Associate Tech-
nical Editor: R. A. Nelson, Jr.

814 / Vol. 118, NOVEMBER 1996

natural convection and the depletion of the reactants. Kleijn
(1991) developed two-dimensional and three-dimensional
mathematical models for MOCVD of gallium arsenide in a
horizontal reactor illustrating the influence of side wall tempera-
tures, buoyancy-driven recirculating flows, and flow instabili-
ties. A comprehensive review of transport phenomena in
MOCVD is given by Jensen (1994).

There is a vast body of literature on related thermal CVD.
Some earlier studies are from Eversteyn et al. (1970), who
developed a stagnation layer model for the epitaxial growth of
silicon from silane in a horizontal reactor. Earlier models on
silicon CVD (e.g., Berkman et al., 1978; Kusumoto et al., 1985;
Ristorcelli and Mahajan, 1987) neglected contributions due to
Soret, Dufour, and variable property effects, but it was shown
later (Mahajan and Wei, 1991) that the Soret and variable prop-
erty effects can be significant. In single-wafer Si CVD reactors
the ideal hydrodynamic behavior is disturbed by buoyancy-
driven mixed convection flows, edge effects, and influence of
reactor walls (Evans and Grief, 1987a, b; Houtman et al., 1986;
Fotiadis et al., 1990; Weber et al., 1990), necessitating the use
of two- or three-dimensional models. For a most recent review
on transport phenomena in CVD reactors, see Mahajan (1996).

While these models have increased our understanding of the
underlying physics of the process, their utility for real-time
performance analysis and control is limited because of the large
computational time required to simulate a run. The physical
neural network modeling approach presented in this paper is an
attractive alternative to mitigate this difficulty. It is shown that
real-time predictions of growth rate and uniformity are possible
using such models. A methodology for developing equipment
models from physiconeural models is also described. These
equipment models can then form a basis for process control.

It is to be noted that the main focus of this paper is to
demonstrate the attractive features of using physiconeural net-
work models for the MOCVD reactor. Hence certain assump-
tions have been made in the mathematical model to keep it
simple.

2 Mathematical Modeling of MOCVD

A schematic of a vertical MOCVD reactor is shown in Fig.
1. The carrier gas (H;) containing the reactants trimethylgallium
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TMGa + Arsene Energy:
-1"[‘]"‘['1"£‘ Pcp(g:T+ v-VT) = V+(kVT) (4)

where T denotes the absolute temperature, k the thermal conduc-
tivity and c, the heat capacity at constant pressure.
Dilute Species Transport Equation:

——  Graphite Ox,

Susceptor P Br + p(vVxy) = Ve [DyppVixy + DpV(InT)H] (5)

where Dy is the diffusion coefficient of TMGa in hydrogen
and Dy is the Soret coefficient. Thus Dy V(In T') is the thermo-

Quartz diffusion effect term that couples the specie equation with the
l/_ MOCVD energy equation. General overviews on thermal diffusion theory
Reactor are presented by Jones and Furry (1946), Grew and Ibbs (1952)
and Hirschfelder et al. (1963 ). For derivation of the transport
J equations, the reader is referred to Bird et al. (1960).

Some assumptions have been made that largely reduce the
complexity of the problem. They are as follows:

Fig.1 Schematic of a vertical MOCVD reactor 1 The gases are ideal. , .
2 The gas flow in the reactor is laminar.
3 No heat is consumed or released by the gas phase reac-
(TMGa) and arsene (AsH,) enters through the top of the reac- yons. g oo
tor. A rotating graphite susceptor is placed perpendicular to the 4 Th.c gases are transparent to heat radiation from the
flow of the reactants. The reaction takes place at the heated 5 'E}'IL&;%&?EM effect is neslected
susceptor and GaAs is deposited as a result. A byproduct of the 6 Th f i 15 hiep = ta
reaction is methane gas that flows out of the reactor along with :SHETACE TeAti OfL 18N ln TIOHR-
hydrogen and unused reactants. : C".“S p hase_ Tesiesione aie DOR ?c“”d'
8 Viscous dissipation is negligible.

For this cylindrical reactor geometry, the equations of conti-
nuity, momentum, energy, and mass for an incompressible,

i Over the range of room to susceptor temperatures, the varia-
Boussinesq flow are as follows:

tion of transport properties of hydrogen is significant. The tem-

Continuity: perature dependencies of p, u, k, and Dy, for the TMGa—hydro-
V-v=0 (1) gen system are as follows:
Motion: p = pM/RT (6)
5V L ( T )0.648
— + V-wy == (7)
p( ot ) Ho Ty
= =Vp = (V-1 + po(1 + B(T = To)g  (2) k_ (z)w ©
where the stress tensor for Newtonian fluids is given by: ko T,
T=—-u(Vv+ (Vv)7") (3) P
DAB _ T 9
and p denotes the gas density, v the velocity, p the pressure, p Diss Fﬂ &)
the viscosity, and g the acceleration due to gravity. ’
Nomenclature
¢, = heat capacity Pr = Prandtl number € = mean square error
D,y = diffusion coefficient of TMGa in r = radial distance 1 = viscosity
hydrogen R = radius of the reactor n = learning rate
Dy = Soret coefficient Re = Reynolds number p = gas density
D = desired output vector R? = correlation coefficient o? = variance
E = error vector of a network t=time o, = standard deviation
[ = activation function {; = bias vector for NN 7 = shear stress
g = acceleration due to gravity T = temperature w = rotation rate of susceptor
Gr = Grashof number v = velocity Subscripts
J = quadratic performance criterion of  w; = weight matrix for NN e
a network x; = jth input to a neuron 0 = at standard/initial conditions
k = thermal conductivity x, = mole fraction of TMGa s=at thﬂ susceptor
M = molecular weight y; = ith output from a neuron r = radial component
m; = local deposition rate at ith node z = axial distance z= ax_lal- component
M = average deposition rate a = momentum coefficient 6 = azimuthal component
p = pressure B = coefficient of thermal expansion
Journal of Heat Transfer NOVEMBER 1996, Vol. 118 / 815

Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



The temperature dependences of viscosity and thermal con-
ductivity are obtained from Moffat and Jensen (1988), and
that for the diffusion coefficient is obtained from Fuller
correlations ( Reid et al., 1987). The variation of the thermo-
diffusion coefficient Dy is obtained from Dilawari and Szek-
ely (1989).

The boundary conditions for solving the equations of continu-
ity, motion, energy, and mass are as follows:
At the reactor inlet:

v, = Ug(] = ;—Z) s T =Ty, X4 = Xpp. (10)
At the susceptor:
v,=v=0u=rw, T=T,x,=0. (11)
At the reactor walls:
v=0,T=Tsm=0. (12)
At ic axis of symmetry:
&u,/or =0,0T/0r =0, m; = 0. (13)

At time t = 0, it was assumed that x = x; at the reactor inlet
and x = 0 everywhere else. A parabolic velocity profile is
assumed at the reactor inlet, and the walls are kept at the ambient
temperature. There is no mass deposition on the reactor walls.
The susceptor is heated and rotated at a constant angular veloc-
ity. The surface reaction is much faster than the diffusion of
reactants to the surface, hence the concentration of the reactant
is taken to be zero at the surface.

3 Numerical Simulation

Equations (1), (2), (4), and (5) were solved in a coupled
manner using the Fluid Dynamics Analysis Package (FIDAP
Version 7.05, Copyright ©1984-1993 Fluid Dynamics Interna-
tional, Inc.). Modifications were made to the existing FIDAP
code to predict the growth rate profiles, taking into account the
thermodiffusion effect.

Grid-size refinement was performed for the finite element
grid using FIDAP as follows. The number of algebraic equations
solved was varied from 7000 to 28,000 in steps of 3500, and
the results were computed for a typical case of operating condi-
tions. It was observed that the solution did not change within
a nodal point tolerance of 107 for simulations with =14,000
algebraic equations. Thus the finite element model with 14,000
equations was used in our analysis. The numerical accuracy of
each of the reported simulations is of the order of 107*,

Simulations were run by choosing the process parameters in
the following ranges: temperature difference (500-1000 K),
Reynolds number (10-100), inlet mole fraction of GaAs
(0.001-0.05), rotation rate (0-100 rpm). For a susceptor tem-
perature of 750 K, Reynolds number of 50, inlet mole fraction
of 0.0255, pressure of 0.1 atm, and a rotation rate of zero, the
steady-state velocity, temperature, and specie contour plots are
shown in Fig. 2. As seen in the figure, the buoyancy-induced
flow rises from the center of the susceptor, and forms a cell
over the susceptor. The forced flow streams past the cell and
out of the reactor. The stagnation cell obstructs the flow of
fresh reactants to the surface of the susceptor and is, therefore,
undesirable. As expected, the isotherms are not as densely
packed near the susceptor as for the forced convection domi-
nated flow (not shown here). This difference is due to the
presence of the recirculation cell over the susceptor, The results
for the streamlines, isotherms and isoconcentration lines as

816 / Vol. 118, NOVEMBER 1996
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Fig. 2 Typical steady-state velocity, temperature, and concentration
profiles for AT = 750, Re = 50.0, x; = 0.0255, @ = 0: (a) streamline
contour plot; (b) temperature contour plot; (c) specie contour plot

shown in Fig. 2 are consistent with previous studies (e.g., Pat-
naik et al., 1989).

The buoyancy-induced cell is generally associated with non-
uniform deposition (Kleijn, 1991). To mark the appearance
and disappearance of the cell, numerical computations were
performed in the following two ways. In the first case, the Gr
was held constant at a fixed value (Gr = 573) and Re was
slowly increased from 10 to 100. With increase in Re, the
recirculation cell decreased in size and at a certain value (about
70) the cell disappeared completely. When Re was decreased
steadily from a high value, the cell appeared exactly at the same
Reynolds number. In the second set of calculations, the Re was
held constant (Re = 70) and the Gr was steadily increased from
a value of 400 to 900. At some value of Gr (about 573) the
cell appeared and then continued to grow. In this case, too, the
cell appeared and disappeared at the same Gr when simulations
were performed for increasing and decreasing Gr, Thus in both
cases, hysteresis was not observed. This is in contrast to the
behavior seen in mixed convection systems at atmospheric pres-
sure by Patnaik et al. (1989) and Calmidi and Mahajan (1996),
where hysteresis was observed. We conclude that in the range
of parameters studied, there is no hysteresis in the MOCVD
reactor at 0.1 atm.

4 The Neural Network Model

4.1 Introduction. A neural network (NN) is acompu-
tational tool that can be used for the modeling and control
of highly nonlinear systems. These networks have the ability
to estimate input—output relations from sample data. Unlike
statistical estimators, they do not require a mathematical
model of the dependence of outputs on inputs. They are,
thus, model-free estimators (Kosko, 1992; Simpson, 1992;
Freeman and Skapura, 1991). In addition, they are self-
adaptive, have generalization capability, and provide quick
response. Because of these desirable characteristics, they
have been used in identification, control, noise-filtering, op-
timization, pattern-matching, pattern completion and classi-
fication (Simpson, 1992).

Figure 3(a) shows a typical four-layer NN. An input pattern
is presented to the leftmost layer of the network (input layer),
and the rightmost layer gives the output pattern. Each node of
a layer is connected to every node of the adjacent layer(s) by
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Input First Hidden Second Hidden Output
Pattern Layer Layer Layer
(a)

(b)

Fig. 3 (a) A typical three-layered NN; (b) one particular node of the
second layer of the above NN

synaptic connections, Figure 3(b) shows a schematic of one
particular node of the NN. A node performs two functions:
summation and nonlinear transformation. The latter is usually
a sigmoid function called the activation function. In this work,
the activation function used was:

S(x) = tanh (x) (14)

Note that when the activation function is defined in this manner,
the output of the network lies between —1 and 1. The output
of one particular node of the first hidden layer is given by

yi =X xwi+ 1) (15)

i=1

where w; is the weights matrix, ¢ is the bias vector, x; is the
input to the neuron, and the superscript 1 denotes the first hidden
layer. The objective of NN training is to minimize some perfor-

mance criterion by updating the weights and the biases. A typi-
cal update rule for the weights and biases is given by

w:_j.ncw oy w;},old o nVW'J + (IAW:-}'OM

r;(.l.cw = I:{,l:t]d = nvﬂ} + QAI:-('OM

(16)
(17)

where k = 1, 2, ... 7, and 7 is the number of layers in the
network, 7 is the learning rate and it determines how fast the
network will learn, and « is the momentum parameter, which
is usually set to a positive value less than unity. J is the quadratic
performance criterion of the neural network, and is a function
of the error vector E between the desired output of the network
(D) and the actual output of the network (O):
J(E) = 3E"E (18)

4.2 NN Model Development Technique. Marwah et al.
(1996) recently developed a ‘“‘simple to complex’’ neural net-
work modeling approach. For selecting the appropriate NN ar-

Journal of Heat Transfer

chitecture, the data points are split into a training set consisting
of approximately 3 of the data points and a testing set consisting
of approximately 41 of the data points, The inputs and outputs
are normalized between —0.8 and +0.8 in order to avoid the
saturation region of the sigmoid transfer function. The correla-
tion coefficient (R*) and mean square error (e) are used to
evaluate the performance of the network. These are defined as:

N

_2 (n — )’{-j)z
R*=1- | e (19)
Ei (yi }T)Z
€= & (i i —yHH'" (20)
N ; i }:

where y; and y{ are the actual and predicted values, respectively,
and ¥ is the averaged value.

To find the optimum network architecture, we start with one
hidden layer with one neuron. The network is trained with the
training data and R, is monitored to check the performance
of the network. If R? is below 0.8, then another neuron is added.
After this prescribed threshold value of R? is reached, testing
data is simultaneously introduced to the network. As the net-
work is trained, €, and Rpy, are calculated. Training is
stopped when the minimum of €., is obtained, and no further
improvement in performance results with the addition of one
IMOTe NEuron. .

Once the number of hidden layers and neurons are fixed,
additional parameters such as the learning rate 7 and momentum
a have to be chosen. The optimum values of these parameters
are obtained by using the same training/testing technique. This
procedure results in a network that is the simplest, requires
minimum training time and avoids overdetermination.

4.3 The NN Model Development for MOCVD. For the
vertical MOCVD reactor described earlier, the mathematical
model predicts the average deposition rate and variance of depo-
sition rate as a function of the following process parameters:
temperature difference between the susceptor and reactor walls,
inlet Reynolds number, inlet TMGa mole fraction, and rotation
rate of susceptor. The average deposition rate (/i) along the
susceptor is defined as:

(21)

1.2
m= _z m;
n:=l

where the local deposition flux (m;) (from Eq. (5)) is given
by:

dxy, D OT
m = —cDyp—+—— 22
Az T 0z (22)
The variance o2 of deposition rate is defined as:
) " ??’I; — 2
ct=(1/n)| ¥ — (23)
i=1 n

where n is the number of grid points along the radius of the
susceptor.

Two NN models, one relating the average deposition rate and
the other the variance of deposition rate with the four input
parameters, were developed. A set of 25 experiments identified
by statistical central composite design (Montgomery, 1991)
was split into a training set of 19 points and a testing set of 6
points. Six additional data points within the domain of the cen-
tral composite design were chosen as the validation points.

NOVEMBER 1996, Vol. 118 / 817
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Table 1 DOE training/testing points from FIDAP model Table 2 Validation points from FIDAP model

AT Re |z w AT | Re |z w
1 |5946 |10 |[0.00119 |0 26 | 850.0 | 85.0 | 0.035 | 85.0
2 | 5946 |10 | 0.00119 | 84.09 27 | 600.0 | 60.0 | 0.02 | 40.0
3 | 5946 |10 |0042 |0 28 | 650.0 | 75.0 [ 0.03 | 25.0
4 | 5946 |10 |0.042 |84.09 29 | 550.0 | 92.0 [ 0.01 | 92.0
5 | 5946 | 84.09 | 0.00119 | 0 30 | 900.0 | 35.0 | 0.008 | 18.0
6 |594.6 | 84.09 | 0.00119 | 84.09 31 | 950.0 | 15.0 | 0.025 | 65.0

7 | 594.6 | 84.09 | 0.042 0

8 | 594.6 | 84.09 | 0.042 84.09 reactor model, a NN with only one hidden layer was sufficient
and adding another hidden layer did not improve the predictions
9 | 8409 | 10 0.00119 | 0 of the network significantly. Figure 4 shows the effect of the

number of neurons in the hidden layer on the testing error of
the NN for the case of a four-input one-output network. Clearly

10 | 8409 | 10 0.00119 | 84.09 there exists an optimum number of neurons that minimizes the

testing error of the NN. This is intuitively reasonable because

11 [ 8409 | 10 0.042 |0 as we add more neurons to the network the system becomes
overdetermined.

12 | 840.9 10 0.042 £84.09 To ensure robustness, several neural networks for different

combinations of training and testing data were built. For each

13 | 840.9 | 84.09 | 0.00119 | 0 of these networks, different sets of 19 training points and 6

testing points were chosen. The network that gave the minimum
error was used in all further calculations. The best NN configu-

14 | 840.9 | 84.09 | 0.00119 | 84.09 ration was found to be (4-4-1), i.e., 4 neurons in the input
. layer, 4 in the hidden layer, and 1 in the output layer. A compari-
15 | 840.9 | 84.09 | 0.042 0 son of this NN model with the mathematical model is shown
in Fig. 5. The error between the predictions of the two models

16 | 840.9 | 84.09 | 0.042 84.09 is small (€eying = 0.015 Riging = 0.95).
4.4 The Local Deposition Rate Network. In order to
171 500.0 | 50.0 | 0.0255 | 50.0 predict the deposition rate as a function of radial distance along
the susceptor, it was necessary to develop a NN that could learn
18 | 1000.0 | 50.0 | 0.0255 | 50.0 the deposition rate profiles rather than the average deposition
rate. For this purpose, a network was trained with an added
19 | 750.0 | 10 0.0255 | 50.0 input, viz., the radial distance, and 43 experimental training

points were determined using a central composite design for 5

20 | 750.0 | 100.0 | 0.0255 | 50.0

0.048
21 | 750.0 | 50.0 | 0.001 50.0

0.047

22 | 750.0 | 50.0 | 0.05 50.0

23 [ 750.0 | 50.0 | 0.0255 |0 g
=
2

24 | 750.0 | 50.0 | 0.0255 | 100.0 'goms-
w

25 | 750.0 | 50.0 | 0.0255 | 50.0 go-w-
-

These data points are listed in Tables 1 and 2. The mathematical 0.042
model was solved for these test conditions to obtain the deposi-

tion rate and variance of deposition rate. 0.041 . s . . . . : . .
The procedure outlined in Section 4.2 was used to develop o8 ¢ 4. 8 8.7 B 9 A0 0
an optimum NN model. The simulations described above sup- e
plied the training and testing data, It was found that for the Fig. 4 Effect of number of neurons on testing error of NN
818 / Vol. 118, NOVEMBER 1996 Transactions of the ASME
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Fig. 5 Comparison between NN model and physical model (o-training
and testing points, x-validation points)

variables. A set of 13 other validation points was chosen for
testing. It was found that even though Ri,, was about 0.91
for this local NN, the €qing Was unacceptably high. Thirty more
data points were therefore added to the original 43. The network
was retrained till €y, reached 0.01. A comparison of the re-
trained NN model with the mathematical model in Fig. 6 indi-
cates good accuracy.

5 Application of the Physico-NN Model

The physico-NN model (PNM) developed in Section 4 can
be used as a fast analysis tool to predict the responses of the
MOCVD reactor system to different operating parameters, or
to predict the minimum variance (o?) of deposition rate over
the entire range of process operating parameters. These two
capabilities are discussed next,

5.1 PNM as a Real-Time Analysis Tool. The physical
models described above are useful for capturing the underlying
relationships between the various input and output variables.
However, many a time, they tend to be computationally inten-
sive and are not attractive for performing fast analysis of **what-
if scenarios.”’ For example, it took us about 80 CPU minutes
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Fig. 7 Steady-state velocity, temperature, and concentration profiles
for the optimum conditions: AT = 673.8, Re = 28.8, xo = 0.0122, w = 3.0:
(a) streamline contour plot; (b) temperature contour plot; (¢) specie
contour plot

to complete one simulation on a DEC 5000 workstation. How-
ever, with the physiconeural network model, the computational
time was only =~0.09 seconds. The PNM can thus be effectively
used to obtain real-time predictions or performance measures
for the MOCVD reactor.

5.2 Minimum Variance of Deposition Rate Using PNM.
The variance network described in Section 4.3 was used to
determine the minimum variance of the deposition rate along
the susceptor for different sets of process operating conditions.
Following the procedure given in Wang and Mahajan (1996),
a steepest descent optimization algorithm was used to obtain
the operating point at which the variance of the deposition rate
was minimum. It is important in a real process to operate at
this point because the deposited film will be uniform.

An iterative procedure was followed to determine the opti-
mum settings. The minimum variance obtained by the PNM was
compared to that obtained using FIDAP, for the same operating
conditions. If the error between these was greater than the preset
exit criterion ( 10 percent in this case), this new point was added
to the training data, and the PNM was retrained. This iterative
procedure was terminated when the minimum variance pre-
dicted by the PNM was within 10 percent of that obtained by the
FIDAP model. Typically about 610 iterations were required in
this case in order to obtain the desired accuracy.

The optimum process operating conditions predicted by the
NN-optimization algorithm for a minimum variance of 0.010
are: AT = 673.8 K, Re = 28.8, xp = 0.0122, w = 3.0. For these
parameters, the FIDAP simulations give a variance of 0.011.
The streamline, temperature, and concentration contours are
shown in Fig. 7. Note that there is no buoyancy-induced cell
(Fig. 7(a)) for these optimum conditions. A comparison of the
deposition rate at the optimum conditions to that at the condi-
tions shown in Fig. 2 is shown in Fig. 8. Clearly, the deposition
rate is more uniform for the optimum settings. This is due to a
lack of the buoyancy-induced cell at these settings. An examina-
tion of ‘the temperature as well as the concentration gradients
for the two cases indicated that these were more uniform along
the susceptor for the optimum conditions. According to Eq.
(22), this results in more uniform deposition rates.
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6 Physiconeural Network Models for Process Con-
trol

The two applications of PNMs discussed in the previous
section illustrate their use as a design tool for performing
“*what-if ** analyses and arriving at initial process recipe for
optimum operation. However, because of the simplifying as-
sumptions made in the physical model, the PNM may not pro-
vide an accurate description of the actual process equipment.
The equipment model then needs to be built to capture the
peculiarities of the equipment involved. Two strategies to up-
date PNMs to equipment models are represented schematically
in Fig. 9. As a first step, the predictions of the PNM are com-
pared against the experimental data. In approach 1 (Fig. 9(a)),
if the predictions of the PNM do not match with the experimen-
tal data to within a prescribed accuracy, part of the experimental
data is fed back into the training set and the model is retrained
and evaluated for the unseen data. Once the PNM has been
sufficiently trained to predict the experimental data accurately,
it can be used as the equipment model.

In the second approach (Fig. 9(b)), if the predictions of the
PNM do not match with the experimental data to within a
prescribed accuracy, the difference between these values is used
to train a deviation-NN model. Once this network is trained,
the equipment model can be obtained by:

Deviation-NN + PNM = Equipment Model

The equipment model so developed can be used for process
optimization on the lines described in Section 5.2 or for process
control in the manner described in Wang and Mahajan (1995).

7 Summary

A mathematical model for a vertical MOCVD reactor was
developed that included Soret and variable property effects. A
finite element-based computational package (FIDAP) was used
numerically to solve the three-dimensional coupled PDEs for
the conservation of mass, momentum, and energy to determine
the deposition rates of GaAs in the reactor. Using data from
simulations based on statistical DOE, neural networks were
trained to mimic the behavior of the reactor. The best NN archi-
tecture that minimized the testing error was determined. The NN
model compared well with the predictions of the mathematical
model, Optimum process operating conditions were obtained
that minimized the variance in deposition rate. It was shown
that the computational time required for the NN model was

022 T T T T T T

2
)
T

2

-

o
T
»
1

o
o
o
:
%

[=]

-

B
T
X
'

© © 0o o 4

Deposition Rate (mic/min)
s £ f
- n
o
o
o
4

B
[ 3

o
o
=]

0.04 L . L L L "
0 05 1 1.5 2 25 3 as
Radius of Susceptar (cm)

Fig. 8 Deposition rate for minimum variance: (0); AT = 673.8, Re =
28.8, x;, = 0.0122, @ = 3.0; and for the conditions in Fig. 2: (x); AT =
750.0, Re = 50.0, x, = 0.0265, @ = 0

820 / Vol. 118, NOVEMBER 1996

Training and

Testing data

[ NN modeling
" software

MOCVD Reactor
(Actual data)

(a)

Compare Deviation

Predictions

NN modaling
software

PARAMETERS Validated Deviation
what:lt PNM Madel
scenarios ¥
L -
Decision-making ~ @nd Control
Analyses
()

Fig. 9 Methodology for the development of equipment models using
PNMs: (a) updating approach, (b) deviation model approach

orders of magnitude smaller as compared to the mathematical
models, thus enabling NN models to be used as tools for real-
time process modeling and optimization.

Research is in progress to build an equipment model for a
production MOCVD reactor. The physiconeural model will
have to be retrained using experimental data points. The expec-
tation is that the number of data points would be much smaller
than building an equipment neural network model from scratch,
The findings of this research will be reported in an upcoming

paper.
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Heated Plate

A new adsorption model for the spreading dynamics of completely wetting fluids on
a heated solid substrate that emphasizes interfacial phenomena is developed and
evaluated. The model is based on the premise that both interfacial intermolecular
Jorces and temperature affect the vapor pressure in change-of-phase heat transfer and
(therefore) the spreading velocity. Classical change-of-phase kinetics, and interfacial
concepts like the Clapeyron, Kelvin, and the augmented Young—Laplace equations
are used to evaluate the effects of stress (change in apparent dynamic contact angle ),

temperature, and superheat on the rewetting velocity. Explicit equations are obtained
JSor the velocity, heat flux, and superheat in the contact line region as a function
of the initial plate temperature. Comparisons with experimental data for substrate
superheats below a critical value demonstrate that the resulting interfacial model of
evaporation/condensation in the contact line region can describe the effect of the
saturation temperature and superheat on the rewetting velocity.

Introduction

Although the spreading dynamics of fluids on heated surfaces
are of importance to many change-of-phase heat transfer pro-
cesses, a comprehensive model that describes movement in the
contact line region and includes interfacial phenomena has not
been completely developed and evaluated. This is due to both
the complex nature of interfacial phenomena near the leading
edge of a liquid film on a substrate and the large number of
possible externally imposed conditions. For example, we tend
to expect that forced spreading on a flat surface with a large
superheat is fundamentally different from movement in an oscil-
lating evaporating meniscus with a small superheat located at
the exit of a pore. We might also expect that completely wetting
fluids behave differently from partially wetting fluids. However,
we propose that these processes are similar at superheats below
a critical superheat and that these processes can be modeled
using mathematical descriptions of intermolecular forces like
interfaces, contact lines, and contact angles. Unfortunately, this
is complicated by the fact that the contact angle on a molecular
scale at the contact line cannot be seen and the tangent to the
liquid vapor interface can change rapidly near the unobservable
contact line. Further, due to molecular dynamics, concepts like
interfaces, contact angles, and contact lines are not mathemati-
cally sharp but physically diffuse and irregular on the molecular
scale. Therefore, we note that, in the distant future, the molecu-
lar details of these concepts will be completely addressed using
computer simulation. Nevertheless, we successfully focus now
and herein on a relatively simple model of interfacial dynamics
to obtain a better understanding of the effects of both intermo-
lecular forces and temperature on the rewetting of a hot surface
by a completely wetting fluid.

Previously, the rewetting of a superheated surface was ex-
plained using models based on conduction controlled heat trans-
fer. Conduction through the solid is balanced by a heat sink in
the contact line region, which is the three-phase junction region
where the vapor, liquid, and solid substrate (as modified by the
vapor) meet. In this region, the removal of excess heat from
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the solid conditions the surface for rewetting. Previous research-
ers used one-dimensional and two-dimensional conduction
models for rewetting at high temperatures with various evapora-
tive heat transfer coefficients and different values for the contact
line temperature to predict the velocity of rewetting (e.g., Ya-
manouchi, 1968; Thompson, 1972; Duffey and Porthouse, 1973;
Blair, 1975; Dua and Tien, 1976; Elias and Yadigaroglu, 1977;
Linehan et al., 1979; Olek et al., 1988; Peng et al., 1992),
Recently, Anderson and Davis (1993) discussed the details of
thermocapillary fluid motion in the contact line region of
spreading volatile droplets on a heated surface.

In a series of change-of-phase heat transfer papers emphasiz-
ing interfacial phenomena in evaporating thin films and rewet-
ting, Wayner and co-workers (e.g., Potash and Wayner, 1972;
Wayner et al., 1976; Wayner, 1982, 1994; and DasGupta et al.,
1994) addressed the coupling of interfacial phenomena and
temperature near the contact line in a unique way. These studies
used several results on adsorption from the Russian School
(Derjaguin et al., 1987). The significance of these studies is that
they demonstrated that the effects of temperature and interfacial
forces on the vapor pressure can be easily combined to obtain
useful models. In particular, the local variation of the surface
temperature, heat flux, stress, and film shape can be predicted
in the contact line region. In essence, a better phenomenological
description of the transport processes was obtained using these
models. In a related study emphasizing conduction and interfa-
cial phenomena, Stephan and Busse (1992) evaluated the
steady-state two-dimensional temperature field associated with
an evaporating meniscus in a groove. Stephan and Hammer
(1994) used similar models in nucleate boiling. Dhir and co-
workers developed a time and area-averaged model for fully
developed nucleate boiling. The boiling process is conceptual-
ized into three regions: thermal layer, intermediate region, and
vapor flow dynamics dominated region (Dhir and Liaw, 1989).
The thermal layer is modeled as an evaporating extended menis-
cus (or contact line region) that provides most of the evapora-
tion near the nucleation site (Lay and Dhir, 1994). In another
closely related study, Unal et al. (1992) have used the hypothe-
sis that connects the critical heat flux (CHF) with the rewetting
of hot surfaces. The importance of the liquid staying in contact
with the superheated solid was discussed. Although these papers
model change-of-phase heat transfer in the wetting front, they
do not address the large effects that interfacial phenomena have
on the rewetting process.
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Herein, we extend the use of a model of forced spreading,
which was previously used by Wayner (1994) to predict the
superheat at CHF and the isothermal spreading velocity. This
model of the nonequilibrium film thickness profile is based on
the Gibbs—Duhem equation, which describes the effects of the
normal stress field (Kelvin effect) and the temperature field
(Clapeyron effect) on the equilibrium vapor pressure: In a com-
pletely wetting system at equilibrium, the vapor pressure de-
crease due to a change in the normal stress field resulting from
positive capillarity (curvature effect) and the close proximity
of the solid substrate (thickness effect) is offset/enhanced by
a vapor pressure change due to an increase/decrease in the
temperature. The intermolecular force effect due to the film
profile can be modified by an imposed temperature field that
can either increase or decrease the vapor pressure and thereby
result in either evaporation/condensation. Briefly, for rewetting,
a forced increase in the apparent contact angle leads to conden-
sation because of a curvature increase near the contact line
and, thereby, contact line motion. We find that the predicted
macroscopic rewetting velocities can be compared successfully
with experimental results available in the literature ( Simopoulos
et al., 1979) for the forced spreading of F113 (CCl,F-CCIF,)
on heated stainless steel when the substrate superheat is below
a critical value. Previously, Segev and Bankoff (1980) assumed
that the minimum film boiling temperature was the temperature
at which only a monolayer exists. We find that we can relate
the range of applicability of our adsorption model to this mini-
mum film boiling critical temperature.

Three-Region Model

To describe the rewetting process for a completely wetting
fluid on a heated surface, we propose the three-region model
for the small contact line region presented in Fig. 1. The use
of the Kelvin--Clapeyron equation in Region 1I to model the
rewetting of a hot surface by the process of condensation is
new to this field. The average liquid profile presented in Fig.
1 represents the physically indistinct contact line region, which
fluctuates at the molecular level and which can vary spatially
in the *‘z’" direction; although we do not know the size of these
variations, we expect that they are small. The system is modeled
as a solid substrate with an ultrathin liquid film with an average

Nomenclature
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Fig. 1 The rewetting front and schematic of the three region model for
a completely wetting fluid rewetting a superheated substrate

(with respect to z, perpendicular to the plane of the page)
thickness, &(x), which varies in the flow direction. The average
temperature, superheat, and interfacial force also vary in the
flow direction. The characteristic length in Fig. 1, §,, which
represents the average adsorbed film thickness at the tri-junction
of the vapor, the condensing (and/or evaporating) thin film
(Region II), and the equilibrium (for mass transfer) portion of
the adsorbed thin film on a solid substrate (Region I) is a
function of the local temperature, the local superheat, and the
intermolecular force field (as described by Eq. (13) below). In
previous papers, §, was also called the interline, which is more

A = Hamaker constant
A = modified Hamaker constant =
Al(67)
a, = defined by Eq. (8)
b = defined by Eq. (17)
¢ = change in stress, defined in Egs.
(15) and (17)
C = specific heat
C, = constant (ideal evaporation coeffi-
cient)
D = molecular cutoff distance, Eq. (14)
h = heat of vaporization, heat transfer
coefficient
IP = intersection points in Fig. (7)
K = curvature
k = thermal conductivity
M = molecular weight
m = interfacial mass flux
P = pressure
q" = heat flux
R = gas constant
r = radius
T = temperature
t = time
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U = rewetting velocity

x = parallel to flow direction

y = superheat

[ = constant in Eq. (18)

A7 = dimensionless temperature differ-

ence, Eq. (9)

§ = liquid film thickness

X\ = wall thickness

¢ = dimensionless chemical potential,
Eq. (7)

n = /6, = dimensionless film thick-
ness

£ = x/6, = dimensionless position

I1 = disjoining pressure

o = surface free energy per unit area

@ = local apparent contact angle

p = fluid density

¢y = dimensionless curvature, Eq. (11)

) = dimensionless vapor pressure. dif-
ference, Eq. (5)

Subscripts and Superscripts

¢ = thermodynamic critical point
CL = contact line

CT = critical transition in the boiling

curve
CHF = critical heat flux
d = dynamic

J = junction (see Fig. 1)
i = initial condition, average film
KC = Kelvin—Clapeyron model
I = liquid
M = molar
m = unit mass
max = maximum value
¢ = contact line
r = reference

s = solid
sat = equilibrium saturation
t = time
v = vapor
" = derivative
n = at thickness n
W = wall
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specific than the term ‘‘contact line.”’ Herein, both contact line
and interline are used for §,. The thickness, §,, can (but does
not have to) be of the order of a monolayer or less and can be
discontinuous while filling in ‘‘depressions’ on a ‘‘rough”
surface. At the other extreme, for a large volume of a completely
wetting liquid under isothermal conditions, 6, would be the
uniform thickness of the liquid. '

Although Region I is viewed as being at equilibrium for mass
transfer in the model, in reality a small amount of condensation
does occur for physical consistency in this region of extremely
small slope during rewetting. For a completely wetting fluid,
the decrease in vapor pressure due to the adsorption (adhesion)
of the liquid on the solid at the interline completely offsets
the increase in vapor pressure due to superheat. Below, the
temperature and the Hamaker constant, which characterizes the
relative effects of cohesion and adhesion, are used to evaluate
the thickness of the adsorbed film at 6,.

In Region II, which is called the Kelvin—-Clapeyron (KC)
region, the normal stress field is kept constant by a change in
both thickness and curvature whereas the temperature decreases
with an increase in thickness. Therefore, condensation due to
the interfacial forces, which produces rewetting of the heated
surface, occurs in this extremely short region. This region re-
moves the large resistance to movement normally associated
with displacement at the contact line. We can further assume
that a recirculating heat flow occurs in an extremely small re-
gion: In the immediately adjacent small region, which is the
start of Region IlI, net evaporation removes the heat of conden-
sation from the KC region. The film thickness at the junction
of Regions II and III is &;. Conceptually, we could say that the
usual dynamic equilibrium process at the liquid—vapor interface
is replaced by an evaporation—condensation process in which
some of the molecules rotate around the junction of Regions II
and III. The details of this molecular process are not addressed
herein. ¢

In Region I1I of the liquid, which is not analyzed, evaporation
occurs over a large area because the superheat is still large but
the intermolecular force field is reduced to that of a bulk liquid
as a result of an increase in thickness and a decrease in curva-
ture. For the substrate, a one-dimensional conduction model
discussed below describes the decrease in the substrate tempera-
ture as the fluid rewets the surface.

The relative effects of intermolecular forces (which depend
on the film thickness profile) and temperature on the vapor
pressure produce this consistent picture of the dynamic transport
processes with high heat fluxes in the interline region. The
molecular averaging process normally associated with a contin-
uum approach can be viewed as occurring along the interline,
We feel that the apparent liberties associated with this quasi-
thermodynamic kinetic model are acceptable because the results
and equations agree with macroscopic experimental observa-
tions and rational extrapolations of these to the microscopic
scale. We propose that the numerical results presented below
significantly enhance the understanding of the phase change
phenomena occurring in the contact line region and thereby
allow the detailed evaluation of transport processes.

Theoretical

In the extremely small Kelvin—Clapeyron region depicted in
Fig. 1, we assume that the curved thin film grows solely by
condensation. In this constant stress region, the net relative
motion of the liquid molecules is assumed negligible. However,
due to condensation, there is a uniform velocity of the liquid—
vapor interface that preserves the shape of the rewetting fluid
in the contact line region. In Region III, which is very large
compared to Region II, fluid flows, as a result of an external
force, toward the liquid—vapor interface where it evaporates
due to conduction from the superheated substrate. This flow
also causes an increase in the film thickness at the junction of
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Regions II and III, which gives an increase in film curvature in
Region II. However, the details of the flow field in Region III,
e.g., the transition region from condensation to evaporation, are
of secondary importance. Therefore, we assume that steady-
state condensation in the translating KC region controls the
rewetting velocity. The small heat flow rate (extremely large
flux due to dimensions ) of condensation in Region I is removed
by evaporation in the initial portion of Region IIL

Rewetting Velocity. The velocity due to phase change in
Region II can be obtained from the condensation rate and thick-
ness profile using the following procedure for a shape-preserv-
ing profile (Wayner, 1994). Since the average film profile is a
function of time and position, §(x, ¢), the film velocity, U, at
a particular film thickness is

(%)
ot /),

Using Egs. (1) and (2) for a condensation process that is per-
pendicular to the liquid—vapor interface gives Eq. (3) for the

velocity:
a6 ;
(a) -2 cos B4
__P

1
= 2
(gg) tan 6, =
ox/,
" 2
i = q'. cos*® 8, (3)

iy sin Gy,

In Egs. (2) and (3), the local dynamic angle, which is a function
of the dimensionless thickness, n = §/6,, is 8, = arctan &', i
is the interfacial mass flux, and ¢/ is the condensation heat flux
at the liquid—vapor interface. Since the velocity of the interface
is a constant, the heat flux perpendicular to the liquid—vapor
interface is a function of the profile (local angle of the tangent,
e. g, qi — 0 as 64 — 0) and superheat. The temperature and )
thickness profiles give the necessary vapor pressure field at the
liquid—vapor interface. The variation in liquid superheat is a
result of the coupling between the temperature fields in the
substrate and liquid.

Kinetic Theory Interfacial Heat Flux. Using kinetic the-
ory, the net interfacial heat flux for a flat surface due to conden-
sation or evaporation can be obtained using (Schrage, 1953)

0.5
q,l,u = ClPuhlum = - PU
ZWRT;U P.,

in which Py, is the vapor pressure of the liquid film at the liquid—
vapor interface and P, is the pressure in the vapor a short
distance away. Schrage (1953) and Carey (1992) discussed the
limitations associated with Eq. (4). In our case, P, is the refer-
ence equilibrium vapor pressure of the bulk liquid at 7. For
the curved thin film, the vapor pressure difference is a function
of the temperature profile and the intermolecular force field
which is a function of the thickness profile. Due to various local
effects (like microconvection, conduction, etc.) the theoretical
ideal limit of Eq. (4), which is extremely large with C, = 2,
has not been attained in boiling (see, ¢.g., Gambill and Lienhard,
1987, and Carey, 1992). Therefore, we will use in our numerical
calculations the following upper limit for the maximum achiev-
able value of the vapor pressure difference at n = n;:

(4
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Based on the results of Gambill and Lienhard (1987), we will
assume that (C;Q..) = —0.1. However, we note that the exact
value of this upper limit is an unknown,

Kelvin—Clapeyron Model for Vapor Pressure Difference.
Using the Gibbs—Duhem, Kelvin, and Clapeyron equations,
Wayner (e.g., 1994) obtained the following model for the ef-
fects of temperature (Clapeyron effect) and van der Waals inter-
molecular forces (Kelvin effect) on the change in the dimen-
sioriless chemical potential, ¢, at the liquid—vapor interface:

6=Ar+¢—— (6)
b’

The dimensionless chemical potential, ¢, is related to the vapor
pressure difference in Eq. (4) by

¢=a11n(1+P’"‘P“) (7)
PU
RT,0,
e P 1y (8)
Tiy
The dimensionless superheat is
A w el r . 75 ©)

Tply

The dimensionless thickness, i, and dimensionless curvature,
s, are

§
n=i (10)
B -l-d_?l 2)‘-|5d_2n
¢_(1+(d£) = (11)
with
¢€=x/6, and b= 0,6LA (12)

Characteristic Thickness, 8,. The value of the characteris-
tic thickness, which is the thickness of the adsorbed film at the
junction of Regions I and II, is obtained from Eq. (6) with Az
= At,, ¢ = 0 (for equilibrium, P, = P,), ¢ = ¢, = 0 (for a
flat completely wetting liquid) and n = 1:

- AT,

1/3
bp= | ————— 13
(pﬁvr!hfum( T!u - Tu)o) ( }

In Eq. (13), the intermolecular force field is represented by the
modified Hamaker constant, A. In the numerical calculations
presented below, the value of the superheat at the interline
(contact line, CL) is AT¢, = (T — T,),. Due to the thinness
of the liquid film, the solid surface and liquid temperatures are
equal in Regions I and II: Ty(x, 0) = T)(x, 0) = Ti(x, 6).

Value of the Modified Hamaker Constant, A. It is possi-
ble to calculate the theoretical value of the modified Hamaker
constant for an ideal surface using the frequency-dependent
dielectric properties of the liquid and solid (e.g., Truong and
Wayner, 1987). However, for real engineering systems, we find
it useful (more direct and possibly more accurate) to use the
following approximate equation for apolar fluids, which relates
the modified Hamaker constant to the interfacial free energies
of the solid, o, and liquid, oy.
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A_ = 4D2(U§,. - \‘J:Jo'fu)

For completely wetting systems (a, > 03,), this sign convention
gives A < 0. The value of the cutoff separation distance is
usually taken to be D = 0.165 nm (Israelachvili, 1992).

Thickness Profile in Region II. Following Wayner
(1994), we use a constant stress model for the intermolecular
force field portion of Eq. (6) in Region 1I:

1
- i
The constant stress approximation, ¢, allows Eq. (15) to be
easily integrated. Using the contact angle, f,, = 0 at n = 1 for
the boundary condition, Eq. (16) is obtained for the ‘‘profile’’
of the thin film:

(14)

(15)

1

cosﬂ,,,,,=|—-—(]—-7}13)+c(l—n}

2b (15)

The subscript ““dn’’ refers to the dynamic value of the arctan
&' at n. Using Egs. (15) and (12) with ¢y = O at = 1 gives

(17)

Therefore, knowing the values of o, T,, and (T}, — T.),, the
profile of the thin film can be obtained from Egs. (13), (14),
(16), (17). Physically, we find that the change in the intermo-
lecular force field associated with the profile change given by
¢ > 0 lowers the vapor pressure in Region II. However, the
varying value of the superheat gives a varying rate of condensa-
tion and the rewetting velocity described by Egs. (3), (4), (6),
(16), and (17). In a later section, the value of the superheat at
the contact line is related to the experimentally measured value
of the superheat for the forced spreading of F113 on heated
stainless steel. First, we present some theoretical calculations
that demonstrate the sensitivity of the equations given above.
However, the selected physical values and temperatures are
directly related to the experimental system discussed later.

Numerical Values of A and 8,. Using Eqs. (13) and (14),
the values of A and §, can be calculated as a function of (T, —
T.,). if T,, and o, are known. Although the value of the interfa-
cial free energy of the experimental substrate is usually not
measured in heat transfer studies, we presume that its value for
the stainless steel discussed below is approximately o, = 30
mlJ/m? for the following reasons. First, we presume that the
stainless steel substrate has a surface composed of a few mono-
layers of oxide slightly contaminated with bonded water. The
surface chemistry of such a stainless steel surface was recently
discussed by Mantel and Wightman (1994). Second, in our
own laboratory studies of phase-change heat transfer on cleaned
silicon substrates, we usually find a surface energy of approxi-
mately this magnitude for the same reason (DasGupta et al.,
1994), This leads us to presume that most high-energy metal
substrates used in heat transfer are at least slightly oxidized
with some bonded water and/or covered with adsorbed low-
energy organic contaminants. Therefore, these surfaces usually
have moderate surface energies. Finally, a higher value of the
surface energy would not alter the primary conclusion of this
study: that adsorption controls the rewetting of a superheated
substrate at superheats below a critical transition value. In Fig,
2 the values of 8, and A obtained using Eqgs. (13) and (14) are
presented as a function of superheat for two values of the sub-
strate surface energy for the F113/stainless steel system. The
lower value, o, = 30 mJ/m?, reflects the normal condition of
a metallic surface with an adsorbed layer of contaminants (Man-
tel and Wightman, 1994). Therefore, the lower value of o, is
more appropriate and is used below.
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In Fig. 3, Eq. (13) is presented for various values of (7, —
Ty Tuy A = f(Ty,) for o, = 30 m)/m?; o), = 54.114-0.1186
T, (Perry and Chilton, 1973) gives o, = 19.36 mN/m at 293
K. We find that reasonable values for the temperature, intermo-
lecular forces, and superheat give adsorption thicknesses for
the thin film that are physically meaningful for describing the
rewetting experimental data presented below.

The Extended Meniscus ‘“Profile’’

Equation (16) represents the needed “‘profile’’ of the ex-
tended meniscus in terms of the cos 8, where 8,,(h) = arctan
6'. Equation (16) is presented in Fig. 4 for various values of
the constant ¢ obtained using Eqs. (13), (14), and (17). In
Fig. 5, 6(x) profiles are presented. We find that significant
changes in the profile can occur with reasonable values of ¢
and AT, which thereby cause condensation and rewetting to
occur.

Effect of P on Experimental Data

Reyes and Wayner (1995b) used the Kelvin—Clapeyron
model to analyze the rewetting data of Simopoulos et al. (1979)

10 N——— y
ol
8-
g 7t J
)
< 6
= 6
1
5F i
4- o
a-
2 n i n . L i N i M
330 340 350 360 370 380 390 400 410 420 430

Ta K

Fig. 3 Effectof T, (T, — T,),, and A on interline thickness &, obtained
using Eq. (13) and Table 1 for o, = 30 mJ/m?
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Fig. 4 Cos (arctan §') versus n at Pi™ = 4.46 bar for various values of
c obtained using Eq. (16)

at one saturation pressure: P;" = 4.46 bar. Keeping in mind
that surface characteristics were not determined in the original
experimental study, we now need to develop a consistent
method, which includes interfacial concepts, whereby the data
for various saturated pressures can be evaluated. The results
presented above and those of Reyes and Wayner (1995a) and
Wayner (1994) indicate that the superheat at a *‘critical transi-
tion’" in the boiling curve, (AT )¢y, is indicative of the surface
characteristics. Whether this critical superheat is the one at the
Leidenfrost conditions or DNB conditions is not resolved
herein. However, the temperature at the Leidenfrost conditions
calculated using Speigler’s criterion (Speigler et al., 1963), Ter
= (27/32) T, was used herein to obtain the approximate value
for the critical conditions at one pressure. Then the following
criterion, which was developed by Reyes and Wayner (1995a)
for the superheat at DNB, was used to calculate that superheat
at different saturation pressures:

hl’uﬂf&f( Ty = Tb)o _ _Ei e — ;8
T,o4’ & -A “

where the constant B¢ is evaluated at one value of Pi". To be

(18)

% 2 4 ] 8 1Lc, 12 14 18 18 20

Xx10m
Fig. § Meniscus thickness profiles, §(x), for various values of ¢ at P!™

= 4,46 bar: (a) c = 0.520 for AT = 20 K; (b) c = 0.780 for AT = 30 K; (c)
c=1114 for AT = 40K
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consistent with Speigler’s development, the reported data at the
lowest value of the saturation pressure were used to characterize
the surface conditions. The iterative procedure to obtain the
results presented in Table 1 is described in the section on Nu-
merical Results presented below. In essence, the datum at P™
= 1.70 bar (AT = 77.6 K) was used to obtain the value of
Ber and then Eq. (18) was used to obtain the other values in
Table 1. Assuming that (8,,)cr = 90 deg, the values of 7, at
each P" were obtained from Eq. (16).

Substrate Temperature: Regions I and III. The tempera-
ture field in the substrate can be divided into three regions: (I)
the superheated region ahead of the contact line where the heat
flux is relatively small when sputtering in the thicker region is
absent or small; (II) the extremely short KC region where the
net heat flow rate to the substrate is small even though the heat
fluxes are large; (III) a relatively long region where a large
amount of net evaporation occurs and the substrate temperature
decreases to the saturation value. If substantial sputtering occurs
in Region III, the heat flux in Region I would be large due to
droplets depositing on the substrate. A complete model of the
wetting front requires the two-dimensional temperature profile
in the substrate and liquid. However, to avoid additional com-
plexities in this analysis and to focus on the KC model, the
classical one-dimensional analysis for rewetting of a super-
heated substrate is adapted to obtain an estimate of the relative
size of the temperature changes in Regions I and [I1. The liquid-
vapor interfacial temperature profile in Region II discussed
above is not addressed in this portion of the modeling.

We note the following assumptions that satisfy the experi-
mental conditions of the data (Simopoulos et al., 1979), which
are used below to evaluate the model;

e The advancing interface moves at a constant velocity, U,
as depicted in Fig. 1.

* Liquid and vapor enter the test chamber at saturation con-
ditions. The bulk liquid and the bulk vapor remain at
saturated conditions during the experiments.

* The velocity of displacement is independent of the liquid
flow for low draining rates (experimental observation).

* The temperature distributions in the solid and in the liquid
are invariant with respect to the rewetting front.

e The overall evaporative heat transfer coefficient is approx-
imately constant for the wetted region.

e The dry region ahead of the rewetting front is approxi-
mately adiabatic.

* The heat source in the solid is negligible because the
power supply was shut down at the beginning of each
experiment.

Considering these assumptions, the one-dimensional Fourier
heat conduction equation for the solid is (see, e.g., Yamanouchi,
1968; Thompson, 1972)

2
kwd—yz _ pw(,'.,.U—d—Y—i Y =0
dx dx M\

W

(19)

Table 1 ATcr and Adsorption parameters at the contact line for ¢y =
9.285 x 10" J°5%: 4, ¢, n.

PSAT,bar ATer, K .1x10%2,J © !

1.70 77.6 7.882 1.894 1.8876
239 70.0 7.734 1.882 1.8916
3.08 63.6 7.587 1.870 1.8955
3.77 58.6 7.455 1.859 1.8992
4.46 53.7 7.313 1.847 1.9033
5.15 495 7179 1.836 1.9072

P.=34.38 T.=487.4
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X, mm

Fig. 6 Substrate temperature profile in Regions I and Ill based on Eq.
(26) for P** = 4.46 bar , T*" = 374 K, T, = 414 K, Te, = 410.9

with

Y =17,—-T¢

h = constant, for the wet side, and
h = 0, for the dry side

and the boundary conditions,
Y(0)=0, Y(-»)=T,—-T"=Y,
Y(07) =T = T™ =Yg,
Y(0') =T — T — ATk (20)

The temperature distribution has a relatively small discontinu-
ity, ATxc, in Region II at x = 0, which is of molecular dimen-
sions. This change in temperature comes from the change in
the chemical potential addressed by the KC model in the liquid
and does not affect the one-dimensional analysis. If the sum of
the last two terms in Eq. (6) is a constant, A7 varies with &,
which, in turn, varies because of the constant velocity in Eq.
(3) (see, e.g., Wayner, 1994), An additional restriction on the
temperature profile is

day ay

£l =Z 21
dx x=0" dx x=0" ( )

that describes the continuity in the substrate heat flux since

there is no net loss from the substrate at the contact line, The

relatively small heat of condensation in Region II is removed

in a small adjacent portion of Region III as heat of vaporization.
The resulting temperature distribution in the solid is

Y= (Yo — ATkc)

PuCAU = V(p, CAU)? + 4k N b
2k, N\,

X exp( I) (22)

for the wet region, x = 0, and

pwCulUx

Y= Y; +(ch__ Y;}exp( ) ¥ x<0 {23)

W

for the dry region. A representative profile in the macroscopic
region represented by this model is presented in Fig. 6. As
described by the KC model, in a microscopic region near the
liquid—solid interface, an average temperature jump, ATy =
1.8 K occurs over a distance of 1.07 nm for this case.
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Fig.7 Comparison of Kelvin-Clapeyron model (n; = 1.9033) with experi-
mental data of Simopoulos et al. (1979): ( ) regression analysis for
high superheats, (+) experimental data for P:* = 4.46 bar, T?™ = 374 K;
(8) og = 20 md/m?, (b) ose = 30 md/m?, () o,, = 40 md/m?

For one of the experimental system studied (P;* = 4.46 bar,
Biot number = 5), we find that the values of ¥; and ¥, are
approximately related by the linear correlation

Y, = 1.529Y, - 1792 (¥, = 34 K)
Yi=Yqy (¥, <34K)

To discuss this result, we note that Duffey and Porthouse
(1973) obtained one-dimensional and two-dimensional analyti-
cal solutions for the quenching of a superheated rod. Their
analysis, which covers a large range of Biot numbers, demon-
strated that at high superheats the rewetting of the solid is
represented by the coupled equations of heat diffusion within
the surface and boiling heat transfer. Blair (1975) obtained
similar results using a two-dimensional model. In order to evalu-
ate Eq. (24), we use the results of their two-dimensional solu-
tion, and find that the average Y (experimental) in the range 0
< Y¥; < 60 K is given by

Yl = I.23Y(_‘L

(24)

(25)

Although Eq. (25) was derived for high superheats, it provides
values of Y¢, close to those provided by Eq. (24) in the same
range of initial solid’s superheat.

Numerical Results and Discussion

The following procedures were used to compare the Kelvin—
Clapeyron model predictions with experimental data provided
by Simopoulos et al. (1979) for the inverse velocities of rewet-
ting, U, of F-113 on stainless steel at various saturation pres-
sures. Using Eqgs. (21)-(23), the following equation relates
the value of the measured initial wall temperature, T,,, to the
value of the contact line temperature, T, = T,, and other vari-
ables:

ky
FA————— (T{,‘z‘_ = ATKC)

Tm' =T +
# prwqup

% (J4kth e ()OwCw?‘-wbrt:xp)2 - pr\vherxp) (26)
2k N,

The values of the experimental variables in Eq. (26) from
Simopoulos et al. (1979) are: p, = 8027 kg/m?3; \,, = (r? —
ri)2r,; C, = 5024 J/kg K; k, = 16.3 W/mK: r, = 0.015785
m; A = 923500 P*®/(T,; — Tipy); r; = 0.012155 m. In Eq.
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(26), we have modified the classical one-dimensional conduc-
tion solution by introducing hA(P*™, T,,), which leads to a better
prediction of T,,;. The value of ATye = [T (n =1) — T\, (7
= n;)] and T¢,, are determined using the KC model. An example
of the temperature profile based on Eq. (26) around the contact
line region is given in Fig. 6.

Using the KC model, the predicted rewetting velocity was
calculated as a function of (¢, — T,) as follows. Initially, an
estimated value for AT,y was picked for a given datum P, =
P3". Then, AT (P;") for the other saturation pressures were
calculated using Eq. (18). The values of 6,, A, and ¢ are then
obtained from Egs. (13), (14) and (17). The value 7, was
obtained using f,, — 90 deg in Eq. (16) at (AT ) and kept
constant for each value of P**. The values of #,, are then
obtained from Eq. (16) at = x; for other values of ‘“‘¢”
(which is a function of the superheat) for each value of P™
while keeping 7, = const. This allows the rewetting velocity to
vary with a change in 6, at ;. The heat flux was then calculated
using these values in Egs. (4), (6), and (7), while keeping the
restriction on the maximum value of heat flux given by Eq.
(5). Using the heat flux and the angle, Eq. (3) gives the value
of the rewetting velocity. In order to obtain consistent results
for P* = 4.46 bar (presented in Fig. 7) and other values of
the saturation pressure (presented in Fig. 8), which we believe
successfully model the physical process of rewetting, we found
it necessary to iterate on the value of AT¢r picked for the datum
P, = P}* and finally select the values listed in Table 1. The
most important criterion used in this selection was fitting the
curves to the data at all six values of P5".

In Fig. 7, the experimental data and four lines are presented:
the straight line of Simopoulos et al. (1979) and three curves
representing the KC model for three different values of the
substrate surface free energy. In order to compare the two re-
sults, four interception points are designated. We find that the
model fits these data fairly well up to approximately interception
point IP3, IP4 represents the critical conditions in this model
where #,, = 90 deg and U — 0. The difference between the
temperatures at IP3 and IP4 is not large. Therefore, we conclude
that this model successfully predicted the effect of substrate
superheat on the rewetting velocity below a critical transition
superheat. Since Simopoulos et al. were more concerned with
the data at superheats higher than IP3, they focused on the linear
model represented by IP1 and neglected the curvature in their
data below IP3. As discussed by Peng et al. (1992), the time
for thermal conditioning increases substantially at low rewetting
velocities. This is probably associated with dewetting at the

450 r . "
P, (bar) :
(a) 1.70 (b) 2.39 (c) 3.08

400}

sa0k
(d) 3.77 (e) 4.46 () 5.15
300t
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Fig. 8 Comparison of Kelvin-Clapeyron model for various saturation
pressures with experimental data represented by straight lines P;* (bar):
(a) 1.70; (b) 2.39; (c) 3.08; (d) 3.77; (e) 4.46; and (f) 5.15
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contact line, which occurs when 6, — 90 deg in the model,
Therefore, in the region above IP3 or P4, a different model is
needed.

The rewetting velocity was also calculated for the other val-
ues of the saturation pressure presented in Table 1. These results
are presented in Fig. 8. Except for P* = 3.08 and 4.46 bars,
only the presented straight lines without the data points were
given in the literature. The lowest saturation pressure experi-
mentally studied was P* = 1,70 bar. At this pressure, the model
predicts that the temperature at IP4 is Tor = 414.8 K. This
compares with Speigler’s criterion of T = 411.2 K. As ex-
pected (see e.g., Reyes and Wayner, 1995a), the values of AT
at IP4 presented in Table 1 decrease with an increase in satura-
tion pressure.

In addition, examples of the heat flux profile and temperature
profile in the contact line region obtained using Eqgs. (3) and
(6) are presented in Fig. 9, The variation of the apparent contact
angle, 8,,, at n; with contact line temperature is presented in
Fig. 10. We find that an increase in 8,,, at the junction of
Regions II and II1, 7;, is associated with an increase in curvature
but a decrease in the rewetting velocity. This counterintuitive
result occurs because the effect of the increases in the curvature
and thickness on the vapor pressure is more than offset by the
superheat effect.

The relative size of the various temperatures changes can be
obtained by combining the results presented in Figs. (6) and
(9). We find that the results presented in Fig. 6 from the classi-
cal one-dimensional modeling of the substrate are consistent
with the results obtained from the KC model. The successful
coupling of these two results through the use of Eq. (26) to
describe experimental data demonstrates at least the efficacy of
the KC model. We also find that all aspects of the modeling
results are consistent with expectations based on past research.

Conclusions

1 A Kelvin—Clapeyron model for the spreading dynamics of
a completely wetting fluid on a heated solid substrate was
developed.

2 A critical superheat can be used to characterize the unknown
surface conditions.

3 Using reasonable values for the interfacial forces, the model
successfully predicted the effect of substrate superheat on
the rewetting velocity of R113 on stainless steel at super-
heats below a critical superheat.

4 Because of adsorption, the velocity of rewetting decreases
with an increase in the substrate superheat.
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Fig.® Temperature distribution and condensation heat flux distribution
in the contact line region based on the Kelvin-Clapeyron model: P, =
4.46 bar, T, = 374 K, o4, = 30 mJ/m?, ;= 1.9033, T,,, - T** = 40 K, U
= 0.019 m/s
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Fig. 10 Variation of apparent contact angle at the junction of Regions
1l and Ill, n;, for P, = 4.46 bar and o,, = 30 mJ/m?

5 Because of adsorption, which is a function of the substrate
superheat, the velocity of rewetting decreases with an in-
crease in the apparent contact angle.

6 Both adsorption in the contact line region and conduction
in the substrate control the rewetting of a superheated sur-
face by a completely wetting liquid at superheats below a
critical heat flux,
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The Effect of the Thermal
Boundary Condition on Transient
Method Heat Transfer
Measurements on a Flat Plate
With a Laminar Boundary Layer

The heat transfer coefficient distribution on a flat plate with a laminar boundary
layer is investigated for the case of a transient thermal boundary condition ( such as
that produced with the transient measurement method). The conjugate problem of
boundary layer convection with simultaneous wall conduction is solved numerically,
and the predicted transient local heat transfer coefficients at several locations are
determined. The numerical solutions for the surface temperature are used to determine
the Nusselt number that would be measured in a transient method experiment for a
range of (nondimensionalized) surface measurement temperatures (liquid crystal
temperatures when they are used as the surface sensor). These predicted transient
method results are compared to the well-known results for uniform temperature and
uniform heat flux thermal boundary conditions. Measurements are made and com-
pared to the numerical predictions using a shroud ( transient ) experimental technique
for a range of nondimensional surface temperatures. The numerical predictions and
measurements compare well and both demonstrate the strong effect of the ( nondimen-
sional) surface temperature on transient method measurements. Transient method
measurements will give heat transfer coefficients that range from as low as that of
the uniform temperature case to higher than that of the uniform heat flux case (a 36
percent difference). These results demonstrate the importance of the temperatures
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used with the transient method.

Introduction

Many different experimental methods are used to measure
local heat transfer. These methods can be categorized by the
thermal boundary condition produced during the measurements,
There are three commonly used conditions: uniform tempera-
ture, uniform heat flux, and transient conditions. The thermal
boundary condition influences the measurement and for the
same geometry and flow conditions different thermal boundary
conditions may give significantly different results for the heat
transfer measurement. For a laminar flat plate boundary layer
it is known from theory that the local heat transfer for uniform
heat flux boundary conditions is 36 percent higher than that for
uniform temperature boundary conditions. The extent of the
effect of the transient wall temperature associated with transient
methods is unknown. Transient heat transfer measurement
methods produce unsteady thermal boundary conditions since
each location of the surface changes temperature at a different
rate (dependent on the local heat transfer coefficient). It would
be expected that an unsteady and nonuniform temperature plate
(which exists when using the transient method) would yield
different results than either the uniform wall temperature case
or the uniform heat flux case. The heat transfer during a transient
will depend on the temperature gradients along the wall and on
the time for the transient to take place.

Sugawara et al. (1988) used a transient technique for measur-
ing flat plate heat transfer. They measured heat transfer levels

Contributed by the Heat Transfer Division for publication in the JOURNAL OF
HeaT TramsFer. Manuscript received by the Heat Transfer Division May 29,
1995; revision received May 16, 1996. Keywords: Forced Convection, Measure-
ment Techniques, Transient and Unsteady Heal Transfer. Associate Technical
Editor: B. W. Webb.
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44 percent higher than that of other reported measurements or
that predicted by theory for the case of a uniform temperature.
The results presented in the present work suggest that the results
of Sugawara et al. (1988) were influenced by the thermal
boundary condition associated with the transient test technique
they used.

O’Brien et al. (1986) compared measurements from uniform
temperature, uniform heat flux, and transient methods on the
leading edge of a cylinder in crossflow. At 80 deg from the
stagnation point, they found a significant difference between
the results. The transient measurements were only extended to
60 deg. The uniform wall temperature boundary condition was
also compared to a uniform heat flux on a cylinder in crossflow
by Baughn and Saniei (1991). They found the results to be the
same at the stagnation point, followed by an increasing heat
transfer rate for the uniform heat flux case relative to the uni-
form temperature case as the position increases downstream
from the stagnation point (becoming nearly twice the heat trans-
fer rate for the uniform heat flux case relative to the uniform
temperature case at the separation point). Their results suggest
that the greatest difference between measurements that use dif-
ferent thermal boundary conditions will occur in regions where
the heat transfer coefficient exhibits large gradients.

Kim et al. (1993) showed, using numerical calculations, that
impinging jet local heat transfer is independent of the thermal
boundary condition within 2.5 diameters of the jet.

For flat plate turbulent flow, theory predicts that the heat
transfer rate for the uniform heat flux conditions is only 4 per-
cent larger than the uniform temperature boundary condition
and it has generally been assumed that transient methods will
give nearly the same result. Taylor et al. (1989 ) experimentally
investigated the turbulent boundary layer with uniform wall
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temperature, uniform heat flux, and linear wall temperature ther-
mal boundary conditions. They found the uniform heat flux
results are on average 4—5 percent higher than the uniform
temperature case, but measured 10— 15 percent differences near
the origin of the boundary layer. Moreover, they found the heat
transfer to be as much as 20 percent lower than the uniform
temperature plate when larger wall temperature gradients were
used (a linear decreasing wall temperature profile). Their re-
sults suggest that thermal boundary conditions may even some-
times be important for the turbulent boundary layer.

The present study investigates the effects of the thermal
boundary condition for transient method heat transfer measure-
ments on a fiat plate with a laminar boundary layer. Numerical
solutions were obtained for the laminar flow boundary layer
over a flat plate with different thermal boundary conditions
(uniform temperature, constant heat flux, and an unsteady wall
temperature used to simulate the transient experimental
method). Experiments were performed using a shroud tech-
nique, which is a transient method. This allowed for a direct
comparison of the heat transfer measurements for the different
thermal boundary conditions associated with different experi-
mental methods.

Theory

The effect of the thermal boundary condition on steady-state
local heat transfer was first understood through analytical solu-
tions. The classical solution for velocity profiles in a laminar
boundary layer solution was done by H. Blasius (1908). Pohl-
hausen (1921 ) furthered this theory by solving the energy equa-
tion for a uniform temperature wall. His result for the local
Nusselt number was:

Nu, = 0.332 vRe, Pr'"? (1)

This solution only applies to a uniform temperature plate and a
specific (broad) range of Prandtl numbers. Baxter and Reynolds
(1958) duplicated this solution and solved the energy equation
using other steady-state thermal boundary conditions. They
showed that the solution for a plate with uniform heat flux is:

Nu, = 0.453 yRe, Pr'? (2)

while the solution for a plate with a linear wall temperature rise
is:

Nu, = 0.535 VRe, Pr'”? (3)

These solutions show that the heat transfer for laminar flow
over a flat plate is dependent on the thermal boundary condition
with significant differences for different conditions. The heat
transfer for the uniform heat flux is 36 percent greater than the
uniform wall temperature solution and the linear temperature
boundary condition is 61 percent greater. It is clear that the heat
transfer coefficient increases as the wall temperature profile
deviates from the uniform temperature condition. The wall tem-
perature distribution is proportional to x'/? for the uniform heat
flux boundary condition and is proportional to x (by definition)
for the linear wall temperature. Therefore, as the wall tempera-

ture deviates further from the uniform temperature condition
(lower upstream temperatures ), the heat transfer becomes larger
than that of the uniform wall temperature case.

The effect of the thermal boundary condition on turbulent
boundary layers was first examined by analytical solutions.
Kays and Crawford (1980) showed the turbulent uniform tem-
perature plate solution to be:

Nu, = 0.0296 Re;*Pr'/* (4)

and the solution for a uniform heat flux boundary condition to
be:

Nu, = 0.0308 Re” Pr'’? (5)

For a turbulent boundary layer, the heat transfer for the uniform
heat flux boundary condition is only 4 percent larger than the
uniform wall temperature. Although it would appear that turbu-
lent boundary layers are not as dependent on the thermal bound-
ary condition as the laminar case, the effect can still be substan-
tial if pressure gradients produce large heat transfer and wall
temperature gradients. For flat plate turbulent boundary layers
the wall temperature gradient is more shallow than the laminar
case and it more closely matches a uniform wall temperature.
The heat transfer coefficient is inversely proportional to x'”?
for flat plate turbulent boundary layers. The wall temperature
gradients are larger in laminar boundary layers, where the heat
transfer coefficient is inversely proportional to x'*2. This pro-
duces larger wall temperature gradients for the laminar case
when using uniform heat flux or transient methods, thus increas-
ing the effect of different thermal boundary conditions.

Transient Method for Heat Transfer Measurements

The transient method determines local heat transfer coeffi-
cients by measuring the transient response of a surface tempera-
ture to a change in the fluid temperature. The fluid can be
changed to either a higher or lower temperature than the surface.
Although transient methods for heat transfer measurement have
a long history, only a brief review is included here, The transient
method was used extensively in shock tunnels with resistance
thermometers on ceramic substrates ( Schultz and Jones, 1973).
Some early measurements using thermal paints are reviewed by
Schultz and Jones (1973) and Jones (1977). Clifford et al.
(1983) used phase-change paints on acrylic models to study
heat transfer within gas turbine blade cooling passages and
Metzger and Larson (1986) used melting point coatings to study
heat transfer in rectangular ducts with turns. Ireland and Jones
(1985, 1986), Jones and Hippensteele (1987), Metzger et al.
(1991), and Baughn and Yan (1991a, b) have used liquid crys-
tals for the surface temperature measurement. Liquid crystals
are very suitable to measure the surface temperature transient,
since their response is repeatable and their colors can be easily
recorded with a video system.

The basic principles and further details about the transient
method are available from Ireland and Jones (1985, 1986) and
Ireland (1987). A one-dimensional approximation for the sub-
strate conduction is often used since the surface temperature

Nomenclature
C, = specific heat of substrate
erfc = complementary error function
h = total heat transfer coefficient Pr = Prandtl number

h, = heat transfer coefficient due to ra-
diation
k = thermal conductivity of substrate
Nu, = local Nusselt number
Nu,, = local Nusselt number determined
with the transient method

tance x
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Nu,, = Nu,, corrected to the uniform tem-
perature boundary condition

Re, = Reynolds number based on dis-

t = time from start of transient
T = liquid crystal temperature
T, = initial temperature
T'. = free-stream temperature

T* = nondimensional liquid crystal tem-
perature
x = distance from leading edge of plate
vy = h(tlpCk)'"?
€ = surface emissivity
p = substrate density
o = Stefan—Boltzmann constant
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Tunnel Well

]

Fig. 1 Diagram of experimental apparatus used for the shroud (tran-
sient) technique

response is limited to a thin layer near the surface and lateral
conduction can be shown to be small (Dunne, 1983). The tran-
sient method is compared to the heated-coating method by
Baughn et al. (1989).

There are a variety of techniques used to accomplish the
fluid temperature change relative to the surface. For example,
Clifford et al. (1983), Ireland and Jones (1985, 1986), and
Metzger et al. (1991) all use an ambient temperature sample and
then suddenly raise the temperature of their flow with switching
valves. Jones and Hippensteele (1987) used in-situ heating of
a wind tunnel wall and then initiated the flow using a diverter
door. They also used multiple liquid crystal coatings to reduce
the dependence of the results on the initial wall temperature
distribution. O’Brien et al. (1986) used a preheated cylinder
and suddenly inserted it into place across a channel with an
ambient temperature flow field. Baughn and Yan (1991a) devel-
oped an insertion technique in which a preheated section of
duct is suddenly connected onto another section of duct with
developed flow to study internal heat transfer. Baughn and Yan
(1991b) also describe a preheated wall method for a study of
heat transfer from a surface to an impinging jet.

The technique described in the present study, referred to as
the shroud technique, is a new variation on the transient method
and was developed by Butler and Baughn (1995). In this tech-
nique, a model is preheated inside a removable shroud to a
uniform and constant temperature. To produce the transient, the
model is suddenly exposed to ambient temperature wind tunnel
air by ejecting the shroud. With this technique the model itself
does not move while the flow develops around the model, The
flow development time is generally short compared to the mea-
sured transient. This technique avoids any effects of the motion
of the model, which in other techniques may affect the heat
transfer for a portion of the transient. This technique also has
the flexibility of allowing the models to have complex shapes.
The models themselves are simple and are made of Plexiglas
without a need for instrumentation or heating in the model.

Shroud Technique (Transient Method) Apparatus

Figure 1 is a diagram of the apparatus used for the shroud
technique. The apparatus has three major components: a shroud,
a computer-controlled heater assembly, and an ejection mecha-
nism (not shown in Fig. 1). The shroud consists of two concen-
tric tubes with the model inside the center tube. Although these
tubes can be of any shape, in the present study they are con-
structed from a 0.127 m PVC pipe, with a 0,102 m pipe mounted
in the center.

Journal of Heat Transfer

The heater assembly has similar concentric tubes, which mate
to one end of the shroud. It also contains a small fan and an
electrical heater (a 100 W light bulb in the present study). Air
is circulated from the heating unit between the two tubes and
up through the center of the shroud alongside the model. The
air can circulate in either direction, but was circulated past the
heater and then between the tubes in the present study in order
to mix it thoroughly before it flows by the model.

In order to control the temperature of the air and the model
(keep the model temperature uniform and constant with time),
the temperatures on the model were measured with four thermo-
couples along the span using an A/D card in a PC. A program
was written to switch the electric power to the heater in accor-
dance with these measured temperatures. The A/D card had
low-voltage digital DC outputs, which were used with solid
state relays to provide power to the heater and the fan.

The technique involves heating the model for an extended
period of time (approximately 3 or more hours) inside the
shroud. During this time the Plexiglas model comes to a uniform
and constant temperature. The initial temperature of the model
is set above the color transition temperature of the liquid crystal
on the model surface. The wind tunnel flow is then established
and when ready the shroud is ejected exposing the model to
the wind tunnel flow. This establishes the surface temperature
transient required for the transient method. The liquid crystal
color changes are recorded on video tape and the method for
data reduction is described below,

The flat plate model used was constructed from Plexiglas and
was 0,098 m long in the flow direction and 0.00635 m thick.
The measurement side of the model was flat and the backside
of the leading edge was machined with a sharp 30 deg angle.
The flat surface was mounted 1 deg windward to prevent flow
separation off the sharp leading edge. The test portion of the
model was air brushed with black paint and a thin layer of
liquid crystals. The liquid crystal selected had a yellow-red
color change temperature of 36.85°C. The wind tunnel test sec-
tion was 0.61 m by 1.02 m wide. The model was mounted
vertically in the tunnel and was 0.61 m high. The wind tunnel
is open loop with a variable speed from 6.5 to 21 m/s. The free-
stream turbulence was measured with a hot-film anemometer to
be approximately 1.0 percent.

Transient Shroud Data Reduction

A typical video record shows the color changing first near
the leading edge and the color change moving along the plate
in the direction of the flow slowly (the high heat transfer regions
cool faster and change color first). A timer in the video record
is used to measure the starting time and the elapsed time until
color transition for each location. Because the model aspect
ratio is high, the data are two dimensional and the video shows
vertical isothermal color lines, which are parallel to the leading
edge of the model. The liquid crystal color band clearly shows
green, yellow, and red. As each location cools, the surface there
will first turn green, followed by yellow and red. For each
location, the time for the color change for the yellow to red
transition is recorded.

In order to determine the temperature for the yellow to red
transition, liquid crystal calibrations were performed. A calibra-
tion system with a linear temperature gradient was used to
establish the color appearance on a video monitor, as described
by Baughn and Yan (1991a). In this method, four calibrated
thermocouples establish the temperature gradient, and the loca-
tion of the yellow color band is measured from the video moni-
tor.

The local heat transfer cocfficients can be found from the
time for each location to cool to the liquid crystal color transi-
tion. The time is used in solving for the conduction transient
in the Plexiglas substrate. It has been shown that in most cases
the conduction is nearly one dimensional. With large heat trans-
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fer coefficient gradients on small models this may not be the
case. For example, Perera and Baughn (1994 ) find a two-dimen-
sional solution for the flutes in a spirally fluted tube. In the
present study, and for most wind tunnel models, the conduction
can be assumed to be one dimensional. For one-dimensional
conduction into a semi-infinite medium with a convective
boundary condition, the solution for the surface temperature is:

TLC - Tw

—_— 6
.- T. (6)

Thi= = ¢ erfe (y)

where vy is a nondimensional parameter related to the heat trans-

fer coefficient & by:
YV pCk

t

h= (7

The nondimensional liquid crystal temperature (7*) in Eq. (6)
is defined in terms of the liquid crystal transition temperature
(7)), free-stream air temperature (7..), and the initial tempera-
ture (T,). In these experiments, these temperatures are all fixed
in advance. The value of y is found for the selected T* from
Eq. (6). Since Eq. (6) is an implicit equation in ¥, it requires
an iterative solution, which is done using a approximation for
the complementary error function from Abramowitz and Stegun
(1970). Using the video record, the time (¢) for each location’s
local surface temperature to cool to the yellow—red liquid crys-
tal transition temperature is measured. The local heat transfer
coefficients are then calculated using Eq. (7) with the known
thermal properties of the Plexiglas model.

These heat transfer coefficients include convection and radia-
tion. The convection component can be determined by sub-
tracting the radiation component, which is found by the follow-
ing equation:

h, = €a(Tye + Tu)(Tic + T2) (8)

The radiation component generally cannot be neglected since
the model views surroundings at the ambient temperature. The
emissivity for the black paint/liquid crystal coating is estimated
to be 0.85 =+ 0.15. The uncertainty analysis includes uncertainty
in the radiation correction.

In the present technique (and other transient techniques) the
ambient air, liquid crystal, and model initial temperatures are
chosen in advance. These variables show up in the data reduc-
tion in the form of the liquid crystal nondimensional temperature
T* (see Eq. (6)). For the limit of T* equal to 1.0, the model
initial temperature and the liquid crystal temperature are the
same. This produces a uniform wall temperature during the
transient but cannot be used since measurements with transient
techniques require the initial wall temperature to be measurably
higher (or lower) than the liquid crystal temperature. If uniform
temperature boundary conditions are desired, transient tests
should be run at T*s as close as possible to 1.0, but the higher
the value of T*, the higher the uncertainty of the measurement.
The effort to approximate a uniform wall temperature boundary
condition using transient methods has to be balanced with the
desire for keeping the uncertainties low. This tradeoff requires
an understanding of the effect of transient boundary conditions
on the heat transfer measurement.

Uncertainty Analysis

The results of an uncertainty analysis (using ASME standard
uncertainty methods and 95 percent confidence) are summa-
rized in Table 1. The individual contributions of each measure-
ment to the total uncertainty are given for typical conditions.
The thermal properties of the model and the initial temperature
of the transient contribute to the largest individual uncertainties
in the measurement. The total uncertainty of the local heat
transfer coefficient is estimated to be approximately 6 percent,
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Table 1 Uncertainty analysis for the transient shroud technique

Measured Parameter (x) Typical Value Bx(4) Uncenainty (3)*

T 27C h 7

T, 8ITC 1 3.08

Ty 3585°C 4 93

NpCk) 575 5 4.57

3 RS 13 B9

1 L3 sec 03 1,19

Total=5.9%
* (1/Mm){ah/dx)dx

Numerical Scheme

Computer codes were written to solve numerically for lami-
nar flow over a flat plate with different thermal boundary condi-
tions (uniform temperature, uniform heat flux, and an unsteady
wall temperature associated with transient methods). The gov-
erning equations and numerical techniques are standard. The
numerical scheme used is described by Anderson et al. (1984),
The uniform temperature and uniform heat flux cases were done
as a check on the numerical techniques since results for these
cases are well known.

The transient method case is a conjugate problem requiring
a simultaneous solution of the boundary layer convection and
the wall conduction. (The wall temperatures during the transient
are continually changing and are not uniform.) For this case the
uniform wall temperature code was modified to allow for the
wall temperatures to be variable. The code first calculates the
boundary layer velocity and temperature profiles for a uniform
wall temperature (i.e., the starting temperature of a transient
test) and the corresponding local heat transfer coefficients.
Since each location on the plate has a different initial heat
transfer coefficient, the initial rates of change of the local wall
temperatures are also different. The change in the wall tempera-
tures for the next time step are calculated using the one-dimen-
sional transient wall conduction equation with the local heat
transfer coefficients, New values of 4 are then determined from
the new wall temperature distribution using the boundary layer
energy equation. For subsequent time steps, a time-averaged
heat transfer coefficient is used in the one-dimensional transient
wall conduction equation to update the surface temperatures.
Since the one-dimensional transient wall conduction equation
assumes h is constant with time (which is not the case here),
this numerical procedure is approximate. Butler (1995) has
shown that (for the time periods of interest in the transient
method) this numerical method produces nearly identical results
to those obtained with a true conjugate solution of the simultane-
ous convection and wall conduction.

The energy equation for the boundary layer assumes that at
any time step the boundary layer is at steady state. This is a
common assumption for boundary layers and is reasonable be-
cause the time scale for the wall conduction is much greater
than the time scale for convection. For example, Kurkal and
Munukutla (1989) showed the time scale for the boundary layer
and convection is very short (on the order of x/u), as compared
to the transient conduction through the wall (L*/a).

Numerical Results

The numerical predictions for the uniform temperature and
uniform heat flux are compared to theory (given by Egs. (1)
and (2)) in Fig. 2. These test cases were used to validate the
codes. As expected, the local Nusselt number for the constant
heat flux is 36 percent higher than the uniform temperature
solution independent of location. A typical wall temperature
distribution for the uniform heat flux condition is shown in Fig,
3. For this case the wall temperature is lower near the beginning
of the plate (where there is a higher heat transfer rate) and
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Fig. 2 Comparison of theoretical and numerical prediction of the local
Nusselt number distributions for uniform temperature and uniform heat
flux boundary conditions

increases at a rate proportional to x'*. The lower upstream wall
temperatures results in a higher heat transfer rate downstream
than would be the case if the wall temperature were uniform.
The numerical predictions for the conjugate solution provide
the time for each location to reach the liquid crystal temperature
(depending on T*#). A transient method Nusselt number (Nu,,)
is calculated from this time using Eqgs. (6) and (7). It should
be noted that this Nu,, is not the actual local Nusselt number,
which is a function of time. It is the local Nusselt number that
the standard transient method would produce using Eqs. (6)
and (7) for a selected T*, The values are shown in Fig. 4 as a
function of position for a range of T*'s. As a reference, the
steady-state uniform wall temperature and constant heat flux
predictions are also shown on this plot. It is clear that the local
Nusselt number as determined by the transient method is highly
dependent on the nondimensional liquid crystal temperature
(T*) used in the transient method. As expected, the closer T*
is to 1.0, the more the transient method acts like a uniform wall
temperature method (although even at T* = 0.9, the results are
quite different). This strong effect of the value for T* can
be understood by examining the sketch in Fig. 5, where the
temperature distribution along the wall is shown for different

50
|T;=soo W/m2 Uinf=6.5 m/s Tinf=23C .
r'y
451 aantt
ast
‘L
-
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— A‘
2. 40 At
o r'y
3
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'y
'y
-
Y
304 *
'y
'y
25 T T T T T T 1 T
o 5 10 15 20 25 8 3 40 45
Rex
(Thousands)

Fig. 3 Typical wall temperature distribution with a uniform heat flux
boundary condition (numerical prediction)

Journal of Heat Transfer

Constant Flux

Nuxt

Transient T*=9
®

30+ Transient T*=.8
o
20 Transient T*=.7
A
10 ! Transient T*=.6
0‘ T T T T T T T T
0 5 10 15 20 25 30 35 40 45
Rex
(Thousands)

Fig.4 Local Nusselt number distributions for transient boundary condi-
tions (numerical prediction)

times. As time increases during the transient, the upstream tem-
peratures are lowered relative to the downstream temperatures
due to the higher upstream heat transfer coefficients. Lower T*s
require longer transients during which the downstream heat
transfer increases. This has significant ramifications to the inter-
pretation of measurements made using transient methods.

Transient methods assume that the local heat transfer coeffi-
cients are constant over time (Egs. (6) and (7) assume £ is
constant with time). In fact, this is not actually the case. For
example, the variation of the heat transfer coefficient for one
location is plotted in Fig. 6 as a function of time. The time used
for the calculation of A using the transient method is shown on
this graph for a range of T#’s. The lower the T%#, the greater
the change in h. For this laminar layer there is even a significant
change for a T* of 0.9 (more than 10 percent). This is true for
the laminar boundary layer because of the large gradients in
heat transfer coefficient (which are proportional to 1/x'/?). The
gradients are shallower on a flat plate with turbulent boundary
layers because the heat transfer coefficient is proportional to
1/x"; therefore, this transient effect would not be as large.
However, Taylor et al. (1989) showed that the thermal bound-
ary condition can have a larger effect in turbulent boundary
layers when the heat transfer and wall temperature gradients
are larger.

Initial Wall Temperature

Temp

Distance

Fig. 5 Sketch of the temperature distribution along the flat plate during
a transient
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Experimental Results Using the Shroud Technigue

The flat plate laminar boundary layer heat transfer was mea-
sured using the shroud technique (a transient method) using
four different nondimensional temperatures (7* = 0.6, 0.7, 0.8,
and 0.9). The transient method Egs. (6) and (7) were used to
calculate local A’s, which are shown in Fig. 7. Also shown in
this figure are the theoretical heat transfer coefficients for the
uniform wall temperature and constant heat flux boundary con-
ditions. As expected, the higher the nondimensional temperature
T*, the closer the measurements are to the uniform wall temper-
ature solution. The graph also shows how strongly dependent
the heat transfer is on the transient nondimensional temperature
(T*). It should be noted that the experimental data for T# =
0.6 diverge near the end of the plate. This is due to the longer
transients required for T* = 0.6 at these locations. The long
duration of the transient allows the semi-infinite substrate as-
sumption to break down and this causes the calculated heat
transfer to increase further. The T* = (.6 data were included
to show the overall effect of T* (in practice, T"s this low should
not be used).

Comparison of Numerical Predictions and Measure-
ments

The numerical predictions using the transient boundary con-
ditions are compared to the shroud (transient) experimental

70

Constant Flux
40

Nuxt

30 Transient T*=.9
4

Transient T*=.8
o

Transient T*=.7

1 O‘I » A

Transient T*=.6

15 20 25
Rex
(Thousands)

Fig.7 Measured local Nusselt number distributions for transient bound-
ary conditions using the shroud (transient) method
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Fig. 8 Comparison of measurements and numerical predictions of the
local Nusselt number with transient boundary conditions (T* = 0.9 and
0.7)

measurements in Figs. 8 and 9. For reference, the theoretical
solutions for a uniform wall temperature and a constant heat
flux are also shown on these plots. Figure 8 compares the 7*
= 0.9 and T* = 0.7 transients. For clarity, a separate plot (Fig.
9) is used for T* = 0.8 and T* = (0.6. The experimental results
compare favorably to the numerical solutions, showing higher
heat transfer as the nondimensional temperature decreases.

Correlation for T* Effect on Transient Method

The transient method produces thermal boundary conditions
that are very different from the common thermal boundary con-
ditions used in most experimental heat transfer. Since 7* = 1.0
(one limit on the transient method) corresponds to a uniform
temperature boundary condition, it is possible to collapse tran-
sient method results to the uniform temperature case. A correla-
tion that transforms the Nusselt number determined from the
transient method (Nu,,) to a corrected Nusselt number Nu,,. for
a uniform temperature boundary condition has been determined
using the numerical results. This correlation is dependent on
T* and the Reynolds number:

70

Nuxt

o] 5 10 15 20 25
Rex
{Thousands)

Fig. 9 Comparison of measurements and numerical predictions of the

local Nusselt number with transient boundary conditions (T* = 0.8 and
0.6)
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Fig.10 Transient method Nusselt number corrected to the uniform tem-
perature boundary condition

Nu,. = Nu,, (T* )(4.9me_‘3-’> (9)
The correlation is strongly dependent on the transient nondi-
mensional temperature (7*) with a weak dependence on Reyn-
olds number. It is plotted in Fig. 10. This correlation collapses
the transient numerical results to within 1.5 percent of the theo-
retical uniform wall temperature solution. The correlation was
determined for a T* range between 0.6 and 1.0 and a Reynolds
number between 700/(T*)* and 40,000. Since it is weak func-
tion of Reynolds number, it may be valid over a much broader
range of Reynolds numbers.

Conclusions

This study has shown the importance of the thermal boundary
condition used by different heat transfer measurement methods,
This effect is especially significant for transient methods with
laminar boundary layers where it can have a strong effect on
the measurements and their interpretation. For example, in the
present study, the results that would be obtained using the tran-
sient method ranged from those of a uniform temperature
boundary condition (for the limiting case of T* = 1.0) to more
than 36 percent above that value (for a T* of 0.6)

A correlation was developed to collapse the transient method
data to that of a uniform temperature boundary condition for a
limited range of T*’s and Reynolds numbers.

It is best when using the transient method to select the temper-
atures to obtain the highest possible value of T* if the data are
to be compared to uniform temperature boundary conditions.
In a given application, this requires a tradeoff between the effect
of the thermal boundary conditions and the uncertainty in the
measurements ( which increases with increasing T*)

This study was limited to the laminar boundary layer. It is
expected that in most cases, the effect of the thermal boundary
conditions for turbulent boundary layers will be less (and there-
fore the effect on the transient method also less). However, in
cases where there are large heat transfer gradients (for example,
near regions of separation), the effects could be significant.
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Introduction

Ballistic missile flight test designers use thermocouples to
make in-depth temperature measurements of the missile’s heat
shield. A cylindrical plug, fashioned of the heat-shield material,
is fitted with thermocouple wires at precise depths and mounted
into a complementary hole in the heat shield. The plug surface
is flush with the heat-shield surface and the thermocouple wires
run some distance parallel to the surface before bending to the
missile interior, as shown in Fig. 1. A reading of the voltage
difference between the two wires joined at the center of the
plug is directly correlated with the temperature of the joint. If
the isothermal length parallel to the surface is sufficiently long
relative to the wire thickness, thermal conduction down the
colder vertical segments will have little effect on the joint tem-
perature, In such a case the measured thermocouple temperature
is generally thought to be the same as the temperature of the
heat-shield material at that depth.

The thermocouple temperature actually lags the heat-shield
temperature during transient heating, most notably in atmo-
spheric re-entry. Common thermocouple wires consist of metals
with high thermal mass (the product of specific heat and den-
sity). Ablating heat-shield materials have significantly lower
thermal mass, in some cases an order of magnitude lower. For
the same amount of heat, the thermocouple wire experiences a
smaller temperature change than the same volume of heat-shield
material. This gives rise to a temperature difference between
the thermocouple wire and the surrounding heat shield. Conduc-
tion of heat from the surrounding heat shield to the thermocou-
ple wire lessens this effect, but a finite difference persists. Simi-
lar problems have been considered by previous authors (Beck,
1962, 1968; Pfahl and Dropkin 1966), though not in the context
of the plug design of Fig. 1.

This paper shows that the thermocouple and heat-shield tem-
peratures can be related through a time-dependent Volterra inte-
gral equation of the second kind involving a heat kernel. An
approximate solution of the equation in the presence of expo-
nentially increasing temperature shows that the thermocouple
lags the heat shield by a fixed percentage. The lag is expressed
quantitatively in terms of the thermal mass mismatch and the
thermocouple wire thickness. The analysis ignores variations in
thermal properties with respect to temperature, but establishes
the relationships between the lag and design parameters. Thus,
the analysis enables effective thermocouple design for re-entry
heat shields but should not be construed as a tool for post-
mission correction of lagging thermocouple data.

Thermocouple Analysis
Figure 2 depicts the cross section of two types of thermocou-
ple wire embedded in heat-shield material. The circular wires

' 'This work sponsored by the Sensor Analysis Division, Sensor’s Directorate,
Missile Defense and Space Technology Center, U.S. Army Space and Strategic
Defense Command. (Opinions, interpretations, conclusions, and recommendations
are those of the author and are not necessarily endorsed by the United States Air
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Thermocouple Lag in Transient
Heat-Shield Measurements Due
to Thermal Mass Difference’

appear more frequently in applications, but the ribbon wires
have the advantage of superior strength for the same thickness.
Local heating problems concerning circular wires require two-
dimensional analysis. The ribbon wires are much wider than
they are thick and can be treated as one-dimensional across
their thickness. The two-dimensional case demands more care-
ful attention and we treat it first. The one-dimensional case
follows using appropriate simplifications.

A number of strict assumptions apply to thermocouples em-
bedded in typical re-entry heat shields. It is assumed that the
thermocouple is a much better thermal conductor than the heat-
shield material and that all heat transfer within the heat shield
and between the heat shield and the thermocouple is conductive.
We neglect any thermal contact resistance between the thermo-
couple surface and the surrounding heat shield, though one may
well imagine such resistance exists in practice. The thermocou-
ple is treated as an isothermal body characterized by the single
temperature T.(¢). The thermocouple radius a is assumed to be
small compared to the length scale of temperature gradients in
the heat shield, This allows approximation of the temperature
distributions by perturbation series in the thermocouple radius
(i.e., truncations of convergent Taylor series expansions in pow-
ers of a).

The heat shield is assumed to be of infinite extent and the
heat-shield temperature far from the thermocouple is assumed
to be unperturbed by the thermocouple. This limits the results
to cases in which the thermocouple radius is small compared
to its depth beneath the heat-shield surface. The heat-shield
thermal properties are assumed to be uniform and independent

- of temperature. This is a poor approximation for real heat-shield

materials. It is necessary because it allows modeling of the
conduction by linear equations, which can be treated analyti-
cally. The results will allow basic understanding of thermocou-
ple lag and provide approximate answers useful for design pur-
poses, but they will fall short of the quantitative accuracy neces-
sary for post-mission analysis of thermocouple data.

The following equations govern the dependence of the heat-
shield temperature distribution T(r, 8, t) on the thermocouple
temperature 7,.(z) and the unperturbed (far-field) heat-shield
distribution T*(r, 8, t):

or

—=aV*T r=a (la)
at

T(r,8,t) = T*(r,8,f) r—ow (1b)
T(a, 8, t) = T.(1) (lc)
T(r,0,0)=T%r,8,0) (ld)

5 o
T.(1) = = f VT sds (le)

ema

The line integral is taken over the circumference of the thermo-
couple wire cross section. The parameter ¢ is the ratio of thermo-
couple thermal mass to heat-shield thermal mass and a is the
thermocouple wire radius. These coupled equations imply a
direct relationship between the unperturbed temperature 7* and
the thermocouple temperature T, as shown below.
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It is convenient to express these equations in terms of devia-
tions from the unperturbed temperature distribution. To that
end, we make the following definitions:

T.(t) = T*0, 8, 1)
u=T¥~T
U, = Tl - Tf‘

Ideally the thermocouple matches the heat-shield temperature
T, at its depth. In transient heating the thermocouple error u,
is nonzero. The equations for u and u. are

-a—: =aVu r=a (2a)
u(r,9,t)=0 r—w (2b)

u(a, 8,1) = u(t) + T*(a, 8,1) — T(1) (2¢)
u(r,8,0)=20 (2d)

=1 -— (§ VT*- ids ~ 93 Vu-fds). (2e)

Exploiting the assumption that @ is small compared to spatial
gradients in the temperature distributions, consistent expansions
for u and T* near the thermocouple surface are

u(r, 8,1) =A(r, t) + O(a)
T*(r, 8,1) =T, (1) + O(a)

where A(r, t) is the main component of the distribution u(r,
6, r). These approximations are a direct consequence of ex-
panding the unperturbed distribution 7* in a Taylor series in
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Fig. 2 Circular and ribbon thermocouple cross sections

powers of a. Applying the divergence theorum and the conduc-
tion equation for T# gives

¢ VT*: fids = ff VT*dA =

ma’T\(t) + O(a*).
The second integral in Eq. (2e) becomes

§ Vu-ids

)

i

2
af O (4, 8, 1)db
o Or

[x

2ma ar (a,t) + 0(a*)
or

The system of equations (2) for u(r, 8, t) can be expressed in
terms of A(r, 1):

0A  [D*A 10A
o a( ar? ¥ ar) e
A(r,t) =0 r—ow= (3b)
Ala,t) = u(t) + O(a) (3¢)
A(r,0) = (3d)
:ic.=(l -—%)T.+£8—A(a t) + O(a) (3e)

Note that Eq. (3¢) can be rewritten as

OA _wef . 1)
E{asf}—za(ur (] E)Tl)v

a = thermocouple radius
A = radially symmetric component of u
B = Laplace transform of A
¢ = thermocouple fractional lag
f = boundary value for A
F = Laplace transform of f
g = boundary value for 6A/dr
G = Laplace transform of g
k = heat-shield thermal conductivity
¢, = heat-shield specific heat
r = radial distance from thermocouple
center
t = time

Journal of Heat Transfer

T = heat-shield temperature = k/ pc, = heat-shield diffusivity
distribution § = aVo/a = dimensionless thermo-
T, = heat-shield temperature couple radius
at thermocouple depth € = p'cjl pc, = thermal mass ratio

T* = unperturbed heat-shield
temperature distribution
T. = thermocouple tempera-
ture
u = T* — T = difference between un-
perturbed and perturbed
temperature distributions
u. = T, — T, = difference between heat-
shield and thermocouple
temperatures

p = heat-shield density
pc, = heat-shield thermal
mass
p'c, = thermocouple thermal
mass
o = reciprocal of heating e-
fold time
& = Laplace transform of
heat kernel
¢ = heat kernel
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This system overdetermines the distribution A(r, 7) in general.
To see this, consider the generalized form of the system (3):

on_ (04 104
ot ot r or
Ala, t) = f(1)

oA _
E(a! f) - g(‘)

A(r,0) =0
A(r,t)y—0

r— o

Letting B(r, s), F(s), and G(s) be the Laplace transforms of
A(r, 1), f(1), and g(1), respectively, we see that this system
yields a solution without knowledge of g(¢):

B(r,s) = YU(r, s)F(s)

)

and K;(z) is a modified Bessel function of the second kind.
Satisfying the condition 8A/dr(a, t) = g(t) requires

where

W(r, s) =

G(s) = - Z a(s)F(s)
o

where
a OV Ki(z)
(1) o] =iem s s e i 4
L) as Or (@:0) 2Ky (2) )
and z = ays/c. Inverting the Laplace transform we find
Ef g(r' =f $(t — T)f(r)d7 (5)
avo 0

where ¢(t) is the inverse Laplace transform of ®(s). The
boundary values f(t) and g(#) must satisfy Eq. (5) in order
that the system not overdetermine A(r, ).

Interpreting Eq. (5) in terms of the thermocouple error u,
and the local heat shicld temperature T, using Egs. (3¢) and
(3e) gives

eu (1) + 2 ‘r ¢(t — TYu(7)dT = (e = 1)T,(1) (6)
0

in which we have assumed that 7,(0) = 0 and u.(0) = 0. The
first assumption amounts to setting the temperature scale and
imposes no loss in generality. The second assumption requires
that the thermocouple initially read the correct heat-shield tem-
perature. Equation (6) is a Volterra integral equation of the
second kind for the thermocouple error u.(#) in terms of the
heat-shield temperature 7', () and a heat kernel ¢(¢). In princi-
ple, this equation provides a means of determining the heat-
shield temperature from the thermocouple measurement 7. (¢)
(recall that «.(t) = T\ (t) — T.(1)). The analysis above assumes
the thermal properties, characterized by the diffusivity «, are
constant with respect to temperature. Practical heat shields al-
most always violate this assumption, Equation (6) relates design
parameters, a, €, and «, to the thermocouple accuracy, u.(t),
and should not be viewed as a practical means of correcting
data collected from poorly designed thermocouples.
Thermocouple accuracy during transient heating is the pri-
mary interest of this paper. Heat-shield temperatures increase
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Table 1 Thermocouple lag for various heat shields

Heat shield

material | 2 3 4
a (mm?/s) 0.25 0.08 0.02 0.25
pc, (Jlem® K) 2.0 2.5 0.33 0.24
c* 20 1.6 12 17
Lag? (percent)
Circular: 3 mil 0.28 0.42 229 4.4
Circular: 1 mil 0.04 0.07 4.0 0.7
Ribbon: 0.5 mil 0.35 0.37 13.5 5.6
Ribbon: 0.2 mil 0.14 0.15 54 2.2

1. Silica-Phenolic 2. Avecoat 2 3. Cork 4. Acusil 2
* Type-K thermocouple, p'cp = 4.0 J/(em® K)
+ Mach 10 reentry, o = 0.3 57'

exponentially during atmospheric re-entry and one can deter-
mine how well thermocouples perform in such an environment
using Eq. (6). Assume T',(t) = ¢ and that the thermocouple
error is asymptotically proportional, u.(t) = ce® as t = =,
Equation (6) becomes

c(e -+ ZI q&(r}e'“’dr) =e—1
[}]

The integral is the Laplace transform of ¢(t), fortunate because
a closed-form expression for ¢(¢) itself is unavailable, So, we
have

e—1

¢ e+ 20(0) 7

For tygical parameter values, the dimensionless argument
6 = aV¥o/e is small and we have from Eq. (4)

K;(6) ~ -1

Yo =5 5y e

as 6 — 0. Equation (7) becomes

¢ =~ 3(e — 1)62 In (1/5). (8)
The coefficient ¢ is the ratio of the thermocouple error u.(t) to
the heat-shield temperature T, (t) at the thermocouple depth.
Since this is constant in time, the error can be characterized as
a lag proportional to the change in heat-shield temperature. The
parameter ¢ is a dimensionless thermocouple wire radius and ¢
is the ratio between thermal masses of the thermocouple wire
and the heat-shield material. A thermal mass ratio not equal to
1 will produce a nonzero lag. That is, if the thermocouple is
thermally heavier than the heat shield, it will respond more
slowly than the heat shield and will thus read low. The lag can
be minimized by using sufficiently thin wires, making 6 small.

Table 1 shows results for various heat-shield materials used
commonly today, A type- K thermocouple wire (Dunlap, 1988)
and a nominal heating rate of ¢ = 0.3s5 ' are assumed. Circular
wires of diameter 3 mil (0.003 in,) and 1 mil and ribbon wires
of thickness 0.5 mil and 0.2 mil are represented. The larger
value for each type corresponds to the thinnest available off-
the-shelf wire. The smaller value for each type corresponds to
specially manufactured or hand-made wire, The heating rate is
typical of Mach 10 re-entry with re-entry angle of roughly 45
deg. The lags in Table 1 were computed using Egs. (8) and
(9). For heavy heat shields, such as silica-phenolic or the ep-
oxy-based materials, the ratio € is greater than | but less than
2. Lags for such heat shields are rather small. Light heat shields,
such as cork, suffer rather large lags and require superior engi-
neering (circular wires of 1 mil diameter or ribbon wires of
0.2 mil thickness) to yield useful re-entry measurements. Data
collected with lags exceeding roughly 10 percent require post-
flight correction similar to that modeled by Eq. (6) assuming
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constant thermal properties. Ideally, the temperature depen-
dence of the heat-shield thermal properties should be taken into
account, but Eq. (6) can be used to make rough post-flight
corrections.

Thermocouple lag correlates most directly with the thermal
mass ratio €. Low thermal mass materials, such as cork and
Acusil 2, heat much more quickly than the type- K thermocouple
assumed in Table 1, thus causing significant lags. Types G and
R thermocouples have somewhat lower thermal mass and can
mitigate this problem slightly. Unfortunately, both have practi-
cal limitations that render them unfit for use in re-entry heat
shields. Type G wires are composed primarily of tungsten,
which is too brittle to make thin wires (Liptak and Venczel,
1982). Type R thermocouple have poor linearity and low output
below 800 K (Liptak and Venczel, 1982).

The analysis is much the same for the ribbon thermocouples.
Instead of circular geometry around the wire, one assumes a
one-dimensional geometry with the ribbon thickness sand-
wiched between heatshield material on either side as in Fig.
2(b). An equation identical to Eq. (6) holds, with the Laplace
transform ®(s) of the heat kernel ¢p(¢) in Eq. (4) being replaced
by

1 o
Prippon = — ;‘

The expression for the lag ciupon corresponding to Eq. (8) is

Cavbon = 3(€ = 1)8 (9)
Table | shows that ribbon thermocouples of commonly used
thickness have lags very close to circular thermocouples of
commonly used diameters. Figure 3 shows the results from Egs.
(8) and (9) applied to thermocouples in silica-phenolic and
cork using the same parameters as in Table 1. The fractional
lag is plotted versus thermocouple radius for circular wires and
versus half-thickness for ribbon wires. The lags for cork are
significantly higher than those for silica-phenolic since the ther-
mal mass mismatch is much greater for cork. The lags for ribbon
thermocouples exceed those for circular thermocouples of the
same thickness.

Summary

A thermocouple wire embedded in a heat-shield material lags
in responding to temperature changes in the heat shield. The
thermal mass mismatch between thermocouple and heat shield
causes the thermocouple to heat more slowly in response to
transient heating. A Volterra integral equation, derived assum-
ing constant thermal properties and infinite thermocouple con-
ductivity, relates the local heat-shield temperature history to the
thermocouple temperature history. This equation quantifies the
relationship between the thermocouple behavior and design pa-
rameters, enabling effective pre-mission design so that the data
collected will be free of unwanted lags. For exponentially in-
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Fig. 3 Lag versus thermocouple thickness

creasing heat loads, typical of atmospheric re-entry, the thermo-
couple lag is a fixed percentage of the change in local heat-
shield temperature. The lag is proportional to the thermal mass
excess of the thermocouple compared to the heat shield, with
the proportionality constant dependent upon the thickness of
the thermocouple wire. The thinnest off-the-shelf thermocouple
wires reduce lags to a few percent or less in heavy heat shields,
such as silica-phenolic. Specially manufactured wires are neces-
sary to achieve similar reductions in lags in light heat shields,
such as cork. Ribbon wires of commonly used thickness have
lags roughly the same as circular wires of commonly used diam-
eter.
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Conduction Problem From
Thermal Strain Measurements

Another approach for the solution of the inverse heat conduction problem is presented.
The unknown boundary conditions are recovered from thermal strain and temperature
measurements instead of temperature measurements only. It is required to calculate
both the temperature field and the strains induced by this field. The sensitivity coeffi-
cient analysis and the results of two benchmark test cases show that it is possible to

recover higher temporal frequencies when the inversion is done from strains instead of
temperatures. An experimental setup was specially designed to validate the numerical
results. The numerical predictions are verified. Special attention is given to the strain

gage measurements.

1 Introduction

The Inverse Heat Conduction Problem (IHCP) is commonly
defined as the estimation of a solid’s temperature and surface
heat flux from remote temperature measurements. This problem
was first addressed by Stolz (1960). Since then, many methods
have been proposed and several books (Beck et al., 1985;
Hensel, 1991; Murio, 1993; Alifanov, 1994; Kurpitz and No-
wak, 1995) were entirely devoted to this particular problem. In
a recent paper, Scarpa and Milano (1995) showed how the
robust technique of Kalman filter could be used to handle the
high sensitivity of the IHCP to measurement errors. However,
the comparative studies (Raynaud and Bransier, 1986; Raynaud
and Beck, 1988; Marquardt and Auracher, 1990; Maillet et al.,
1991; Scarpa and Milano, 1995) show that many methods that
have a tunable stabilizing parameter give more or less the same
results when applied to the same experimental data. As a matter
of fact, any efficient technique extracts all the information given
by the sensors and it is difficult to recover the high temporal
surface frequencies that are damped within the solid. This indi-
cates that the thermocouple may not be the most appropriate
sensor to solve an IHCP or the experiment is poorly defined.

This fact led us to try to solve the IHCP from information
given by strain gages instead of thermocouples. The literature
review shows that such an approach has already been used by
Crysa et al. (1981), Noda (1989), and Morilhat et al, (1992).
Unfortunately, the proposed methods are based on transfer func-
tions. They are thus limited to linear problems and none of
them uses a stabilizing parameter. Consequently, their range
of applications is limited. Raynaud et al. (1993) introduced a
stabilized technique based on thermal stress variations, but it
was revealed not to be completely satisfying. Thus a similar
method using thermal strain variations has been developed.

The objective of the paper is to presént this new method, to
show its efficiency on benchmark test cases, and to validate the
method with experimental data. The study is limited to the
unidirectional problem shown in Fig. 1: A long tube, initially
at a uniform temperature, insulated on its outer surface, is heated
uniformly on its inner surface. The inner temperature and flux
variations are to be estimated either from external temperature
variations or from external thermal strain variations. The goal
is to determine the most efficient type of measurement.

Contributed by the Heat Transfer Division for publication in the JOURNAL OF
HeAaT TRANSFER. Manuscript received by the Heat Transfer Division January 5,
1996; revision received June 12, 1996. Keywords: Conduction, Measurement
Techniques, Transient and Unsteady Heat Transfer. Associate Technical Editor:
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2 Method Description

Finite difference space marching techniques, developed for
the IHCP, cannot be used because the thermal displacements
result from an integral effect. Since sequential methods are
computationally efficient for the IHCP, it has been decided to
develop a method based on the same principle than the function
specification method proposed by Beck (1970).

In the sequential procedure, at the time step “‘n + 1, the
following functional is minimized versus the unknown heat flux
density ¢"*', all parameters being known at the previous time

step “‘n’":

nfs
Hg™") = X (X3 - e

Jj=1

(1)

where X is the measured strain in the direction / and € the strain
calculated in the same direction by a mode] that involves ¢"*'.
The stabilizing parameter “‘nfs”’ is the number of future time
strains. Minimization of J versus ¢g"*' using Gauss linearization
and assuming temporally that the heat flux is constant over
“nfs” time steps, leads to:

nfs
3 (XY - ef)sey
j=1

qni—l — qu + (2)

nfx
z (S¢)?
i=1

This equation is similar to the one obtained when temperature
measurements are considered, but the S, terms are the strain
sensitivity coefficients and not the temperature sensitivity coef-
ficients. The thermal strains are calculated from the temperature
field with the quasi-static and uncoupled assumptions, i.e., iner-
tial effects are neglected in the equilibrium equation and the
effect of thermal expansion due to strains are neglected in the
heat diffusion equation. For steel, the quasi-static assumption
hold as long as the frequencies of the thermal or mechanical
loading are less than several kHz. Based on the criterion given
by Boley and Weiner (1996, p. 42) the uncoupling is justified
for steel tube in most practical cases, the error induced by this
assumption being less than 1 percent. For the one-dimensional
problem shown in Fig. 1 and with the following dimensionless
variables:

I*:a_r T*=)\T_T° g* = q_
82 rcfe qrei

D* = Dfe

.
e
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Known outer

Insulating
material

Steel tube

Known inner
pressure Pi

Mecanical load

Thermal load

Fig. 1 Geometry and boundary conditions of the problem

ref
a
p* = P frcfzaq__'g €*=L o¥ =
Ee™ A e Ee™
*
P S =
eErcr EerrfEZ Efmr€3

the dimensionless governing equations are:

Heat diffusion equation:

1 0 . OT* ar*
B W Sl R <o N 3
r# Q¥ (r ar*) or* )

Thermal boundary conditions and initial condition:
aT*
* = D¥L —— = g¥(r* 4a
r e ) (4a)
aT*

r¥=D*2 + 1 e 0 (4b)
t*=0 T*=0 (4c)

Relations between displacement and strain (where the sym-
metry imposes ugt = 0):

*
eh="C (5¢)
#* &
Equilibrium equation:
ok of - ok
dok ok
-&—: + 28 =0 (6b)
Relations between strain and stress:
€ =lom — ok +0X)] + T* (7Ta)
em=lon—wlop+az)] + T* (7b)
ex=(1+v)oy (T¢)
€x=1[on— oG+ o))+ T* (7d)
Mechanical boundary conditions:
r*=D%2 ok =Pf(*) (8a)
re=D¥2+1 ok=Pi(t*) (8b)
i 1

oy (V(egp + €3) + (1 — v)es

“d+ 0l - )
= (1 + v)T*) + g(F*(t*), M*(t*)) (8c)

These equations involve six parameters, namely, D*, P},

PX, F* M*, and v. The following paragraph will show that it
is possible to eliminate the terms related to pressure.

For convenience, the star symbol * is now omitted; all vari-
ables are considered dimensionless. The total strain is the sum
of the strain due to the temperature field €7, the inner pressure
€”, and the mechanical load ¢ . Equation (2) can be rewritten

oW
er =2t (5a)
E
63;:3&
oz*
Nomenclature

(5b) as:

a = thermal diffusivity, m*/s
e = tube wall thickness
g = function of mechanical ef-
fects
nfs = number of future time strains
nft = number of future time tem-
peratures
g = exact surface heat flux, W/m?
4 = estimated surface heat flux,

W/m?
(r, 8, z) = cylindrical coordinates
t = time

C, = gage factor
D = inner diameter
E = Young modulus
Ec¢ = measured temperature stan-
dard deviation
Ec, = estimated flux standard devia-
tion
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F = mechanical force

M = mechanical moment

P; = inner pressure

P, = outer pressure

Sy = 0T/0q = temperature sensitivity

coefficient
S, = 0e/0q = strain sensitivity coeffi-
cient

T,, = mean temperature
T, = reference temperature
u = displacement
V = voltage across Wheatstone's
bridge
X = measured thermal strain
Y = measured temperature
o = thermal coefficient of dilatation
B = thermal coefficient of the strain
gage
AT = (T — T,) = temperature variation
AV = Wheatstone’s bridge voltage vari-
ation

At = time step
¢ = calculated strain
€; = inversion strain
€ = agel\ reference strain
v = Poisson ratio
A = thermal conductivity, W/m* K
o = stress

Superscripts

j = refer to time

P = due to pressure
T = thermal
M = mechanical

* = dimensionless

Subscripts

g = refer to strain gage

5 = refer to the solid

e = refer to the calibration specimen
Il = refer to direction [
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nfs

S (XY - et (M) + [XPY — PP, PUO + [ X1 — ¢iff*]} 87
f=1

(9)

" =q"+ =
3 (8H)?
i=1

Note that € is calculated assuming that the flux is constant over
the “‘nfs’" time steps. On the other hand, if the inner and outer
pressure histories are measured, then

Xfm = e I(PIY, P3Y) =~ 0

(10)

which allows us to neglect the pressure influence compared to
the other two influences.
The sensitivity coefficients of the strain to the heat flux are:

.
9q
They can be calculated by solving the sensitivity system, which

is obtained by differentiating Eq. (3) to Eq. (8) with respect
to the heat flux g:

(11)

10 a8y a8y
——|lr—=—|=— 12
r or (r ar) ot i
r=D/2 %=l (13a)
ar
r=D/2+1 ?—$=0 (13b)
ar
t=0 S=0 (13¢)
s, 85 (14a)
S, =— a
T or
8, (14b)
£z 6-{
Sy
S, =— (l4c)
r
1 aSn, aSuz 144
“ T2 By dr ( )
BSO-” Sa" — Sﬂm 0 15
ar r B (13a)
Do 4 Frg 15b
ar ro ( )
Scm = [Sam g V(Sa" + SO'R,)] + ST' (lﬁa)
8., = [8,, = U(Sey + S; )1 + St (16b)
5. =(1+v)S,, (16¢)
Se, = [Sa, = USsy + S0 )] + St (16d)
r=D/12 S, =0 (17a)
r=DI2+1 S, =0 (17b)
S, = —-1— [v(S,, + 8. )
= (14 )1 = 2w) e “
+ (1= v)S, — (1 +v)S7] (17¢)

This set of equations does not involve the pressure terms,
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i.e., the thermal strain sensitivity coefficients do not depend
on the inner or outer pressure. Thus using Eq. (10), Eq. (9)

becomes:

nfs
2 ((XF+ XU — (el (g™ + elf)) ST
J=1

ntl __ o0
(8e¥)?
=1

I

(18)

Equation (18) shows that the estimation of ¢"*"', as long as the

pressure variations are known, does not depend on the actual
pressure values. Consequently, in the remainder of the paper,
the inner and outer pressures are set to zero.

The mechanical boundary conditions (F and M) are now
discussed. In practice forces and moments are exerted on each
extremity of the tube (Fig. 1). Since the total strain depends
on the mechanical load, the estimation of ¢"*! requires that the
applied mechanical load be known. Unfortunately, for a large
real system, the load varies over time and is often difficult to
evaluate. In order to get rid of the mechanical load influences,
the following linear combination of the strain is studied:

€ = €gg + VE, (19)
The substitutions of Eqs. (7a) and (7d) into Eq. (19) lead to:

o 2
iy (1 E” )(g;’ﬂ +o¥) +a(l —v)AT  (20)

For a beam, the stress off is equal to zero regardless of the

mechanical load, thus ¢; varies only with the temperature field,
which in turn is only influenced by the heat flux we try to
determine. Therefore, this particular combination of strains will
be used for the inversion and is called, from now on, *‘inversion
strain.”’ Consequently, the inversion strain does not depend on
P, F,and M, but only on the temperature T and the two parame-
ters D and v.

For simple geometries, such as the one considered here, it is
possible to get an analytical solution for the strain calculation.
For a tube with a radial temperature distribution, the displace-
ment in direction # is equal to zero. Since the inversion strain
does not depend on the mechanical loads, the state of plane
strain is used and the displacement in the z direction is also
equal to zero, Thus the displacement components are:

u, = f(r), (21)

In order to write the equilibrium equation, Eq. (6a), in term
of displacements, the substitution of ¢ is first made by using
the strain—stress relations, Eqs. (7a, 7b). Then the substitution
of € is made from the strain-displacement relations, Egs. (5a,
5b, 5¢). Thus u, must satisfy:

9 (l 45‘(:'.'.1,.)) B
ar \r oOr -

up =0, w,=o

l1+v OT
— 22
|~u“ar (22)

The general solution of this equation is obtained by integration
between D/2 and r:

u,.(r):1+ygf err+gr+C—2
Ll —=vrdon 2 r

(23)
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The substitution of this equation in Egs. (5a, 5b, 5¢) and Eqgs.
(7a, 7b) successively gives the value of o,,. The two constants
of integration C1 and C2 are determined from the known inner
and outer pressures:

r=D/2 o,=0
r=D/2+1

(24a)
(24b)

Thus, for this particular case, the inversion strain at the outer
surface, r = D/2 + 1, is related to the temperature field by the
simple relation:

og,=0

& =(1+ )T, (25a)

2 DI2+1
T, = Td) 25b
(DI2 + 1) — (DI2)? J:J;z il (30

Equation (25a) indicates that the inversion strain depends
only on the mean temperature defined by Eq. (25b). Thus,
during the inversion, an infinite number of inner surface heat
fluxes, which would all lead to the same mean temperature, can
be estimated. Consequently, the temperature measured on the
outer radius, which will be needed to correct the strain gage
response, is used instead of Eq. (44), as a boundary condition
of the thermal problem. With such a procedure, the absolute
temperature is imposed on the outer surface by the temperature
measurements and the unknown inner heat flux is estimated
from strain measurements:

s
(X1 = e ST
ntl o0 i=
q =4q + nfs
2 (8¢)?

j=1

T}H‘j (r = Df2 + l) = Y"+"f v.} € [l, nfs] (26)

Note that it is possible to use other procedures to solve this
THCP. For example, the following functional could be mini-
mized:

nfx aft
H(g™") = 2 (XY =P+ W T (Y =i (21)
Jj=1 J=1
where Y and T are the measured and calculated temperatures at
the outer surface, respectively, and W a weighting coefficient
that is used to balance the two terms of the functionnal. It must
be introduced to account for the different units and the different
level of sensitivity coefficients of the two terms. In this case,
the outer thermal boundary condition is given by Eq. (4b) and
the temperature measurements are used simultaneously with the
strain measurements to estimate the unknown flux. It has been
found that such a procedure is less efficient than the one pro-
posed herein (Raynaud et al., 1993). Particularly, it is difficult
to determine the optimal values of W, nfs, and nfi.

3 Sensitivity Coefficient Analysis

The sensitivity coefficient analysis allows us to compare im-
mediately the advantages/disadvantages of the inversion based
either on strain or on temperature measurements. The case de-
picted in Fig. 1 is considered. The sensitivity coefficients are
calculated from the sensitivity system. The time variations of
these coefficients, for a strain gage and for a thermocouple,
located on the outer radius are shown in Fig. 2 for various
values of the dimensionless parameter D*. Since the Poisson
ratio is the same for most steels (around 0.3), this parameter
is kept constant in this study.

The same trend is noted for both sensitivity coefficients: They
increase with future times and when D¥ increases, i.e., for a
fixed tube diameter when the tube thickness decreases. This
figure shows that the strain sensitivity coefficients, S,, are al-
ways larger than the temperature sensitivity coefficients, Sy.
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Fig. 2 Comparison of the sensitivity coefficients

The most interesting point is the fact that the S, increases imme-
diately; there is no time lag as for the Sr. These preliminary
results indicate that it is potentially more accurate to estimate
the inner surface heat flux from thermal strain measurements
than from temperature measurements. However, the accuracy
of the inversion also depends on the noise-to-signal ratio. This
particular point will be addressed in paragraph 5.3.

4 Benchmark Test Cases

The methodology proposed in 1986 by Raynaud and Beck
to compare Inverse Heat Conduction Methods has been, since
then, used by several authors (Scarpa and Milano, 1995; Ruperti
et al., 1996). It is very simple, can be used for any methods,
and allows us to compare performances of methods quantita-
tively and visually. This methodology, which is based on two
test cases, is used to compare the efficiencies of the inversion
based either on strain or on temperature variations. In both
cases, the function specification method is used.

The first test case allows us to quantify the deterministic bias:
It is desired to reconstruct a heat flux that is constant just over
one time step and zero otherwise. The bias is calculated from
the difference between the true heat flux ¢ and the estimated

heat flux §:
8= (3@ - a7
n=1

The second test case is even more simple: the surface heat
flux, which arose from a single change of unity in the measure-
ments, is calculated and compared to the true heat flux, which
is equal to zero. It has been shown by Hills et al. (1986) that,
for a linear problem with a constant heat flux, this test case
gives the standard deviation of the estimated surface heat flux:

Ec, = EﬁlZ (¢")°
n=1

Figures 3 and 4 show results of these test cases with Ag* =
alAt/e® = 0.01 and D* = 5 for several values of the stabilizing
parameters “‘nfs’’. Figure 3 shows that the accuracy of step
heat flux estimation degrades with the number of future times
while Fig. 4 shows that the sensitivity to measurement errors
decreases with the number of future times. This is the classical
trade-off that exists between accuracy and resolving power
(Hills and Mulholland, 1979). This trade-off is shown in Fig.
5 for the inversion made with the two measurement types and
for several time steps and D* = 5. It indicates that the thermal
strains inversion allows a much smaller sensitivity to measure-
ments errors for the same bias. Thus the resolving power can
be increased. For example, the strain inversion curve for Ar*

(28)

(29)
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Fig. 3 Estimation of the bias: inversion with Af* = 0,01 andD* =5

= 0.001 is similar to the temperature inversion with Ar* =
0.01. It can also be noted that the standard deviation for the
temperature inversion decreases exponentially with the bias,
whereas for the strain inversion, the decrease is almost linear.

The benchmark test cases have shown the potential superior-
ity of the inversion based on thermal strains. The last step is to
validate these numerical results with an experimental apparatus.

5 Experimental Validation

5.1 Experimental Setup. The experimental setup repre-
sented in Fig. 6 was designed to satisfy the following require-
ments:

* radial unidirectional temperature field in the tube thick-
ness, T = T(r, t).
thermocouples and strain gages on the outer surface.

= thermocouples on the inner surface for validation.
variable mechanical load on the tube to check that the
inversion strains do not depend on the mechanical
stresses.

Thus a 0.75-m-long, 0.048-m i.d., and 0.006-m-thick steel tube
has been embedded in a concrete block, Fig. 6. The inner surface
is uniformly heated with a 3000 W, 0.8-m-long infrared tube.
The outer surface is insulated with a 0.02-m-thick ceramic fiber
to prevent a natural convection effect, which could create a
circumferential heat transfer in the tube. The small ratio e/L =
0.003 prevents any end effects that would disturb the heat flux
lines around the tube midlength. In this region, five 0.01-mm-
dia type K thermocouples were soldered with a capacitance
discharge apparatus. Two were mounted on the inner surface
for validation, three on the outer surface for inversion and to
check that circonferential effects are indeed negligible. Two

100 +———————

0.10
Times, t*

0.05

Fig. 4 Estimation of the sensitivity to measurement errors (At* = 0.01
and D* = §)
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Fig. 5 Trade-off between bias and sensitivity to measurement errors;
influence of the time steps and type of measurement

strain gages were glued on the outer surface to measure the two
strains ¢, and €y. The thermal and mechanical properties of
the steel were measured separately: @ = 9.8 107° m?/s, v =
0.3, a; = 12.0 10* /K, A = 36 W/(m-K).

5.2 Strain Gage Measurements. The strain gage mea-
surement requires special attention since the gages are usually
designed to suppress thermal effects. The quality of the mea-
surements is obviously an essential point of the inversion. This
paragraph briefly describes the procedure that must be used to
account for temperature variations.

A strain gage is a sensor whose resistance varies when its
length changes. If the gage is glued on a solid, a local strain, e,
and a local temperature variation, AT, give rise to the following
relative length variation of the gage: ¢ — a,AT, where a AT
represents the gage dilatation. But the temperature change also
creates a relative resistance variation of the gage SAT. Thus
the total relative resistance variation is:

AR _ BAT + C,(c - a,AT)

R (30)

In order to take the temperature-dependent term into account,
the gage is calibrated on a specimen, kept at uniform tempera-
tures, on which there is no mechanical force. The manufacturer
gives the dilatation coefficient of the specimen a,, and the
calibration law in the form of the apparent strain:

AR: (-ﬁ—i—(a,—ag))AT (31)
CE

The combination of Eqs. (30) and (31) allows us to calculate
the total gage relative resistance variation:

AR

ot Cy(€ + g — a.AT) (32)

insulator

thermocouple

concrete
infra-red

tube

strain gages
mechanical load Y F

Fig. 6 Sketch of the experimental setup
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Fig. 7 Voltage variations across the Wheatstone bridge

Practically, the resistance variation is determined from the
voltage variation across a Wheatstone’s bridge (AV). Finally
the total strain measured by a gage at temperature T, mounted
on a solid initially at T, is:

4AV

C=oaw i

= Eupp + ae(T = TIJ)

If the temperature is constant and equal to the calibration
temperature of the gage, then the two last terms cancel, other-
wise they must be absolutely accounted for. This explains why
a thermocouple must be mounted near to the strain gage.

The characteristics of the strain gages mounted on the experi-
mental setup are: C, = 2.04 at 24°C with a —0.01 percent
variation when T changes, €,,(T) = —62.1 + 2.75T — 1.45
1072T* + 1.56 107°T%, @, = 12.1 X 107° m/°C. The voltage
across the Wheatstone bridge is 10.0 V.

5.3 Experimental Results. The data acquisition rate is
25 Hz, i.e., the time step is 0.04 s. The dimensionless time step
At* = 9.47 107% is very close to 0.01, which was used for the
comparison of methods. The experiment starts at steady state
when the tube temperature is uniform. The infrared tube voltage
is changed manually, small and quick variations are introduced
on purpose, to check the capability of the inverse method to
detect abrupt variations. ,

Figure 7 shows the measured values of the gage voltage
variations induced by the strains in the z and # directions. The
microstrains are given in Fig. 8, where the combination €5 +
ve,, is also shown. The square pulse variations for €4 and ¢,
come from the mechanical load (Fig. 6) due to a weight sus-
pended periodically during heating. These pulses disappear
when the inversion strain e¢; is calculated, showing that this
particular strain combination does not depend on the mechanical
load. Temperatures measured on the inner and outer surface as
well as the temperature estimated from the strain variations,

1200
1000 +
c 8007
£ 600}
S 400+
2 ] g
0 —8—Ep+vE,,
.200—.—=——-=.':‘I:':= +
0 40 80 120 160
Time [s]

Fig. 8 Measured strains and “inversion" strain
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Fig. 9 Measured and estimated temperatures over the whole time do-
main

with nfs = 4, are presented in Fig. 9. The zoom of Fig. 10
shows that the agreement is quite good; in particular, the square
temperature variations are well recovered. For comparison, the
surface temperature estimated from the outer temperature mea-
surements, with ntf = 15, is also shown in Fig. 10. The values
of nfs and nif given above have been optimized. As shown in
Fig. 11, lower values lead to oscillations of the surface tempera-
ture, i.e., very large oscillations of the surface flux. On the other
hand, larger ones increase the smoothing unnecessarily. The
inversion from temperature does not allow us to estimate as
well the quick fluctuations that contain high frequencies. Since
it is not obvious in Fig. 10, the time derivative of the inner
surface temperature has been calculated for several cases. Figure
12 shows the inner surface temperature time rate of variation
calculated from the measured and estimated inner temperature
for two values of nfs. Clearly, it oscillates for nfs = 2 and
becomes acceptable for nfs = 4. For comparison, the results
for nft = 10 and nft = 15 are given in Fig. 13. Contrary to the
inversion from the strain, which can be stabilized without too
much smoothing, the stabilization of the inversion from the
temperature introduces a larger filter. The results for nft = 13
or 14 are not better. The flux entering into the tube is shown
in Fig. 14. The reference flux is obtained from the solution
of the direct problem in which the inner and outer measured .
temperatures are used as boundary conditions. The heat flux
shape is better recovered from the strain than from the tempera-
ture measurements.

These results are in agreement with the sensitivity analysis,
For the IHCP, apart from the sensitivity coefficient, the noise
to temporal temperature rate of variation ratio is an important
parameter. If the ratio is too large, one can imagine that it will
be difficult to discriminate the variations of the surface estimates
due to the noise from the ones due to the inner flux fluctuations.

73 670
72 B inner temperature 1
&-—)- 71 :_ ——=—="inv. from temperature nft=15 _' 650
— ——— Inv. from sirain nfs=4 1 =
g +630 ©
1 (4]
Q T 610 §
E 1 5
& 67 - —&— outer strain measurement | 590
66 4 —&@— outer temp. measurement
65 — 570
84 86 88 90 92 94

Time [s]

Fig. 10 Time zoom, comparison between the measured inner surface
temperature and the temperature estimated from the two types of outer
surface measurement: nfs = 4 and nft = 15
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temperature and the temperature estimated from the two types of outer
surface measurements: nfs = 2 and nft = 10

The standard deviations of the microstrain and temperature mea-
surements are 0.27 yustrain and 0.02°C, respectively. As shown
by Figs. 8 and 9, the outer strain and temperature vary almost
linearly; the slopes are 8 ustrain/s and 0.7°C/s. Thus, for these
two measurement types, the ratios for the strain and temperature
are 0.034 and 0.029, respectively. On the one hand, this indi-
cates that the quality of the information given by the two types
of measurement is similar with a little advantage to the tempera-
ture measurements. But for the particular time step, nfs and nft
used for this inversion, the benchmark test cases indicate that
the sensitivity to measurement errors is 2.4 times larger for the
temperature-based inversion than for the strain-based inversion,
the bias being also 11 percent larger. Thus, on the second hand,
the inversion from the strain should be better, which is agree-
ment with the results shown Figs. 10 to 14.

For the strain-based IHCP, a sensitivity analysis to the ther-
momechanical properties was carried out. This showed that the
thermal diffusivity has almost no influence on results, while the
coefficient of thermal linear expansion is the most important
parameter. This is logical since the thermal strains are based
on this coefficient,

6 Conclusions

An original approach for the solution of the inverse heat
conduction problem has been presented, The unknown bound-
ary condition is recovered from thermal strain and temperature
measurements instead of temperature measurements only. The
solution method is similar to the well known function specifica-
tion method (Beck, 1970). In this sense, it is not particularly
original.
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Fig. 12 Inversion from stain, influence of the number of future strain on

the time rate of variation of the estimated surface temperature: nfs = 2
and 4
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Fig. 13 Inversion from temperature, influence of the number of future
temperature on the time rate of variation of the estimated surface tem-
perature: nft = 10 and 15

However, it has been shown through the sensitivity coeffi-
cient analysis and from results of two benchmark test cases that
the integral effect of the thermal strains allows the use of a
smaller time step than the classical temperature measurements
does. For the same bias, the sensitivity to measurement error
is alway smaller for the strain-based inversion than for the
temperature-based inversion. This is then a real improvement
for the IHCP.

An experimental setup was made to validate the numerical
results. It has been shown that special care must be taken to
measure the thermal strains. It is a little more difficult to place
a strain gage on a surface than a thermocouple. This is one
drawback to the method since the computational time is similar
or even smaller (less future times are needed). It was also
shown that the mechanical properties must be well known. On
the other hand, it was possible to recover higher frequencies by
using the strain measurements., The conclusions drawn from
this experimental study may not be applied directly to other
problems. In particular, the noise-to-signal ratio is an important
parameter, which can vary significantly from one experiment
to another.

The proposed method is based on an inversion strain that is
only defined for beams. The inversion strain is independent of
the mechanical load variations and thus allow us to recover the
thermal load. For other geometries, another procedure should
be found to distinguish the thermal strain from the mechanical
strain. Presently, this method has been used by Electricité de
France to recover the fluctuations of the inner temperature of
nuclear power plant tubes. Work is now under way to apply
this approach to solve multidirectional IHCP.

Flux [kKW/m?]

Fig. 14 Comparison of the flux entering into the tube calculated from
the direct problem and estimated from the two types of outer surface
measurements: nfs = 4 and nft = 15
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Determination of Convective
Heat Flux on Steady-State Heat
Transfer Surfaces With
Arbitrarily Specified Boundaries

The present study focuses on the high-resolution determination of local heat flux
distributions encountered in forced convection heat transfer studies. The specific
method results in an uncertainty level less than 4 percent of the heat transfer coeffi-
cient on surfaces with arbitrarily defined geometric boundaries. Heat transfer sur-
faces constructed for use in steady-state techniques typically use rectangular thin foil
electric heaters to generate a constant heat flux boundary condition. There are also
past studies dealing with geometrically complex heating elements. Past studies have
either omitted the nonuniform heat flux regions or applied correctional techniques
that are approximate. The current study combines electric field theory and a finite
element method to solve directly for a nonuniform surface heat flux distribution due
to the specific shape of the heater boundary. Heat generation per unit volume of the
surface heater element in the form of local Joule heating is accurately calculated
using a finite element technique. The technique is shown to be applicable to many
complex convective heat transfer configurations. These configurations often have
complex geometric boundaries such as turbine endwall platforms, surfaces disturbed
by film cooling holes, blade tip sections, etc. A complete high-resolution steady-state
heat transfer technique using liquid crystal thermography is presented for the endwall
surface of a 90 deg turning duct. The inlet flow is fully turbulent with an inlet Re
number of 360,000. The solution of the surface heat flux distribution is also demon-
strated for a heat transfer surface that contains an array of discrete film cooling
holes. The current method can easily be extended to any heat transfer surface that
has arbitrarily prescribed boundaries.

B. G. Wiedner'

C. Camci
email: c-camci@psu.edu.

Department of Aerospace Engineering,
The Pennsylvania State University,
153-E Hammond Building

University Park, PA 16802-1400

Introduction

The desire to extend the cycle efficiency or to improve spe-
cific power of gas turbine engines has produced a large collec-
tion of component specific convective heat transfer research
areas. Most of the emphasis in heat transfer research of gas
turbine engines is directed toward the first-stage guide vanes
and rotor blade passages that are exposed to the hot free-stream
gases that originate from the combustor. In addition to the exter-
nal blade passages, the internal cooling schemes of these turbine
blades have also received much attention. The geometric com-
plexity of the turbine passage configurations requires detailed,
high-resolution heat transfer studies.

Convective heat transfer studies can be divided into two ma-
jor experimental groups as steady state and transient. Transient
experiments usually rely on a means of impulsively initiating
the flow past the test surface. Steady-state techniques rely on
the construction of an instrumented heat transfer surface and
are typically restricted to geometrically simple test surfaces such
as rectangular flat plates and two-dimensional curved rectangu-
lar surfaces. The heat transfer surface usually includes an elec-
trically heated foil at the fluid/solid interface. A prior knowl-
edge of the electrically generated local heat flux is required.
Both techniques have been widely used with considerable suc-
cess. MacMullin et al. (1989) used a simple constant heat flux
surface having a perfect rectangular shape in a convective heat

! Present address: Brown and Root Ine. 10200 Bellaire, Houston, Texas, 77072.
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transfer study performed on a flat plate. The steady-state experi-
ments of Boyle and Russell ( 1989), Hippensteele et al. (1985),
Blair (1974), and Blair et al. (1989, 1991) all employed steady-
state techniques to investigate the convective heat transfer pro-
cess in turbine blade passages. Simonich and Moffat (1984 )
and Wang and Simon ( 1987) used the steady-state heat transfer
technique to study the effects of concave curvature on turbulent
boundary layers and convex curvature on transitional boundary
layers, respectively. The heat transfer surfaces in each of these
experiments were geometrically simple and the resultant surface
heat flux was uniform.

Film cooling studies by Eriksen and Goldstein (1974), Mick
and Mayle (1988), Ou et al. (1992), Ou and Han (1992)
and Mehendale and Han (1992) were also performed using
the steady state heat transfer technique. Film cooling studies
represent a geometric configuration that introduce a complica-
tion to steady-state experiments. Significant variations in both
the film cooling effectiveness and the local heat transfer coeffi-
cient may occur within the near cooling hole regions. To resolve
the heat transfer characteristics experimentally in this area, the
generated local surface heat flux levels must be accurately deter-
mined. Due to the geometric complexity of the heat flux surface
boundaries, the current density field and the electric field will
be distorted to a condition where a uniform heat flux assumption
becomes weak. Several studies including Mick and Mayle
(1988) and Mehendale and Han (1992) have used correctional
techniques to determine the surface heat flux variations near
the film cooling holes. Discrete point thermocouples were used
to map the surface temperature distributions of the local regions
where the heat flux distributions significantly deviated from a
constant value.
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An alternative method to the correctional technique is a direct
calculation of the generated surface heat flux at each point of
the heater surface using electrostatic theory. In addition to film
cooling studies, the direct calculation approach presented in this
study can be adapted to many other complex, two-dimensional
heater surface geometries that have arbitrarily specified external
and internal boundaries. The endwall surface of a turbine pas-
sage, the tip surface of a rotor blade, and local surfaces of an
internal cooling arrangement in a turbine blade are a few exam-
ples of arbitrarily specified component surfaces.

The objective of the current study is to present a complete
procedure for determining local convective heat transfer coeffi-
cients in steady-state experiments when the heater shape is not
rectangular, The procedure can also take into account arbitrarily
specified cooling holes and slots on the heat transfer surface.
Local generation of Joule heating through internal electrical
heat generation can be accurately determined by solving the
partial differential equation governing the electrical potential
distribution on the heater element even with arbitrarily specified
internal and external boundaries. The complete method is dem-
onstrated for the endwall surface of a 90 deg turning duct in
which a fully turbulent flow exists at the inlet section. The
influence of film cooling holes on the local Joule heating distri-
bution of a heat transfer surface is also demonstrated. The
method uses second-order accurate quadrilateral finite elements
to discretize the heat flux surface and a variational principle
known as Buler’s theorem to determine the heat flux distribution
accurately, High-resolution surface temperature distributions
were resolved using Chiral-nematic liquid crystals, a high-sensi-
tivity CCD sensor, and an HSI domain image processor. Radia-
tive and conductive losses from the composite heat transfer
surface were also taken into account. Deviations from the one-
dimensional conduction loss model have been incorporated into
the uncertainty analysis.

Determination of the Nonuniform Surface Heat Flux

Analytical Model of Electrical Heat Generation. Determi-
nation of the steady heat flux field on an arbitrarily specified
heat transfer surface requires the solution of an electrostatic
boundary value problem. For a two-dimensional, linear, iso-
tropic, homogeneous conducting medium with zero free charge,
the electric potential must satisfy

VV(x,y) = 0. (1)

For thin foil heaters, such as Inconel foil (6 = 0.025 mm), the
thickness of the foil relative to the surface area is such that
negligible current conducts in the direction normal to the surface
plane. Therefore, the current and potential fields are two dimen-
sional. The electrical boundary conditions for the heater surface
are a uniform potential at the busbar/Inconel foil junctions and

Nomenclature

boundary condition of zero current
flux normal fo these edges.

equipotential
boundary condition i

1 -
o O

l bus bar edge

28
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cross saction,
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Fig. 1 Endwall heat transfer surface geometry

zero current flow normal to the two unbounded streamwise
edges, Fig. 1. An electric field vector E can be defined as the
gradient of the scalar potential field, V(x, y):
E=-VV (Vim) (2)
The negative sign is introduced to account for the conventional
coordinate system used. Once the electric potential and field
are resolved, the current density field, J, can be determined by
a scalar multiplication of the electric field and the electrical
conductivity of the medium, o.
J=oE (Am? (3)
The conductivity of a medium is a material property equivalent
to the inverse of the resistivity p. The power density within a
medium under steady current conditions is a point function
determined from the dot product of the electric field and current
density, E+J (W/m?). Therefore, the electric power converted
into heat per unit surface area is
Ggen = SE-T (W/m?) (4)
where § is the thickness of the conducting medium. The solution
of the electrostatic boundary value problem is analogous to
conduction heat transfer solution. In the electrostatic solution,
the current density field is analogous to the thermal conduction
heat flux field. A prescribed temperature boundary condition of
the thermal conduction problem is analogous to a specified
electric potential condition. A zero electric current flux condi-
tion normal to a boundary or edge corresponds to an adiabatic
condition in the thermal problem. This analogy conveniently
lends itself to the application of any existing solution technique

CCD = charged coupled device for vi-
sual imaging
d = film cooling hole diameter, mm;
resistance element length, mm
D = duct width, cm
E = electric field, V/m
h = heat transfer coefficient = ¢/(T,,

R35C1IW = liquid crystal starting to re-
spond (red) at about 35°C
with an approximate color
bandwidth of 1°C

R, = radius ratio = (R; + R,)/2D
Re = Reynolds number = UD/v
T = mean temperature, °C

o = electrical conductivity = 1/p,
(Qm)~!
v = viscosity, m*/s
Subscripts

cond = conductive
conv = convective

~ T,), W/m* K U = mean velocity, m/s gen = generated
J = current density, A/m* V = electric potential, V i = inner
k = thermal conductivity, W/m K w = width, mm 0 = outer
¢ = heat flux, W/m? X, Y, Z = local coordinate system, cm rad = radiative
R = total resistance = (p - d/é- w), & = Inconel foil thickness, mm w = wall quantity
Q p = resistivity, m; density, kg/ o» = free stream total quantity
rms = root mean square m®
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of a two-dimensional conduction heat transfer problem to the
electrostatic domain.

Numerical, Computation of the Local Heat Generation.
In the current study, the electric potential and current density
distributions of the endwall heat transfer surface were deter-
mined using the thermal/electrical analogy described in the
previous paragraph. The heat transfer surface was discretized
with eight-noded, isoparametric, quadrilateral finite elements.
The computational domain contained a total of 402 nodes and
104 elements. A finite element technique based on Euler’s theo-
rem of variational calculus was used to solve for the potential
and current density distributions. The essence of the technique
is the direct minimization of an integral relation for each ele-
ment in the domain with prescribed boundary conditions:

I av\* [(ov
Iy = f.r - ||—] + dx-d
=2 [(ax) (ay) ] g
The minimization technique is analogous to satisfying the La-
place equation, Eq. (1), over the entire domain. The procedure
results in a set of linear algebraic equations that are then solved
simultaneously to provide the electric potential field with the

prescribed boundary conditions. Further details of the numerical
technique are given in Zienkiewicz (1971) and Camci (1989).

(3)

Experimental Method and Apparatus

Facility and Test Section. The surface under consideration
was the endwall of a square cross-sectional, 90 deg turning
duct. The test section was constructed of 1.27-cm-thick flat
endwalls and 0.476-cm-thick curved side walls of clear acrylic.
The test section was located on the downstream side of an open-
loop wind tunnel. The facility consisted of an axial blower,
diffuser with multiple screens, plenum chamber, high area ratio
nozzle, circular to rectangular transition nozzle, a section of
constant cross-sectional duct, and the test section. The constant
cross-sectional duct that preceded the test section housed several
additional screens. Further details of the tunnel are provided by
Wiedner and Camci (1992, 1993). An illustration of the end-
wall test section geometry and coordinate system is shown in
Fig. 1. The 90 deg bend has a radius ratio, R,, of 2.3 and cross-
sectional width of 20.3 cm. The heat transfer measurements
were performed at an inlet free-stream velocity of 28.3 m/s
corresponding to Re = 360,000 with inlet air at ambient temper-
ature,

Composite Heat Transfer Surface. The heat transfer sur-
face consists of several layers that include double-sided tape,
Inconel 600 foil, black paint, and Chiral-nematic encapsulated
(R35C1W) liquid crystals, Fig. 2. A low-resistivity steel foil,
Inconel 600, was used as the heater material. The material has
a low temperature coéfficient of resistivity (0.112 X 107*°C™")
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that restrains a change in the resistance of the foil within the
experimental temperature range (less than 0.23 percent). The
heat transfer surface begins 50.8 c¢m upstrecam of the 0 deg
position and ends 2 cm past the 90 deg position as shown in
Fig. 1. At the upstream end of the test surface, the foil exited
the test section at a flange interface. The downstream end passed
through a transverse slot cut in the endwall acrylic. To minimize
conduction to the endwall surface at the foil entry and exit
planes, the foil was fitted between two 0.476 ¢cm balsa sections.
On the ambient side of the endwall, copper busbars were con-
nected to the foil by compression contact. To minimize contact
resistance and prohibit oxidation, the contact faces of the copper
busbars were machined smooth, chemically cleaned in an acid
bath, and electroplated with a 0.5-pm-thick tin film. To ensure
an equipotential boundary condition existed at the busbar and
foil junction, 1.27 cm square cross-sectioned busbars were used.
An experimental verification indicated less than 0.1 percent
potential variation existed across the busbar length. A 1000 W,
variable current DC power supply was used to heat the heat
transfer surface. Two K-type thin foil thermocouples were lo-
cated on the foil surface for calibration of the liquid crystals.
They were fastened with double-sided Kapton tape (0.1 mm
thick). The physical properties of the Kapton tape (resistivity,
3 % 10" Qcm and thermal conductivity, 0,37 W/m K) provided
excellent electrical isolation and thermal contact of the thermo-
couple junction and leads with the heat flux surface. The surface
was then covered with flat black background paint and a layer
of Chiral-nematic encapsulated liquid crystal (R35CIW) using
an air brush.

Liquid Crystal and Image Processing Techniques. The
liquid crystal image capturing and processing techniques
adapted in the present study are described fully by Camci et al.
(1992) and Kim (1991). A 24-bit color image processing sys-
tem was used to convert color information from a (red, green,
blue) coordinate system to (hue, saturation, intensity) system.
The color attributes of an image were captured with a high-
sensitivity CCD sensor that acquired complete images at a rate
of 30 Hz. A linear hue versus temperature relation was deter-
mined through calibration for the specific camera and illumina-
tion configuration used in the study. All surface temperature
information was obtained from the hue attributes contained in
a given image frame. Further details on the specific liquid crys-
tal data reduction process are given by Kim (1991).

The endwall heat transfer surface temperatures were mapped
using a Chiral-nematic encapsulated liquid crystal with an event
temperature of approximately 35°C. All visible liquid crystal
generated colors from red to blue were approximately contained
in a 1°C temperature band. To minimize the deviation of the
viewing angle from normal, three camera positions were used
to capture the complete endwall surface. The illumination
sources for each of the views were two 500 W, 3200 K incandes-
cent lamps. For all experiments, the camera configuration and
illumination setup were identical between calibration runs and
heat transfer tests, The calibration of the crystals was performed
in slow transients using the heater surface and the variable
power supply to cycle the surface through the liquid crystal
color range. Each cycle of the slow transient experiment took
about 20 seconds between the appearance of the first red and
first blue colors. Two thin foil thermocouples were imbedded
on the endwall surface in view of the video camera. The thermo-
couple output was also displayed in the calibration images. The
response time of the thermocouples was approximately 3—5 ms.
The thin film thermocouple and associated amplifier circuitry
were calibrated against an approximately zero bias mercury
thermometer prior to the liquid crystal calibration. Hue informa-
tion and the corresponding surface temperature could then be
extracted from successive images at the precise pixel location
of the thermocouple junction. Typical calibration results from
three individual heating cycles are shown in Fig. 3. In addition,
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Fig. 3 Liquid crystal calibration with temporal averaging

the effects of altering the zoom position of the camera lens are
also shown. The change in the zoom position of the camera
resulted in a pixel resolution twice that of the other positions,
The surface temperatures that were extracted in each of the heat
transfer tests were restricted to a hue range of 40 to 160. A
linear regression analysis was performed on the calibration data
in this range and the results including a 95 percent confidence
interval have been superimposed on the raw calibration data,
Fig. 3. The pixels with intensity values less than 25 and greater
than 200 were also eliminated to avoid possible unstable hue
conversion. All of the hue and intensity values described were
in 8-bit scale with a maximum value of 255. Further details of
the current hue capturing process are presented in detail by
Camci et al. (1992, 1993), Kim (1991), and Wiedner (1993).

Experimental Results and Discussion

Test Conditions and Data Analysis. All heat transfer tests
were conducted at a Reynolds number of approximately 360,000
based on the inlet centerline velocity, duct width, and ambient
free-stream conditions. The results from a single sensor hot wire
located at a distance of 5 c¢cm upstream of the heat transfer
surface and at ¥/D = 2.30 are shown in Fig. 4. The mean
velocity profile indicates a boundary layer thickness of 2.54
cm (Z/D = 0.125), and uniform free-stream conditions. The
streamwise velocity fluctuations had a rms level of 0.7 percent
of the mean velocity in the free stream and a peak of 6.8 percent
of the free-stream mean velocity within the endwall boundary
layer. The details of the duct aerodynamics are included in
Wiedner (1993 ) and Wiedner and Camci (1992, 1993). Steady-
state conditions for heat transfer experiments required approxi-
mately two hours to achieve. The thermal conditions on the
convective heat transfer side of the endwall, ambient side of
the endwall, and the tunnel free stream were used to monitor
steady-state conditions, The primary focus of the heat transfer
tests was to map the convective heat transfer coefficient quanti-
tatively on the endwall surface. The heat transfer coefficient
was determined according to

Geonv = Q@n — 4crmd — 4md
G T RS &

To count for conduction losses through the acrylic endwall,
temperature measurements were recorded at multiple locations
on the ambient side surface. The measurement locations were
clustered near the corresponding area of the liquid crystal color
band that existed on the convective side of the surface. The
temperature measurements on the ambient side of the endwall
surface were recorded with an infrared thermometer. The same
mercury thermometer used to calibrate (in an oil bath) the thin
foil thermocouples on the heat transfer side of the test section

Journal of Heat Transfer

was used to calibrate the infrared thermometer. To calibrate the
infrared thermometer, a known surface temperature was first
recorded. The calibration constant of the infrared thermometer
(emissivity of the surface) was then adjusted until the infrared
thermometer indicated the true temperature of the surface. A
uniform surface emissivity is required for a local surface calibra-
tion to be valid over the entire surface. This was obtained by
air brush spraying the acrylic surface with flat black paint. The
uniform emissivity criterion was then experimentally verified
with the thermometer. During a typical steady-state heat transfer
experiment, the ambient side of the endwall exhibited a temper-
ature variation of approximately +0.5°C and a distribution simi-
lar to the temperature distribution depicted by the liquid crystals
on the inner side of the endwall exposed to the flow. The con-
duction losses were calculated locally at each pixel coordinate
in which hue/temperature information was available. The corre-
sponding ambient side temperature of the endwall was deter-
mined from a high-density grid of the infrared thermometer
measurements. A two-dimensional interpolation scheme was
used to calculate the temperature grid. The conduction losses
through the endwall surface were estimated including the effects
of lateral conduction on the back surface (ambient side) of
the endwall. The significance of lateral conduction on the total
conduction loss was documented in several areas on the endwall
surface. The maximum local lateral conduction component
found on the back surface had a magnitude of 19.2 percent of
the respective normal component of heat flux loss vector. This
resulted in an increased conduction heat flux loss of less than
0.25 percent of the local generated heat flux. The conduction
losses typically accounted for approximately 5-8 percent of
electrically generated heat flux. Local radiation losses from the
heat transfer surface were approximated using an enclosure
model and considering each surface as black. The unheated duct
walls were assumed to be in thermal equilibrium with the free
stream. The heat flux lost to radiation from the heater surface
accounted for approximately 8—10 percent of the generated heat
flux. The free-stream temperature upstream of the test section
was measured using a fine wire K-type thermocouple probe. A
recovery factor of unity was assumed due to the low-speed
character of the inlet flow. When the endwall images were
obtained, a short duration *‘light pulse’ from the illumination
lamps was used to minimize the accumulative effects of thermal
radiation from the lamps. A test was also performed in which
the hue attribute of several discrete pixels in a series of images
from a test with continuous illumination were extracted. Over
the duration of the illumination period, the hue value at each
pixel evaluated was constant. This test showed that the radiation
heat flux contribution to the surface temperature measurement
was minimal.

141 r T T u r r 1T 10.0
1.0 i T - ='.r.'1 8.0 3
i Re = 360,000 3 ]
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E "a . 1 rms(u') error = +/— 0.0815m/s | &8 g
2 2
S abd ] 8 5
0.8 \ 40 =
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Fig. 4 Mean and fluctuating velocity profiles 5 cm upstream of the duct
inlet plane, at the endwall centerline, Y/D = 2.3
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The temperature information from an image was mapped
from pixel to duct coordinates using several previously marked
reference points on the test section surface. The white reference
points allowed easy identification by the image processor due
to the high intensity attribute. For a given heat transfer test, the
coordinates of an endwall region that contained the hue attri-
butes between 40 and 160 could be extracted. These pixels
provided accurate wall temperature measurements at high reso-
lution after the hue to temperature conversion, Fig. 3. To match
the spatial resolution of the surface temperature distribution, a
high-density grid of the generated surface heat flux was pro-
duced using the same interpolation scheme as used for the ambi-
ent side temperature distribution. After locally correcting the
surface heat flux distribution for conduction and radiation
losses, the convective heat transfer coefficient was calculated
based on the wall to free-stream temperature difference, Eq.

(6).

Application to Endwall Heat Transfer Problem. Results
of the numerical procedure described for the solution of the
electrostatic boundary value problem are shown in Figs. 5-8.
The calculations were performed for a unit drop in electrical
potential across the busbars. A 1 VDC equipotential line at the
leading edge of the foil, X/D = 0.0, and a 0 VDC equipotential
line at the trailing edge of the foil, ¥/D = —0.1, were used as
the prescribed potential boundary conditions. The numerically
predicted potential field for the endwall heat flux surface is
shown in Fig. 5 and an experimentally measured potential field
is shown in Fig. 6. Several predicted equipotential contours are
compared with the experimental measurements. The compari-
son indicates that the numerical results sufficiently predict the

2.0

1.6
Y/D

1.2

0.8

0.4

0.0

~-0.4
-0.2

!.I.|_||IIIIII|-1

TN SN TN T T N T N A A N O Y O O N N Y A A
5.4 4.6 3.8 3.0 2.2 1.4 0.6
X/D

Fig. 6 Comparison of computed electric potential distribution (V) and
measured values on the endwall surface for a 1 VDC potential drop
across the busbars
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Fig. 7 Vector representation of the current density field (A/m?) of the
endwall heat transfer surface for a 1 VDC potential drop across the
busbars

measured potential distribution on the endwall within £0.0005
V. The initiation of the geometric complexity in the form of
endwall/duct curvature occurs at a distance of X/D = 2.5.
Initially vertical equipotential lines start turning toward the hori-
zontal direction because of the specific current flow pattern
imposed by the external boundaries of the heater foil. The in-
fluence of the heater boundary geometry is shown in current
density field, Fig. 7. At X/D = 2.5 (0 deg), the current density
vectors start displaying a gradient in magnitude from inner ra-
dius to outer radius. Also, as the 0 deg plane is approached, the
direction of the current density field is seen to shift downward
from horizontal. This observation is consistent with the turning
pattern of the heater foil. Physically, the uniform current density
field that enters the foil at the leading edge busbar, X/D = 0.0,
is searching for the path of the least resistance. The path of the
least resistance is related to a condition of the shortest path
and largest cross-sectional area between busbars. The transverse
gradient in the current density field through the curve, as well
as upstream of the curve, represents the current density field’s
interpretation of this condition. The combination of the potential
field and the current density field, as modeled by Eq. (4), is
shown in Fig. 8 as the distribution of the generated surface heat
flux. A strong variation of local heat flux exists throughout the
curved portion of the endwall, whereas a weaker variation is
evident in the straight inlet section. Only a 0.4 percent variation
in the surface heat flux exists along the endwall centerline be-
tween the foil leading edge (X/D = 0.0) and X/D = 0.5.
The results of 23 steady-state heat transfer experiments are
shown as a complete map of the endwall convective heat trans-
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Fig. 8 Distribution of electrically generated heat flux (W/m?) on the
endwall heat transfer surface for a 1 VDC drop in potential across the
busbars
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fer coefficient distribution in Figs. 9(a, ). The map was ob-
tained from a series of experiments performed at different sur-
face heat flux levels (potential drops across the busbars). For
each experiment, the liquid crystal color play region was located
in a different region of the endwall surface. The 23 experiments
required to achieve a high-resolution heat transfer coefficient
map were due in part to the large test section and narrow band
width of the liquid crystals used in this study.

Further Application to Film-Cooled Heat Transfer Sur-
faces. To demonstrate the capability of the present method in
another area of convective heat transfer, a square heat flux
surface with an array of film cooling holes has been selected
for the computation of local heat generation. The geometry of
the heat flux surface and the hole pattern are shown in Fig. 10.
The computational domain contained 144 eight-noded, isopara-
metric, quadrilateral elements and 490 nodes. The film cooling
hole pattern is a 1 X 3 array of 3-mm-dia holes that are inclined
30 deg to the foil surface and spaced three diameters apart. The
conducting medium is Inconel foil (6 = 0.025 mm) and a 1
mVDC potential drop was prescribed across busbars located on
the left and right edges. A zero current flux condition normal to
the top and bottom surfaces was also prescribed. The generated
surface heat flux distribution is shown in Fig. 10 with strong
variations near the cooling hole locations. For a simple square
heat flux surface without film cooling holes, a uniform heat flux
of 190 W/m? would exist. Introducing the holes in the surface
increases the total resistance of the foil, thus for the same 1
mVDC potential drop across the busbars, the heat flux far from
the holes decreases to approximately 175 W/m?. More impor-
tantly, the local surface heat flux levels in the near field of
the cooling holes indicate severe enhancements. A maximum
generated heat flux of 656 W/m? exists on each of the upper
and lower edges of the cooling holes. The minimum heat flux
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Fig.9 Convective heat transfer coefficient (W/m? K) distribution on the
endwall surface
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Fig. 10 Electrically generated heat flux (W/m?) for a square heater sur-
face that contains three film cooling holes in a row, hole spacing Y/d =
3; potential drop of 1 mVDC across the busbars

regions occur near the stagnation regions of the current field
located at the left-most and right-most edges of the holes.

Experimental Uncertainty. The experimental uncertainty
in the convective heat transfer coefficient was estimated ac-
cording to the procedures detailed by Abernethy et al, (1985).
The following list summarizes the initial sources of error and
the propagation of the source precision and bias errors to the
final uncertainty in the heat transfer coefficient. The uncertainty
level quoted is analogous to 95 percent coverage. The quantita-
tive nature of the finite element numerical procedure and careful
quantification of the conductive and radiative heat flux losses
results in a relatively low measurement uncertainty of the gener-
ated heat flux and consequently a low uncertainty level for the
convective heat transfer coefficient.

Precision Bias error, Uncertainty,
index, percent percent percent
Gen 1.0 0.3 1.0
Geona 5:5 5.9 8.1
G 1.6 1.9 2.5
Toee 1.0 0.8 1.3
T — T 2.7 2.6 34
h 238 27 38

The heat loss to conduction through the endwall was considered
one-dimensional in the error and uncertainty values provided.
An analysis that considered multidimensional conductive heat
loss indicated a maximum variation in the heat transfer coeffi-
cient to be less than 0.25 percent of the reported value. The
variation in resistivity of the heater material due to temperature
changes was found to be less than 0.23 percent within the exper-
imental temperature range. This effect has been included in the
uncertainty levels provided. A complete discussion of the error
analysis is given by Wiedner (1993).

Conclusions

A generalized steady-state heat transfer technique has been
presented for arbitrarily specified heat transfer surface bound-
aries. A numerical technique based on electric field theory was
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used directly to solve a nonuniform surface heat flux distribution
for two different geometries common in aeropropulsion heat
transfer studies. A finite element method was implemented into
a heat transfer technique to improve accuracy and spatial resolu-
tion. Details of the numerical and experimental approach were
first demonstrated for the endwall surface of a strongly curved
90 deg duct flow. The solution of the nonuniform surface heat
flux distribution was also shown for a heat transfer surface that
contained a single row of three film cooling holes. Significant
variations in the locally generated heat flux were evident in
both configurations. Strong electrical potential gradients are im-
posed by the specific shape of the heater boundaries and electri-
cal boundary conditions. Liquid crystal thermography and cor-
rectional techniques for conductive and radiative heat losses
were combined with the numerical solution of the generated
surface heat flux to provide convective heat transfer coefficients
on the endwall surface of the 90 deg turbulent duct flow. The
hue, saturation, and intensity attributes of 30 consecutive frames
were temporally averaged for the first time to reduce the uncer-
tainties in the hue/temperature conversion. This process suc-
cessfully eliminated some of the inherent noise that exists in
high sensitivity imaging sensors. The method resulted in an
estimated uncertainty of 3.8 percent for the convective heat
transfer coefficient. The current finite element based method
can also take the local variation of heater foil thickness into
account. Although the resistivity of the current heater element
(Inconel 600) did not vary within the experimental surface
temperature range, the specific approach can successfully model
local variations in heater resistivity due to temperature depen-
dency. The present method is valid on any heat transfer surface
with arbitrarily defined external boundaries including void sec-
tions such as the ones created by film cooling holes. The meth-
odology described is also an excellent candidate for future tip
clearance heat transfer research near high- prcbsurc turbine blade
tip sections.
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A Velocity and Length Scale

0. Kwon

F. E. Ames

Approach to k- ¢ Modeling

This paper describes a velocity and length scale approach to low-Reynolds-number

k—e modeling, which formulates the eddy viscosity on the normal component of
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turbulence and a length scale. The normal component of turbulence is modeled based
on the dissipation and distance from the wall and is bounded by the isotropic condi-
tion. The model accounts for the anisotropy of the dissipation and the reduced length
of mixing in the near wall region. The kinetic energy and dissipation rate were

computed from the k and € transport equations of Durbin (1993), The model was
tested for a wide range of turbulent flows and proved to be superior to other k—¢

based models.

Introduction

Two-equation k—e (base) models are most popular in pre-
dicting fluid flow and heat transfer because of their capability
of predicting a wide range of flows with minimal adjustment
of the coefficients and their relative simplicity in formulation.
However, they suffer from deficiencies for wall bounded flows
that require wall functions, while low-Reynolds-number k—¢
models need empirical damping functions to take account of
the wall blocking on the turbulence mixing. These functions
were derived to be consistent with experimental or numerical
data for constant pressure boundary layers. Consequently, they
are often blamed for the inaccurate solutions of complex flows.
A detailed discussion on the deficiencies of k— e models can be
found elsewhere (Wilcox, 1988).

Lately, the turbulence modeling community has directed a
significant effort to developing more physically sound k—e
models. The approaches of a renormalization group (RNG)
method ('Yakhot and Orszag, 1986), the Kolmogorov time scale
introduction ( Yang and Shih, 1993), and an elliptic relaxation
method for the near-wall turbulence blocking effect (Durbin,
1993) are among the most significant developments. The RNG
k- ¢ model was first derived by Yakhot and Orszag (1986) by
means of the RNG method, which uses dynamic scaling and
invariance together with iterated perturbation methods. This the-
ory provided an elimination of experimentally adjustable param-
eters in the model. A high-Reynolds-number version of the
RNG k—e model was successfully tested for separated flows
downstream of a rearward-facing step by Speziale and Thangam
(1992).

Yang and Shih (1993 ) reformulated a low-Reynolds-number
version of a k~e model by introducing the Kolmogorov time
scale into the transport equation for the turbulence dissipation
rate. With the new time scale, they were able to eliminate the
wall singularity of the equation and to keep the same model
constants as those used in the standard high-Reynolds-number
model. The model, however, still employs a damping function
in the eddy viscosity formulation to account for kinematic
blocking by the wall.

The elliptic relaxation model proposed by Durbin (1993 ) was
devised for the strongly nonhomogeneous region near the wall.
In this model, the wall blocking effect, which suppresses the
normal component of turbulent intensity, was modeled by an
elliptic relaxation equation for the redistribution terms in the
Reynolds stress equations. Durbin also introduced the *‘local
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anisotropy’’ term in the dissipation rate equation of this model.
The introduction of these two features into the model eliminated
the *‘ad hoc’’ damping functions from the model equations,
however, at the cost of an increase in the size of the system by
two model transport equations: one for the variance of the nor-
mal component of turbulent velocity, v'*, and another for the
velocity-pressure-gradient correlation, p,;.

These new approaches show improved modeling physics and
appear to offer the prospect of improved predictions for aniso-
tropic flows. However, they still need to be tested and verified
for various practical flows. Recent studies (Ames and Moffat,
1990) indicate that the normal component of turbulence, v', is
a key variable in the prediction of surface heat transfer and skin
friction, and the magnitude of v’ can be tied to the dissipation
rate. Durbin (1993) also found that the normal fluctuation is a
better velocity scale for characterizing the turbulent motion than
the turbulent kinetic energy in the near wall shear layer. It is,
therefore, logical to formulate the turbulent eddy diffusivity in
terms of the local velocity v’, which is modeled as a function
of the local dissipation rate and the local length scale.

Analysis

Boundary Layer Equations. This study focused on the
thin viscous region near a solid wall, called the boundary layer.
In the steady two-dimensional boundary layer approximation,
with the Reynolds shear stress and heat flux replaced by an
“‘eddy”” (or *‘turbulent’’) viscosity and a turbulent Prandtl
number, the conservation of mass, momentum, and energy can
be written in the following form:

9 d
2 P 5 (V) =0 (1)
ou ou oP 4 ou
e a*a[“‘“‘-)a] =

¢ OH 0 B p ) OH
V—=—[|=+—|=—
Ox P dy dy l_(Pr Pr,) Ay ]

2 ~(& s B)|pY
2 wrm-(E+ )]0} o

where U and V are the time-averaged mean velocities; p, the
molecular viscosity; Pr, the Prandtl number; H, the total en-
thalpy; and x and y, the streamwise and normal coordinates. The
subscript “*t”* denotes the turbulent quantity. For the turbulent
Prandtl number, Pr,, a constant value of approximately 1.0 is
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often used in heat transfer analyses. This analysis, however,
incorporates Kays’ correlation [ Kays and Crawford, 1980, Eqgs.
(12)—(41)] using his recommendations for the free-stream tur-
bulent Prandtl number (Pr.. = 0.86) and an experimental con-
stant (Cp, = 0.2).

The system of equations, Eqs. (1)—(3), is subject to the
following boundary conditions:

aty =0,
U=0, and H=H, or E=—(—C—”)c,sﬁ.", (4)
ady Ky
asy—lOO'
U=U, and H=H, (5)

where cp denotes the specific heat; k,,, the thermal conductivity;
and g, the rate of the wall heat flux. The subscripts ‘w’ and
‘e’ imply the wall and free-stream conditions, respectively.

k-e€ Transport Equations. Conventional low-Reynolds-
number k— e turbulence models suffer from the wall singularity
caused by the vanishing time scale of k/e at the wall. Recently,
Yang and Shih (1993) and Durbin (1993) showed that the wall
singularity could be eliminated by introducing the Kolmogorov
time scale into their k— ¢ base models as the lower bound of
the usual time scale in the near-wall region. Furthermore, Dur-
bin was able to integrate the standard high-Reynolds-number
form of his k and ¢ transport equations directly down to the
wall. The k and e transport equations implemented a local an-
isotropy term but no “‘ad hoc’’ damping function or additional
source terms. Durbin solved the k and ¢ equations in a coupled
manner with the wall characteristics of the kinetic energy (k =
O0k/dy = 0) as the wall boundary conditions to the coupled

Nomenclature

system of equations. Although the Durbin model formulates the
k and e transport equations in a simple and singularity-frcc
form, it is more sophisticated as the additional v’*-p,, system
of equations is introduced to model the variance of the normal
component of velocity, v'?,

The transport equations for the turbulent kinetic energy and
the dissipation rate proposed by Durbin (1993) were employed
in this study because of their aforementioned attractive features
of the simple and wall singularity-free formulation. The equa-
tions can be written as

Ok ok
g A
a g
oU\? 8 u,)c')k

=u|=—] - pe +— +2) = (6

’u'(t’)y) pe 5y|i(” ity
Oe Oe
T
p Ox 4 dy

_ 1 U\ _ 9 B\ O
- T[Cﬁ#'(ay) C‘Zpe] o [(# ki Js) By] -

where oy, o, and C,, are empirical constants. C¥ is a function
of the ratio of the energy production to the energy dissipation,
representing the production by local anisotropy. Durbin sug-
gested the following linearized equation for C34:

2
1= s+ ul2] /)

where C,, and g, are constants. The time scale is defined by the

8)

a;, C, Cr, C,; = constants
¢, = specific heat

4w = wall heat flux rate
Re;-; = Reynolds number based on

B = nondimensional strain rate
& = boundary layer thickness

C; = friction coefficient the unit length &* = displacement thickness
Cyo = reference velocity fric- Re, = Reynolds number € = dissipation rate
tion coefficient Rez = momentum thickness Reyn- e’ = nondimensional dissipation rate

Cyp, = constant in the turbulent
Prandt] number correla-
tion
C.1, Cqa, C, = constants in the turbu-
lence model
E»(k) = one-dimensional energy
spectrum of v’
f, = damping function
H = total enthalpy
H = boundary layer shape

tensity

olds number
St = Stanton number
T = temperature or time scale
T* = Nondimensional tempera-
ture = (T — T,)u,/
[USYT, - T,)]
Tu = free-stream turbulence in-

U, V = streamwise and cross-
stream mean velocities, re-

= evfu?
nk = Kolmogorov length scale
# = momentum thickness
x = von Karman constant
1 = molecular viscosity
v = kinematic viscosity
p = density
o, 0. = empirical constants in the turbu-
lent kinetic energy and dissipa-
tion rate model equations, re-

parameter = 6*/6 spectively spectively
k = kinetic energy or wave- U* = nondimensional mean ve- T = shear stress
number locity = Ulu, Tx = Kolmogorov time scale

= nondimensional Kkinetic
energy = k/u?

= thermal conductivity

= energy scale =
V(2/3) k¥ /e
| = length scale

{* = nondimensional mixing

length = Iu/v

p = pressure

Pr = Prandtl number

P22 = velocity—pressure gra-

k +
kﬂl
Lu

u, = friction velocity
u',v', w' = rms streamwise, normal,
and spanwise fluctuation ve-
locities, respectively
x, ¥ = horizontal and vertical coor-

y* = nondimensional vertical co-
ordinate = yu./v
Ax, Ay = grid sizes in the streamwise
and vertical directions, re-

Subscripts
e = boundary layer edge
i, j = grid indices in the horizontal
and vertical directions,

dinates, respectively respectively
Xo = unheated starting length t = turbulent flow
w = wall

o = upstream infinity

dient correlation + term spea?t‘i\fﬁ:]y
related to dissipation £ = equilibrium parameter =
tensor (6% 1., )dpldx
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Table 1 The closure coefficients employed in the k and €
transport equations

Cr ay Cq Ca Oy T
6.0 0.09 1.44 1.9 1.0 1.3

usual scale, k/¢, with the lower bound given by the Kolmogorov
scale, (v/€)'"?, as suggested by Durbin (1993):

1/2
T = max [£ y CT(E) ]
€ €

where Cy is a constant. The values of the closure coefficients
used in this study for wall-bounded flow predictions are simi-
lar to those suggested by Durbin (1993). They are given in
Table 1.

In this study, a conventional low-Reynolds-number k—e
model designated ‘‘base model’’ is formed by combining the k
and € transport equations of Durbin (1993 ) and the eddy viscos-
ity closure of Yang and Shih (1993). This ‘‘base’’ model is
fully described by Kwon and Ames (1995).

In order to solve the governing k and e transport equations,
appropriate boundary conditions should be imposed on the wall
and free-stream boundaries along with the initial profiles of &
and ¢ upstream of the flow field. At the wall there exists no
correct explicit condition of e. As discussed by Durbin (1993),
the limiting behavior of k and ¢ is k = €(0)y*/2v as y = 0,
which implies k/8y = 0 at the wall. Therefore, the coupled
system of transport equations should be solved in a coupled
manner with the wall boundary conditions k = 9k/8y = 0 or
with the limiting behavior relationship between k and ¢ and the
no-slip condition k = 0. For the present study, the latter set of
the conditions is used, since it is slightly less cumbersome to
implement with the coupled numerical algorithm. In the free-
stream, the vanishing normal gradient condition was imposed.

(&)

o'l Formulation. Eddy diffusivity, v,, has the dimensional
units of a fluctuating velocity scale times a length scale. From
the simplest physical model, an eddy with a normal fluctuation
velocity, v', takes a mass of fluid from one location in a flow
to another a distance [ away. If a gradient in a property exists,
its diffusion across the flow will be proportional to the gradient
times the product of this velocity scale and length scale. Ten-
nekes and Lumley (1972) suggested the local eddy diffusivity is
roughly equal to the normal variance, v'?, times the Lagrangian
integral time scale, T5. Durbin (1991) formulated his eddy
diffusivity in this manner observing that k- ¢ damping functions
are approximately proportional to v'?/k. Since the Lagrangian
integral time scale times the magnitude of v’ is the Lagrangian
integral scale, this v'*r,, formulation of eddy viscosity is equiv-
alently v'l. The eddy viscosity, therefore, can be written as

pe = pv'l (10)
where p denotes the density; v’, the magnitude of the normal
component turbulent velocity; and /, the turbulent length scale.

Near the wall, the lateral Eulerian integral scale is propor-
tional to the normal distance, y, from the wall. Hunt and Graham
(1978) found this proportionality in their analysis of a shear
free turbulent flow. This proportionality provides a simple yet
sound way to model the mixing length through the boundary
layer and near the wall.

The turbulent boundary layer statistics provided by the direct
numerical simulation (DNS) calculation of Spalart (1988) of-
fers an opportunity to test the validity of these modeling as-
sumptions. First, the turbulent scale of mixing, /, determined
from the DNS data indicates that the distance to the wall con-
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strains the near wall mixing. Figure 1 shows a comparison
between the mixing length [ estimated from the data, by dividing
[—u'v']*byuv'* and dU*/dy™, and a line represented by 0.38
(y* — 5) for y* greater than 5. From y* = 10 through the
logarithmic law region, this mixing length is well represented
by the linear relationship of 0.38 (y* — 5). The offset in this
representation in the sublayer region, where y* < 10, indicates
that the turbulent mixing is less effective. The inviscid damping
of the wall, viscous dissipation of small eddies, and high near-
wall strain rates contribute to the fall off of the near wall depen-
dence of mixing length I* on y™.

In the v’{ formulation of eddy viscosity, the length scale was
correlated based on the DNS data as

1" = k(y* = qe/4)/(1 + 0.48x) for y* = ngl/d

I"=0 for y* < ngl4 (11)

where 7, denotes the Kolmogorov length scale defined by nx
= (v*/€)""*; and By, a nondimensional strain rate defined by

Bx = T(dUldy) (12)

in which the Kolmogorov time scale, T, is defined by 74 =
(v/e)"'*; and the von Karman constant, k, is set equal to 0.38.
Figure 1 shows a comparison between /" determined from the
DNS data, Eq. (11), and the conventional k—e¢ model length
scale of (3/2)'2C,k**/e (or 0.116 k*?*/€ for C, = 0.0945 as
used for the base k—e model). The conventional length scale
can be obtained from the definition of the eddy diffusivity that
v, =v'l = C,k*le. Since v’ = (2k/3) for isotropic turbulence,
the length scale becomes ! = (3/2)'?C,k""*/e. The dependence
of mixing length with y* begins to drop off beyond the logarith-
mic law region or past a y* of about 90 to 100. This slowed
growth of 1 is probably due to the intermittency of turbulent
and free-stream fluid in this region. Modeling / in this region
can be readily accomplished by using the minimum of ! and
the k— ¢ formulation of mixing length, 0.116 k*"*/e.

Based on both the experimental study of Thomas and Han-
cock (1977) and analytical studies of Hunt and Graham (1978)
and Spalart (1988), v’ is strongly attenuated by the wall. Model-
ing v’ can be accomplished by developing a model spectrum
based on the dissipation rate. In the inertial subrange of the
spectrum, the v’ spectra can be represented by

Ex(k) = Ce*k~3" (13)

where E,(k) denotes the one-dimensional energy spectrum of
v’} €, the dissipation rate; k, the wavenumber; and C, a constant.
This model is expected to be valid in the regions of the boundary
layer where the turbulent Reynolds number is high enough to
support an inertial subrange. Very close to the wall, the validity
of an inertial subrange for the v’ spectra becomes questionable,
yet this model has been found to work quite well. Based on
Hunt and Graham (1978), v'? scales on (y/Lx)** near the wall

100 .
o Splart DNS %
80 H Equation (11) | ——+— 4
g - - - C,(3/2)"kMle °
[+]
5 60
8
EY
- -
N —
0
1 10 100 1000

Y+

Fig. 1 Mixing length comparison
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Fig. 2 Comparison of v'+

of their shear free turbulence layer. This implies that the energy
from the attenuation of larger scale eddies due to wall blocking
can be modeled by scaling a large-scale cutoff wavenumber on
1/y. Hinze (19735) reports that according to Pao the spectrum
is determined only by € and k& (wavenumber) in the dissipation
range so the natural length scale for the high wavenumber cutoff
is the reciprocal of the Kolmogorov length scale, 1/7,. Near
the wall in a turbulent boundary layer, the dissipation is known
to be anisotropic, and according to Durbin (1993), scales ap-
proximately on v’%/k, so an anisotropic form of € (¢,) is needed
in this region. Away from the wall, in the log layer and beyond,
the dissipation becomes more and more isotropic with respect
to spectral scaling. Using the concept of the low wavenumber
(1/y) and high wavenumber (1/7) cutoffs, Eq. (13) can be
integrated to provide an estimate for the local value of v’?, The
simple spectrum model for v’ becomes

v'? = Cel*(2.5y*° — 15n%? (14)

In the region where the expression in the parentheses is less
than zero, v'? is taken as 0. This condition only arises around
a y* less than 2 or 3 in a region where the turbulent viscosity
is negligible. The anisotropy of e can be modeled using an
empirical damping function. The damping function uses a non-
dimensionalized strain rate, S, to provide the majority of the
damping and an exponential term to give the proper near-wall
dependence:

& = €[l — exp(—y/1.2n)°/(1 + 2Bk + 58% + Bk) (15)

The exponential term in Eq. (15) is introduced to achieve a
correct near-wall limiting behavior of v’ and its effect on the
analysis is generally small. The variable 8y nondimensionalizes
the strain rate using the Kolmogorov time scale, 7. This is an
attempt to correlate the influence of strain empirically on the
attenuation of v’ in the sublayer. The strain rate also correlates
with the anisotropy of ¢, which is due to the near-wall dissi-
pation of the highly anisotropic fluctuating components u’
and w'.

The final representation for v’ is the following function of
dissipation, strain rate, and relative position from the surface:

v = Cui[es-’3(2.5y2f3 _ I.S?’J‘%{”)]”z (lﬁ)

where the constant C, is set equal to 0.584. The DNS data of
Spalart were used to develop these formulas and Fig. 2 shows
a comparison between Spalart’s v'* statistics and the equation
forv’ given above. The computed v’ profile compares well with
the DNS data. :

The turbulent viscosity, y,, can be calculated from Eq. (10)
along with Eqgs. (11) and (16). However, in order to bound v’
and [ in y, a check is made to ensure that y, obtained from Eq.
(10) is less than that from the formulation given below for the
k—¢ model:

860 / Vol. 118, NOVEMBER 1996

Table 2 The closure coefficients employed in the vl model

Cu! Cp K
0.584 0.0945 0.38
pe = C,pk*le (17)

Furthermore, v’ is also bounded by (2k/3)""2. The closure coef-
ficients of the v'l model are summarized in Table 2.

Computation Results and Discussions

The v'l closure model was applied to analyzing various turbu-
lent flows for model verification. For these analyses, the govern-
ing conservation equations for mass, momentum, and energy,
Egs. (1)—(3), were solved using an implicit finite difference
scheme in an uncoupled manner. The turbulent kinetic energy
and dissipation rate transport equations, Eqs. (6) and (7), were
also solved using an implicit finite difference scheme, but in
a coupled manner. For the turbulent transport equations, the
convective terms were discretized by using a second-order accu-
rate scheme. A detailed solution procedure for a coupled system
of equations can be found elsewhere (Anderson et al., 1984).
All calculations were performed using double precision arithme-
tic on an IBM RS6000 work station,

A Flat Plate Boundary Layer. The first test case for the
proposed v’/ model along with the base k— e model was a flat
plate turbulent boundary layer, The boundary layer form of the
mass and momentum conservation equations, Eqs. (1) and (2),
were solved with the proposed turbulence models. The upstream
starting profiles were generated based on the one-seventh power
law assumption. The computation was performed from near the
leading edge of a flat plate until Re, became approximately
15,000. The assumed upstream free-stream turbulence intensity
was | percent. The grid in the normal direction was stretched
at the rate of Ay;,,/Ay; = 1.05, where Ay and j denote the
grid spacing and index, respectively. The first grid point from
the wall was located at y* =~ 0.05. The grid was also stretched
in the streamwise direction at the rate of Ax;/Ax,_, = 1.03 but
not exceeding 0.26, where § is the boundary layer thickness.
The first streamwise grid spacing was only a fraction of the
boundary layer thickness (~0.0016) in order to keep the influ-
ence of the initial profile on the flow solution within a short
distance near the leading edge.

Figure 3 presents the computed skin friction coefficients us-
ing the v’/ and base models along with the data measured by
Wieghardt and Tillmann (1969) and Purtell et al. (1981). The
computed data agreed well with the measured data. In detail,
the v'l model provided the higher value than the base model.

0.005
= E‘T“ Model
Model
0.0045 o Wieghart-Tillmann Data (1968) |
o Purtell, et al Data (1981)
0.004 == =
& 0.0035 }};%n — — o
0.003 L e=rri TN Jb\h“ — Pr—
0.0025 | - —:"?""“"Mm
0.002
0 2500 5000 7800 10000 12500 15000
%

Fig. 3 Comparison of skin friction coefficients
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Table 3 Flat plate turbulent boundary layer integral pa-
rameters

Re; = 670 Re; = 1410
X100 H  CGx100 H
Wieghardt-Tillmann Data 4.96 — 3.98 —
Purtell et al. Data 4,91 1.53 3.99 1.46
Spalart DNS Data 4.86 1.50 4,14 1.43
Base k-¢ Model 4.72 1.53 3.85 1.45
v'l Model 4.86 1.56 4,05 1.47

Table 3 compares the computed friction coefficient, C;, and
shape parameter, H, with measured data and DNS data at two
streamwise locations. The momentum thickness Reynolds num-
bers Rey at these locations were 670 and 1410, respectively.
The DNS data were obtained by Spalart (1988). At both loca-
tions, the v’/ and base k— ¢ models gave a fair to good agreement
with the data. The agreement between the computed and mea-
sured data was in general better at the higher Re,;. At Re, =
670, the v'l predicted a similar friction coefficient to the DNS
data. However, both of the computed values were lower than
the measured data by 1-2 percent. At higher Reg, the v’/ model
predicted a C; between the measured data and the DNS data.

Figure 4 shows the predicted mean velocity profiles at Re,
= 1410 compared with the DNS data of Spalart (1988) and the
predictions of the Durbin and Yang—Shih models. The proposed
v'l model and the base k— ¢ model gave a good agreement with
the DNS data, which is natural since the model coefficients
were set based on the DNS data. In Figs. 5 and 6, the predicted
kinetic energy and dissipation rate profiles at Re, = 1410, using
the v’l and base k— ¢ models are compared to DNS data (Spalart,
1988). The predictions from the Durbin model and Yang and
Shih model are also shown in comparison. Overall, the proposed
models gave good agreement with the data. The most significant
difference between the model predictions and the data was ob-
served in the near wall dissipation rates as shown in Fig. 6. The
v'l model provided the best agreement with the DNS data in
that region. The second peak of the dissipation rate occurring
at y* =~ 10 was well predicted by both v'[ and base k— e models
as compared with the DNS data.

A Turbulent Boundary Layer With an Increasingly Ad-
verse Pressure Gradient. Samuel and Joubert (1974) mea-
sured a nonequilibrium turbulent boundary layer developed un-
der an increasingly adverse pressure gradient and later under a
brief decreasingly adverse pressure gradient near the end of the
test section. Such a nonequilibrium flow is difficult to predict
with conventional k—¢ models and, therefore, has been often
used as a test case for turbulence models.
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=~ = = Durbin Model
20 | — —Base Model T AR
o Spalart DNS
15 | v'l Model _
+
: ‘s
10 35 L e e
5 —
0
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Fig. 4 Comparison of mean velocity profiles with DNS
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Fig. 5 Comparison of turbulent kinetic energy

The proposed v'l and base k— ¢ models were tested to verify
their prediction capabilities for this nonequilibrium flow, For
comparison purposes, the flow was also analyzed by using the
models developed by Launder and Sharma (1974) and Durbin
(1993). The calculation started with a zero pressure gradient
boundary layer at x = 0 m. The computed momentum thickness
Reynolds numbers at the first measurement location where x,
= 0.855 m were matched iteratively to the measured data of
Re, = 4830 based on the inlet reference velocity. The measured
Reynolds number based on the inlet reference velocity per unit
length was approximately 1.7 X 10® m™'. The free-stream ve-
locity distribution was estimated from the measured streamwise
gradient of the pressure coefficient. The computational grid ar-
rangement was similar to the previous flat plate boundary layer
case except the streamwise stretching was limited to 0.056.

In Fig. 7, the computed friction coefficients, normalized on
the upstream reference velocity, were compared with measured
data. The friction coefficient, Cyy, at the first measurement loca-
tion (x — x;, = 0 m) was overpredicted by all the models.
Downstream, the v’/ model as well as the Durbin model pro-
vided good comparisons with the data, although the v’/ model
gave a slight underprediction in the relatively strong pressure
gradient region. The base k— e model prediction was slightly
higher than the data in the entire region. Meanwhile, the predic-
tion of the Launder and Sharma model initially compared well
with the data but deviated gradually as the pressure gradient
built up. '

Turbulent Boundary Layer With Heat Transfer. The
proposed v’/ model as well as the base k— e model were evalu-
ated for their heat transfer prediction capabilities. For a rela-
tively clean flow with low free-stream turbulence intensity ( Tu..
< 0.5 percent), these two models predicted surface heat transfer

0.30 7
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0.25 L— o - = = = Durbin Model ]
% — —Base Model
0.20 £ v'l Model
o Spalart DNS

L N : — 1
010 |
005 |
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Fig. 8 Comparison of dissipation rate
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Fig. 7 Comparison of Samuel-Joubert flow

in good agreement with measured data and the turbulent bound-
ary layer correlation given by Kays and Crawford (1980) as
shown in Fig. 8, The data shown in Fig. 8 were measured by
Ames and Moffat (1990) for a zero pressure gradient boundary
layer, which developed on a uniformly heated flat plate with an
upstream unheated length of 0.19 m. The measured upstream
Reynolds numbers per unit length were approximately 1 X 10°
m~' and 2 X 10° m™'. The turbulent Prandtl number was ob-
tained from the Kays correlation [Kays and Crawford, 1980,
Egs. (12)-(41)].

The v'l and base k—¢ models were also assessed for pre-
dicting heat transfer from flat plate boundary layers with high-
intensity, large-scale turbulence. Ames and Moffat (1990) gen-
erated high-intensity, large-scale turbulence in a simulated com-
bustor, which produced turbulence levels up to 19 percent with
a length scale ranging from about 11 to 14 cm. Such high-
intensity, large-scale free-stream turbulence can cause high an-
isotropies in the wall boundary layer. Ames and Moffat ob-
served from their experiment that the normal component turbu-
lence was strongly attenuated by the wall, which resulted in a
significant reduction of the influence of free-stream turbulence
on boundary layer development. Such phenomena cannot be
predicted by conventional k—e models since the models have
no mechanism to deal with the anisotropic behavior of external
turbulence.

Heat transfer analyses were performed for three turbulent
boundary layers measured by Ames and Moffat (1990) with
their turbulence generator #5, The measured upstream Reynolds
numbers per unit length of these flows were approximately 0.38
X 10°m™, 0.75 x 106 m™', and 1.4 X 10 m~'. The upstream
turbulence was Tu., =~ 19 percent and Lu.. =~ 12 cm. At the end
of the test section, the turbulence intensity level decreased to
approximately 7 percent. The calculations started near the lead-
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Fig. 8 Comparison of surface heat transfer distributions for uniformly
heated plate
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Fig. 9 Heat transfer with high level turbulence

ing edge of the uniformly heated test plate. The computed Re,
at the first profile measurement location (x = 0.2032 m) was
matched to the data with the v’/ model. However, for other k-
€ models such as the Launder and Sharma, Durbin, Yang and
Shih, and base k- e models, some difficulties were experienced
in the trial-and-error matching of Re,. Such problems were
caused by the prediction of unrealistically high mixing, which
resulted in rapid boundary layer growth. For these models, an
arbitrarily thin boundary layer thickness was specified upstream
such that it provided the closest Rey at the first measurement
location compared to the data. The energy equation was solved
with measured surface heat flux as the wall boundary condition,

The computed results for the three Reynolds numbers were
similar and, therefore, the results of Reynolds number per unit
length of 0.75 X 10° m™" are presented in this paper. Figure 9
shows the computed wall Stanton numbers along with measured
data. The agreement between the computed heat transfer using
the v’/ model and the data was excellent, while other models
overpredicted significantly. Compared with unaugmented heat
transfer represented by the Kays and Crawford correlation
(Kays and Crawford, 1980), the conventional k—e models’
prediction of heat transfer augmentation was approximately 50—
150 percent higher than the measured augmentation level. The
Durbin relaxation model, which provided reasonable predictions
for the nonequilibrium flow under increasingly adverse pressure
gradient, performed equally poorly as the conventional k—e
models. Figure 10 shows calculated velocity and temperature
profiles at the near exit plane (x = 2.13 m) using the proposed
v'l model. Computed profiles agreed reasonably well with the
measured data.

The relatively good performance of the v'l model for non-
equilibrium flows such as the Samuel-Joubert flow (Samuel
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+ 15 mae B L
[
-
=10
o U+
5 S— R -
— 'l Model
o 1
1 10 100 1000 10000
Y+

Fig. 10 Comparison of velocity and temperature profiles
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and Joubert, 1974) and flat plate boundary layers with high-
intensity, large-scale turbulence measured by Ames and Moffat
(1990) might be attributed to the formulation of the eddy diffu-
sivity in terms of the velocity and length scales, which were
modeled based on the dissipation rate and the local coordinate.
With such formulations, the proposed v’/ model was able to
account for the anisotropy of the turbulence and the reduced
length of mixing in the near wall region more adequately. Addi-
tionally, the v'l model has performed better in correlating the
high turbulence heat transfer data than Durbin’s relaxation
model. For flows like those of Ames and Moffat (1990) the
turbulence is highly anisotropic near the wall, including the
outer portion of the boundary layer, and Durbin’s time scale
(k/e) is too large. The second important factor in the v’l model
performance was the use of Durbin's (1993) more adequate
nonsingular € equation augmented with the local anisotropy
term. This argument was based on the observation that the base
k- ¢ model, which employed the conventional eddy viscosity
formulation with a damping function, provided often compara-
ble solutions to the Durbin relaxation model and significantly
better than conventional k—e models,

Summary

In this study, a k— e based velocity and length-scale closure
model was successfully developed. In the model, the velocity
scale of the eddy viscosity formulation was evaluated by inte-
grating the normal component energy spectrum; and the length
scale from the local distance from the wall. The energy spectrum
was based on the local dissipation rate. The kinetic energy and
dissipation rate were obtained from the modeled form of k and
€ transport equations proposed by Durbin (1993). The model
was tested in various turbulent flows including nonequilibrium,
anisotropic flows. The results showed that the proposed velocity
and length scale approach provided substantial improvements
in flow and heat transfer predictions, especially for the nonequi-
librium, anisotropic flows tested. Existing k— € models including
the Durbin’s relaxation model failed to predict such nonequilib-
rium, anisotropic flows. The good performance of the proposed
model resulted from the velocity scale and mixing length scale
formulations, which constrained the eddy diffusivity to physi-
cally realizable levels, and accounted for the reduced mixing
more adequately.
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The influence of rotation and uneven heating condition on the local heat transfer
i . coefficient in rotating, two-pass rib-roughened (rib height e/Dy =~ 0.17 — 0.20; rib
Wei-Jen Liu pitch p/e = 5) rectangular channels with cross-sectional aspect ratios of 1 and 1.5

Graduate Student, were studied for Reynolds numbers from 5000 to 25,000 and rotation numbers from
0 to 0.6152. Regionally averaged Nusselt number variations along the duct have
been determined over the trailing and leading surfaces for two pass channels. In
general, Coriolis-induced secondary flows are shown to enhance local heat transfer
over the trailing (leading) surface in the first (second) pass compared to a duct
without rotation. Centrifugal buoyancy is shown to influence the heat transfer re-
sponse with heat transfer being imposed on both leading and trailing surfaces as the
wall-to-bulk fluid temperature difference is increased with other controlling parame-
ters fixed. Results also indicate a slight decrease in heat transfer coefficient for an
increase in passage aspect ratio. Results are compared with previous studies. It is
Jound that the results agree quite well with those reported by other works for two-
pass flow channels.
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1 Introduction

Owing to the increase in the turbine inlet temperature of gas
turbine engines, there is an urgent need today to obtain a higher
efficiency in the engines of aircraft, ships, and many other indus-
trial applications. Parallel with the evolution of metal working
at high temperatures, several methods of cooling rotor blades
have been tried and developed. Cooled blades are widely used
in modern engines. Radial channel cooling is a commonly used
method. These channels are often designed with two artificially
roughened and two smooth walls, and the designer must know
the heat transfer coefficient on each of the walls in order to
predict the turbine airfoil’s life correctly. Naturally, it is also
necessary to know the pressure loss for such a channel. Highly
sophisticated cooling techniques such as augmented internal
convective cooling have been employed for turbine blades in
order to maintain acceptable safety requirements under extreme
operating conditions, However, it is important to understand
the effect of blade rotation on local heat transfer coefficient
distribution inside the serpentine coolant passages and the sur-
face heating conditions.

As the increase in heat transfer rate is accompanied by a
friction factor increase, the preferred roughness geometry will
yield the desired heat transfer augmentation with a minimum
friction factor. The internal passages can be approximately mod-
eled as square or rectangular channels with two opposite rib-
roughened walls. The heat transfer and friction characteristics
in these channels are different from those of circular tubes,
parallel plates, or annuli.

Rotation of turbine blade cooling passages gives rise to Cori-
olis and buoyancy forces that can significantly alter the local
heat transfer in the inward coolant passage from the develop-
ment of cross-stream (Coriolis), as well as radial (buoyant)
secondary flows.

Contributed by the Heat Transfer Division for publication in the JoURNAL OF
HEAT TRANSFER. Manuscript received by the Heat Transfer Division May 25,
1995; revision received July 31, 1996. Keywords; Forced Convection, Rotating
Flows, Turbines. Associate Technical Editor: T. J. Rabas.
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Buoyancy forces in gas turbine blades are substantial because
of high rotational speeds and coolant temperature gradients.
Therefore, a better understanding of Coriolis and buoyancy ef-
fects and the capability to predict the heat transfer response to
these effects will allow the turbine blade designer to achieve
optimum cooling configurations that utilize less flow and, con-
sequently, reduce the compressor power as well as thermal
stresses in the airfoil. In addition, under realistic conditions, the
blade surface is subjected to different or uneven heat flux or
temperature on the leading or trailing surface of the serpentine
square channels, Furthermore, it is shown (Parsons et al., 1994)
that the uneven wall heat flux/temperature creates local buoy-
ancy forces that would change the effect of the rotation, which
results in changes in the local heat transfer coefficients on the
leading/trailing surface due to the uneven heat flux especially
for multipass flow channels. The results presented in this paper
are aimed at studying the uneven heating load effects of rotation
on a two-pass square and rectangular channels with two oppo-
sitely ribbed walls from heat transfer measurements.

1.1 Summary of Previous Studies. Results of several in-
vestigations have been extensively discussed for rotating pas-
sages with smooth walls. Heat transfer enhancement was studied
with the use of rib turbulators in the stationary case, but it had
not been treated in the rotating system before 1990, In recent
years, Taslim et al. (1991a, b) has begun to study the roughened
surfaces. A number of investigators have studied the phenomena
of the Coriolis force induced secondary flow. These include the
analytical works by Hart (1971), Moore (1967), and Rothe
and Johnston (1979), and the experimental works by Wagner
and Velkoff (1972) and Johnston et al. (1972). They all came
to the same conclusion that, when a channel is being rotated,
there would be strong secondary flows, and they have identified
aspects of flow stability that produce streamwise-oriented vor-
texlike structures in the flow of a rotating radial passage. How-
ever, the effect of centrifugal buoyancy force seems not to be
mentioned ‘until the report from Morris and Ayhan (1979).
Based on their results, the buoyancy force would make the
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Table 1 Relevant data for experimental investigations on rotating cooling channels

Investigators Physical Boundary | Rotation Reynold Smooth/Re 1 Develiping. F Flow Local/Mean
Geometry Condition | Number Number Channel Fully Develo: Investigated Direction Nu

Wanger et al. Square Duct wT 0zRo=0.48 12,500 | Smooth Channel(single FD Re,Ro,ap /p | Radially local
(1991a) 50,000 | pass/orthogonally R/DGr/RE | Outward Flow

rotating)
Wanger et al. Square Duct UWT OsFRos0.48 25,000 | Smooth Serpentine D/FD Re,Ro,ap /p | Radiallylnward/ 1ocal
{1991b) Channel(three pass/ 2 | Outward Flow

ortt Ily rotating) R/DGr/Re
Yang et al. Square Duct UHF 0= Ro = 0.042 44,000 | Smooth Serpentine D/FD Re,Ro,Ra, RadiallyInward/ Local
{1992) 110,000 § Chanmel{four pass/ Outward Flow

orthogonally rotating)
Wanger etal. Square Duct UWT DsRos0.35 25,000 | Roughened Channel D/FD Re,RoAp /p | RadiallyInward/ Local
(1992) (three pass/orthogonally R/DGr. /R Outward Flow

— Totatin,

Han etal. Square Duct UWT 0=Fo=0.352 2,500 | SmoothChannel(single FD Re,Ro.Ap /p | Radially Local
(1992) {uneven) 25,000 | pass/horizontally QCutward Flow

rotating)
Hanetal. Square Duct UWT 0sFos 0,352 2,500 | Smoath Channel (two D/FD Re,Rosp /p | Radiallylnward/ local
(1993) {uneven) 25,000 | pass/horizontally Outward Fow

S— e
Parsons et al. Square Duct UWT 0sFo=0.352 2,500 | Roughened Channel{two D/FD Re,Ro,Ap /p | Radiallynward/ Local
(1994) (uneven) 25,000 | pass/horizontally Cutward Flow
/UHE rotatin,
Johnson et al. Square Duct UwT 0sRo=0.35 25,000 | Smooth(skew) D/FD ReRoAp /p | Radiallylnward/ Local
(1994) Serpentine Channe| WD,;G:/Rel Qutward Flow
: _ (orthogonally rotating)

Hsieh and Hong Square Duct UHF 02FRo=0.50 5,000 | Roughened Channel D/FD Re,Ro,Re, Radially Local
{1995) 25,000 | (single pass/orthogonally Outward Flow

rotating} Ra,
Parsons etal. Square Duct UWT/UHF | 0sRos0.352 2,500 | Roughened Channel{two DVED Re,Roap /p | Radlallylnward/ Local
{1995) 25,000 | pass/horizontally Outward Flow

1] )
Zhang et al. Square Duct UwT 0=Ro=0.352 2,500 | Roughened Channel(two D/FD Re,Ro.4p /p | Radiallylnward/ 1ocal
{1995} {uneven) 25,000 | pass/horizontally Outward Flow

i -
Present Study Rectangular and UHF OsPRos0.615 5,000 | Roughened Channel DvFD ReRo.p /p | Radlallylnward/ Local
Square Duct (uneven) 25,000 | (two pass/orthogonally O Flow | { 1} g
Tt

significant change of heat transfer and depends strongly on the
flow direction (radially inward or radially outward flow).
Meanwhile, studies on the combined effects of Coriolis and
buoyancy forces in smooth rotating channels start to emerge,
such as Mori et al. (1971), Morris and Ayhan (1982), Lokai
and Gunchenko (1979), Clifford et al. (1984), Iskakov and
Trushin (1983) Guidez (1989), etc. Several of them found that
the combined effects would increase the heat transfer coeffi-
cient, but others found the opposite results. This may be caused
by different experimental techniques used and different test
conditions. These differences have been further confirmed by
Wagner et al. (1992). They experimentally determined the in-
fluences of heat transfer in rotating multipass on the buoyancy
and Coriolis effects. It was found that, for radially outward flow,

the heat transfer coefficient on the trailing side is increasing with
the rotating speed. On the other hand, it decreases with rotating
speed increase on the leading surface. During their experiments,
the angle of attack of the ribs was 90 deg. Later, they did the
same experiments but with the angle of attack of 45 deg. The
same results were found except that for smaller buoyancy ef-
fects.

Recently, Yang et al. (1992) experimentally studied the heat
transfer characteristics in a four-passage smooth duct and, more
recently, Zhang et al. (1995) and Han et al. (1993) conducted
several experiments for two passages in roughened channels.
Despite the differences of the number of flow passages and
surface geometry, they all reached the same results as Wagner
and Johnson, which is different from that of Hsieh and Hong

Nomenclature

A = projected area
AR = channel aspect ratio = H/
W .
C, = discharge coefficient
C, = specific heat at constant

pressure
Dy, = hydraulic diameter =
2WHI(W + H)
e = rib height

G = mass flow rate
H = height of channel
h = heat transfer coefficient
ky = thermal conductivity of air
at film temperature
L = test channel length
Nu = regionally averaged Nus-
selt number = AD,/k,
Nuy, = fully developed Nusselt
number
Nu,.,, Nu,, = regionally averaged Nu on
ribbed wall with/without
rotation, respectively
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p = pitch
¢, = local heating boundary conditions
@, = the total power input to the test
section
R = midspan eccentricity (300 mm)
Ra,, = rotational Rayleigh number =
BAT, R(Re Ro)? Pr/k,
Rey = Reynolds number = UDy/v
Req = rotational Reynolds number =
QDY
Ro = rotation number = Reg/Rey
(= QDyx/U)
T = local temperature
Ty; = bulk temperature at inlet
T, = local bulk temperature
T; = film temperature = (T, + T}, )/2
T,, = local wall temperature
T, = free-stream temperature
U = mean channel velocity/
throughflow velocity

W = width of channel
x = downstream distance
B = coefficient of thermal expan-
sion and model orientation
AT=T, — Ty,

AT,, = used in calculation of Ra,
which was chosen at an aver-
age of inlet and exit fluid bulk
temperature differences for
all the rotational speeds under
study

(Aplp); = density ratio based on the in-
let bulk temperature
v = kinematic viscosity of air
= rotational speed

Subscripts
0 = free stream/discharge
t = total
w = wall

0 = rotational
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Table 2 Rib geometries and operating conditions in the channel under study*

p/e W (mm) H (mm) AR D)y(mm) e/Dy
geometries s - 20 1 20 0.20
30 1.5 24 0.17
relavent Rey Reg Rag Ro
arameters
# £ 5000 -25000 0-3076 0-1.1x10° 0-0.6152
First pass Second pass
boundary : - 2 .
conditions e (leading) ¢ (trailing) Q (leading) Qv (trailing)
1860W/m’ (case 1) 7440W/ m’ (case 1) 1860W/m* (case 1) 7440W/ m' (case 1)
7440W/ m' (case 2) 1B60W/m' {case 2) 7440W/ m’ (case 2) 1B60W m’ (case 2)
A s
LI 1,_] [
ﬂc;;\r* * f-l P kI{
| 1 O 0
LA section A-A

* corresponding dimensions shown in Figure 2

(1995) for a single passage. Both trailing and leading surfaces
heat transfer coefficients were found to be increased. This may
be caused by different geometric configurations of the test chan-
nels (e.g., rectangular and square ducts) which needs further
confirmation. Later, Parsons et al. (1994) experimentally stud-
ied the uneven wall temperature effect on heat transfer in a
rotating two pass ducts. Most recently, Parsons et al. (1995)
experimentally studied the effect of model orientation (8 = 0
and 45 deg) and wall heating condition on local heat transfer
in a rotating two-pass square channel with rib turbulators. Table
1 lists the relevant previous experimental investigations on heat
transfer in rotating channels.

1.2 Scope and Objectives. This paper is a continuation
of work by Hsieh and Hong (1995) on a single passage with
isoflux heating. The test section is expanded to two passages
with uneven heat flux effect on heat transfer characteristics. The
objectives for the study are further examination of the different
buoyancy effects induced by inward and outward flows, and
the complicated mixing effect with Coriolis force on heat trans-
fer during the rotation. Besides, the present two-pass model is
more realistic compared to that of a single passage reported by
Hsieh and Hong (1995).

Moreover, the change of boundary conditions from constant
heat flux to uneven heat flux is to meet practical needs (more
realistic) and to further verify the phenomena of heat transfer

Table 3 Typical nondimensional interval for the relevant variables

Journal of Heat Transfer

in the first passage of the previous study, which resulted in
different results with other investigators due to different geo-
metric configurations of the test channels.

With different boundary conditions on leading/trailing sur-
faces in the present study, one may get a clearer picture regard-
ing the heat transfer behavior and flow phenomena than before.
The main controlled parameters are wall heat flux, rotation num-
ber, Reynolds numbers, and cross-sectional aspect ratios.

2 Experimental Apparatus and Procedure

The present test facility is similar to that used by Hsieh
and Hong (1995) with a slight modification in heating element
design and flow passage, which is schematically shown in Fig.
1. The facility comprised a heat section, a blower, a motor, a
heat source, two slip ring assemblies, and a datalogger. The test
section consisted of a ribbed two-pass serpentine flow channel
with 2.0 X 2.0 cm square and 2.0 X 3.0 cm rectangular cross-
sectional channels, respectively, mounted on a shaft supported
by two bearings. The rotating shaft speed is measured by a
digital photo tachometer. The air used for the test fluid was
blown through the test section via a rotating seal assembly in
the radially outward direction with a 2 kW centrifugal blower.
A 34.0-mm-dia pipe, equipped with a 17.0-mm-dia orifice plate
(Cy = 0.66), was used to measure mass flow rate. After passing
through the orifice plate, the air enters the plenum cylinder in
the hollow shaft and it flows through the straightener fixed in
the interior of the shaft to eliminate the initial swirl before
entering the square duct. The Reynolds numbers based on the
channel hydraulic diameter (Dy) ranged from 5000 to 25,000.

varlables Unicertainty To determine the locally averaged streamwise heat transfer
coefficients in the channel along the flow direction, the two-

Specific heat of alr c, =3% pass test flow channel is divided into 15 sheet copper sections
Hydcaulic diameter of flowpass Dy B gZhang etal., 1995) (see Fig. 2 for details ). Each copper sccti_on
is composed of two copper plates (23 X 19 X 3 mm each) with

Air flow rate G =5.2% two other sides made of plexiglass, with has an inner cross
h section of 20 mm by 20 mm. The Teflon strips are machined

ermal conductivity of air k + 3% 4 i

along the periphery contact surface between copper section for

Temperature T 10.5°C insulation to prevent possible heat conduction. The ratio of
channel length to hydraulic diameter (L/Dy) is 34, which gives

Rotationat fpeed " =ER that ratio for each );)ass of 17. The ratio of the mean rot%sting
Reynolds number Re, £6.9% arm radius to the channel hydraulic diameter is 30. The rib is
oppositely positioned on two walls of the square test channel.

Rotstiual fEymiolds number Req AL TI])'IE rib l?cipghl-lo—hydrau]ic diameter ratio (1; Dy) is 0.2. The
Local Nusselt number Nu =13.6% rib pitch-to-height ratio (p/e) is 5 and the angle between the
rib and coolant flow direction equals 90 deg. The aspect ratios
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Table 4 Values of relevant parameters performed in the study

Ro Ro
R
&N AR=1 AR=1.5
%
Rey \7| 534 1068 1602 2136 769 1538 2307 3076
(3.3x107) | 1.3%10%) [ @.9x10% | 6.1x10% | 7.0x107) | R.8x10%) | (6.2%10% | (L.1x10%)
5000 01068 | 0.2136 | 0.3204 0.4272 | 0.1538 | 03076 | 0.4614 | 0.6152
10000 0.0534 | 0.1068 | 0.1602 0.2136 | 00769 | 0.1538 | 0.2307 | 0.3076
15000 0.0356 | 00712 | 0.1068 | 0.1424 | 0.0513 0.1025 | 0.1538 | 0.2051
20000 0.0267 | 0.0534 | 0.0801 | 0.1068 | 0.0385 0.0769 | 0.11535 | 0.1538
25000 | 00214 | 004272 | 0.06408 | 0.0854 | 0.0308 | 0.06152 | 009228 | 0.1230
a4/ q; = 0.25(case 1)and q,/q, ~ 4{case 2)
Underlined values indicate the maximums / minimums

are 1 and 1.5. The ribbed leading and trailing surface were
made by gluing plexiglass ribs (each 20 X 4 X 4 mm), which
are different from those in real engines with low thermoconduc-
tivity, in between two copper plates to the plexiglass square
channel on opposite walls in a required manner. Each wall has
its own thin film (1 mm) resistance heater powered by a variac

transformer for controlled heat fluxes. The power to each ele-
ment was adjust to obtain an uneven heating condition on each
leading/and trailing wall. The smooth side walls are insulated
from the leading and trailing walls to minimize heat looses to
the environment. The entire heated section is insulated by 2-
mm-thick styrofoam. The local wall temperature of the test

O Stationary(leading) A 200rpm(leading) O 400rpm(leading) ¥V 000rpm(leading) < 800rpm(leading)
B Suationary(trailing) A 200rpm(trailing) @ 400rpm(trailing) ¥ 600rpm(trailing) € 800rpm(trailing)
18
AR=1 18
Rey =5000 16 [ Re, =5000 :
16 ] & (railing
0 sRos 04272 14 [ 9=8001bm o ieading
14 F OSRagss-lxlos 12 case c,Parsons et al.(1994)
qs/q; = 0.25(case 1) Eﬁ“-:’-‘llo -
° 8 :’ st pass 2nd pass
12 g RARE N
s $$ @
Nuw 10 | e v 2 Posn ol V8RS
Nuo v 0 PR I PN I
g L® ™ A 0 4 8 12 16 20 24
" first pass v A Dy
* second pass
A _*Cte0, . eoonm s P
6 YVYvwvv¥ v * o 0 v !
oeveedlYYYe.,
"ihagga e g “Sumn
o8 LT T
§89885888004° RIIELNLL
;| %%¥88¢548668
0 1 ] ] 1 ] ] ] , turn L L | ] ] 1 !
0 2 4 6 8 10 12 14 16 18 20 22 24 26 28 30 32 34
x/Dy

Fig. 3 Effect of rotation on Nusselt number ratio (g,/q; = 0.25)
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section is measured by 30 AWG40 copper-constantan thermo-
couples distributed along the downstream flow direction and
around the perimeter of copper test section. Two more thermo-
couples measure the inlet and outlet bulk air temperature. There
is an unheated plexiglass entrance duct that has the same cross
section and length (x/Dj; = 5) shorter than that of the test duct.
A Schlumberger Solartron 3530 datalogger was interfaced with
an IBM PC/AT for data acquisition.

Experimental data were taken on the leading and trailing sur-
faces of the test section in both rotating and stationary channels.
Rotational speeds of 200, 400, 600, and 800 rpm were set in either
the counterclockwise or clockwise direction. The test channel ge-
ometry and operating conditions are listed in Table 2.

3 Data Reduction and Uncertainty Analysis

One of the main goals is to analyze the local (regionally
averaged) heat transfer phenomenon on both leading and trail-
ing surfaces. The heat transfer quantitative analysis is done by
Nusselt number. In order to determine the local (regionally
averaged) Nusselt number, it is necessary to obtain the axial
variation of heat flux from the passage wall and the difference
between the wall temperature and the bulk mean temperature
of the coolant. To get the local Nusselt number, one uses the
equation h(x) = Qu/[A(T, — T,)], where h(x) is the local
heat transfer coefficient, (Q,./A) is the local heat transfer rate
per unit area from the wall to the cooling air, (7,,) is the local
wall temperature of the plate, and (7},) is the bulk mean air
temperature. The surface area is the projection area not includ-
ing the surface of the rib. The electrical power generated from
the heater is determined from the measured heater resistance
and voltage on each wall of the test duct. The effect of axial
wall conduction between copper sections on the local net heat

transfer rate is less than 3.2 percent, which is also included in
the data analysis.

The value of (7},) is obtained by energy balance, and defined
as Ty = Ty + Z 0,/ (GC,), where Z 0, is the summation of
net heat given to the air from the entrance (about 26°C) to a
specified position along the downstream distance. Heat loss
measurements were obtained with no coolant flow and constant
electrical power supplied under steady-state conditions with ro-
tation, identical to the heat transfer Q,,, experiments, but without
coolant flow. The heat loss to the outside of the test channel
ranged from 13 to 24 percent of the total heat supplied for
stationary heat transfer levels. The local Nusselt number was
calculated by Nu = h(x)Dy/k; where k; is the thermal conduc-
tivity of air. The local Nusselt number, normalized by the Nus-
selt number for a stationary fully developed turbulent flow in a
smooth circular tube, is correlated by Dittus-Boelter/McAdams
(Rohsenow and Choi, 1961) as:

Nu/Nug = (hDy/k)/[0.023 Re®® Pr®4] (1)

with Pr = 0.7. The uncertainty in temperature measurement is
estimated to be +£0.5°C, The maximum nondimensional uncer-
tainty intervals for the variables concerned in this study are
estimated and given in Table 3.

4 Results and Discussion

The convective heat transfer performance inside of a rotating
two-pass roughened channel is governed by the ratio of the
rotating mean radius to channel hydraulic diameter, Reynolds
number, Prandtl number, rotation number, rotational Rayleigh
number, channel aspect ratio, wall to fluid density difference
ratio, flow direction (radial outward flow/or radial inward
flow), and rib geometry and size. In other words,

O Stationary(leading) A 200rpm(leading) O 400rpm(leading) ¥V 600rpm(leading) < 800rpm(leading)
B Stationary(trailing) A 200rpm(trailing) ® 400rpm(trailing) ¥  000rpm(trailing) & 800rpm(trailing)
12
12
AR=1
= Re; =25000 ili
Re, = 25000 19 Qe:%OOrgm Y s
= Ro=0.17
10 0 <Ro=<0.0214 . N 8 case c,Parsons et al.(1994)
O=Ra,=5.1x10 ﬁ?ﬁ |
QEIQI = 0.25(case 1) 4 1st pass 2nd pass
k4
8 I ® o0 00
Sslool3cc%esgse
[ ]
Nu(x} * * ' O " 1 " | .m- 1 " | L
Nu, ¢ L = . { 0 4 8 }JZD 16 20 24
l first pass . A second pass
* 0
* 9 A
L N | **e0000*85 ry
3DEE§'I..II..EV v%llllI.|...l
O o &
o A Ognp 3
, eﬁAAAAAAAEEE(XJ gg%‘!’,!!!
RS B@dpag o
983882883898 e
0 1 I ! 1 1 1 1 , turn ] 1 1 I 1 ] 1
0 2 4 6 8 10 12 14 16 18 20 22 24 26 28 30 32 34
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Fig. 4
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O Statonary(leading) A 200rpm(leading) O 400rpm(leading) ¥V 600rpm(leading) < 800rpm(leading)
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Re][ =5000 16 -
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Fig. 5 Effect of rotation on Nusselt number ratio (q,/q; = 4)
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Fig. 6 Effect of rotation on Nusselt number ratio (q/q; = 4)
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Fig. 8 Nu,,/Nu,, versus x/Dy for Rey = 5000 (q//q, = 0.25, AR = 1.5)
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Fig. 9 Nu,./Nu,, versus x/Dy for Rey = 25,000 (q,/q, = 0.25, AR = 1.5)

R
Nu =f(D_H 1 Diﬂ 1 ] Reﬂ) Pr; APIP, AR,

flow direction, rib geometry) (2)

where, for the present study, both R/Dy = 13.5 (40-80 in real
engines) and Pr = 0.7 are fixed and rib geometry and size are
specified. The fluid flow rate, heating rate, rotational speed of
the rotor, and cross-sectional aspect ratio were varied to produce
various values of Rey, Ro, AR, and (Ap/p);. Table 4 lists
detailed values of these parameters tested. The results for mini-
mum/maximum values of Ro are presented and discussed.

4.1 Effect of Rotation and Uneven Heating Condition.
Since the duct is short, and fully developed flow is not attained,
the local (regionally averaged) heat transfer results are pre-
sented as the axial distributions of a normalized Nusselt number
ratio. Figures 3 and 4 show the effect of rotation for case 1
wall heating condition on the local Nusselt number ratio (Nu/
Nugy) on the leading and trailing walls..In Fig. 3 for Ro = 0
and 0.4272 at Rey = 5000, local Nusselt number ratios for the
ribbed leading and trailing walls are fairly uniform similar to
those of Parsons et al. (1994) for nonrotation (approximately
3-6) throughout the two-pass test channel (AR = 1) except
for the sharp entrances near the inlet of the first/second pass.
Generally, the stationary heat transfer ratio for the present ribs
is about 2.5-3, which is a little bit higher than the value of 2
reported in earlier works. This may be due to heat losses from
two unheated sides. This part was not corrected for the calcula-
tions of Nu values. In the first outflow pass (0 < x/Dy < 15),
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the local Nusselt number ratios for the trailing wall increase
while the Nusselt number ratios for the leading wall decrease
relative to their corresponding nonrotating values as Ro in-
creases from 0 to 0.4272. The reverse holds in the second inflow
pass (18 < x/Dy < 30). This is because rotation induces the
Coriolis forces that produce secondary cross-stream flows and
it makes the first outflow pass trailing and second inflow pass
leading boundary layer become thinner. Simultaneously, it also
thickens the first pass leading and the second pass trailing
boundary layers. Due to such thinning or thickening of the
boundary layers, the heat transfer coefficients for the first pass
trailing and second pass leading walls are higher with rotation
than those without. This increase is also attributed to the follow-
ing three reasons based on Prakash and Zerke (1992):

(i) The Coriolis-induced secondary flow transports cooler
(heavier) fluid from the core to the trailing surface,
which increases the temperature gradient at the wall,

The secondary flow also transports the higher momen-
tum fluid from the core to the trailing surface, whereby
the through velocity, and hence the convective effects,
are enhanced.

The increase in the throughflow velocity near the trail-
ing surface leads to a higher velocity gradient and,
thereby, a higher level of turbulent kinetic energy.

(i)

(iit)

On the other hand, the heat transfer coefficients for the first pass
leading and second pass trailing walls are lower with rotation than
those without. The decrease in heat transfer at the leading (first
pass)/trailing (second pass) surfaces due to rotation can be ex-
plained by the reverse of the reasons listed earlier. This phenome-
non is reduced as Ro decreases. The findings above coincided
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well with those reported by Parsons et al. (1994) also shown in
Figs. 3 and 4 for the corresponding cases. However, the present
results exhibit local peak values of Nu(x)/Nu, at x/Dy ~ 1 and
15 in first pass and x/Dy =~ 18 in second pass, respectively, which
is different from Parsons et al. (1994). This is perhaps partly due
to the present uneven boundary conditions (case 1) and is perhaps
partly due to the combination of buoyancy forces and the stabiliza-
tion of the near-wall flow for low Ro as well as the developing,
Coriolis-driven secondary flow for higher Ro. Besides, the effect
of the present uneven wall heating condition seems not noted.
Moreover, the enhanced effect in the present study is a little bit
higher than those in Parsons et al. due to the present higher Ro
(0.0214 to 0.4272) and a higher e/Dy (=~0.20), which is also
shown in Figs. 3 and 4.

The magnitude of local Nusselt number ratio differences on
the leading/trailing walls are further found to be smaller in the
second pass. This is, following Parsons et al. (1994), because
the rotation-induced centrifugal buoyancy force assists the iner-
tia force in the first pass and opposes the inertia force in the
second pass, with the result that throughflow velocity and Cori-
olis force effect are both reduced in the second pass as compared
to the first pass. This situation can be clearly noted in Fig. 3
for the second pass for the data points being closely packed
together relative to those correspondings in the first pass. This
again confirms the findings reported in Parsons et al. (1994).

A comparison of Figs. 3 and 4 reveals the effect of flow rate
on local heat transfer performance. It is found that decrease in
Rey, raises but preserves the shape of the Nu/Nu, versus x/Dy
curve without rotation as one would expect. In Fig. 3, at Ro =
0.4272, the local Nusselt number ratios for the first pass trailing
wall are higher than those at Ro = 0.0214 in Fig. 4. However,
for the leading wall, the opposite trends hold. All these findings
are reversed in the second pass. In brevity, the magnitude of
difference between the leading and trailing Nusselt number ra-
tios in both passes increases with Ro from 0.0214 to 0.4272.
Similar behavior is shown in Figs. 5 and 6, but the order of
magnitude of Nu/Nu, is a little lower than the corresponding
values in Figs. 3 and 4, because g,/gq, = 4 in Figs. 5 and 6,
while g;/g, = 0.25 in Figs. 3 and 4. This strongly indicates
that the larger uneven heat flux ratio is the lower heat transfer
enhancement exhibits. For case 2, in Figs. 5 and 6, the trailing
surface temperature, being lower than the leading surface, can
result in cooler fluid near the trailing surface. It is speculated
that the cooler fluid is accelerated due to centrifugal buoyancy
and so a thinner boundary layer is created near the trailing
surface. Meanwhile, the secondary cross-stream flow carries the
cooler fluid from trailing back to the leading surface due to the
Coriolis force. This cooler fluid causes a sharp temperature
distribution near the leading surface due to the centrifugal buoy-
ancy force. Therefore, the difference in local Nu between the
trailing and leading surface becomes smaller compared to those
shown in Figs. 3 and 4. It is noted that the Nusselt numbers
are different for the leading and the trailing walls, even for the
stationary case, mainly due to the uneven heat flux imposed on
these two walls, and the rest of the reasons may be due to the
conduction between two heaters used in the present study.

The general trend in Figs. 3-6 is followed by an entrance
decrease: decreasing Nu/Nu, with increasing x/Dy until a 180
deg turn is nearly reached. At this stage Nu/Nu, increases and
peaks at the entrance of the turn with greatest Nu/Nu, at the
trailing surface in the first pass. This significant enhancement
in heat transfer is due to the presence of second flow due to
rotation, resulting in a stronger centrifugal buoyancy in the 180
deg return bend. Again, the reverse is true in the second inflow
pass.

4.2 Effect of Rotation, Aspect Ratio, and Uneven Heat-
ing Conditions. Figure 7 presents the results of the aspect
ratio effect on Nusselt number ratio at Rey = 5000 and ¢/g, =
0.25 with Ro from 0.2136 to 0.6152. Generally speaking, the
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general trend still holds as compared to those of Figs. 3 and 4.
A comparison between the present data for an aspect ratio of
unity and 1.5, both for e/Dy =~ 0.2, indicates a slight decrease
in heat transfer coefficient for an increase in passage aspect
ratio. Unlike the results shown in Figs. 3 and 4, an aspect ratio
of 1 shows less sensitivity to the Ro in general, and the variation
of local Nusselt number with Ro is not as pronounced. This
behavior may be due to the relative space between turbulated/
roughened walls, especially for AR = 1.5 with a lower e/Dy,
inadequate for the flow to separate from the leading surface and
push against the trailing surface. Consequently, it reduces the
throughflow velocity, the velocity gradients, turbulent kinetic
energy, and hence, convection is weaker. Moreover, buoyancy
also reduces the throughflow velocity of the warmer (lighter)
fluid near the leading surface where the decrease in heat transfer
is greater for a higher Rag, especially in first pass. This can be
seen from Fig. 7 as compared to the corresponding Fig. 3.
Unlike Fig. 3, the results of leading/trailing surfaces in the
second pass become closer with rotation. The reasons remain
unknown at this stage. Further study in this aspect may be
needed. Detailed and extensive results of the rotation effect can
be clearly found by taking a close-up examination of Figs. 8
and 9 for AR = 1.5 at Re, = 5000 and 25,000 and g,/g, = 0.25,
in which the effects of enhancement due to ribs and that due
to rotation are separated.

As discussed above, the convective heat transfer coefficients
on the leading and trailing surfaces of a rotating channel with
radial outward/inward flow can be affected by the Coriolis force
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Fig. 10 Effect of rotation number on Nuassit number ratio (the values
inside the parentheses are from Parsons et al. (1994); closed symbols:
present study; open symbols: Parsons et al. (1984))
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Fig. 11 Centrifugal buoyancy effect on Nusselt number (AR = 1)

(rotation number) and the surface heating condition (centrifugal
force). At two values of downstream location (x/Dy = 9 and
13), Fig. 10 shows the variation of local Nusselt number with
Ro. The effect of the Coriolis force on the increases (decreases)
of the Nusselt number ratios for the first pass trailing and second
pass leading/first pass leading and second pass trailing walls
from nonrotating channels is clearly noted. The reasons have
been explained previously in detail. The experimental results
from Parsons et al. (1994) at g,/q, = 4 for the case of (Ap/
p)i = 0.10 and 0.08 at x/Dy = 9 and 13 are also included for
comparison. The results show that the present Nusselt number
ratio on the trailing and leading surface agrees with those of
Parsons et al. except that the magnitude of the present study is
a little bit higher than that of Parsons et al. This confirms that
the trailing (leading) surface Nusselt number ratio increases
(decreases) in first (second) pass with an increasing Ro. This
is shown in Figs. 10(a) and 10(&), respectively. The difference
may be caused by the following four reasons: (/) the orientation
of the channel of the present study according to Parsons et al.
(1995) is B = 90 deg (see Fig. 2 for details), (ii) a fully
developed flow entrance for Parsons et al. versus a sharply
developing flow of the present study, (iii) the present blockage
ratio e/Dy =~ 0.2 is much higher than that of Parsons et al. (e/
Dy = 0.125), and the pitch is also different (p/e = 10 for
Parsons et al.), (iv) air density ratios of (Ap/p); in Figs. 10(a)
and 10(b) are different from Parsons et al. Figures 10(c) and
(d) show the results in the second pass in which a lower local
Nu was found, but the trend is similar to the corresponding
Figs. 10(a) and 10(®) and even milder.

As previously discussed, the uneven surface heat flux on both
the leading and trailing surfaces in the first pass creates a local
imbalance of the force that alters the heat transfer coefficients.
This unequal force serves to transport cooler (heavier) fluid
from the core to the trailing surface. In comparison, the fluid
near the leading surface is warmer (lighter) since it reached
there after exchanging heat with the remaining walls. As a result

874 / Vol. 118, NOVEMBER 1986

of such density variation, the centrifugal buoyancy is greater
on the fluid near the trailing surface and smaller on the fluid
near the leading surface. Consequently, due to an unequal force,
the throughflow velocity of the fluid is increased near the trailing
surface and decreased near the leading surface. The reverse
trend is true in the second pass. For small air density ratios
(e.g., 0.06) and small Ro, the centrifugal buoyancy effect is
small. However, for high density ratios (e.g., 0.18) and high
Ro, the centrifugal buoyancy can be significant. This was further
verified in Fig, 10.

4.3 Effect of Centrifugal Buoyancy and Uneven Heating
Condition. When tests were conducted at a fixed Reynolds
number (Rey) and rotational speed, but with varying levels of
wall-to-fluid bulk temperature difference, evidence of a buoyant
interaction was noted. Figures 11 and 12 plotted the average
Nusselt number against the quotient Rag/Re} for both AR = 1
and 1.5, respectively. The average Nusselt number (Nu) on the
leading/trailing surfaces is the average value of the entire lead-
ing/trailing surface local Nusselt number from x/Dy =~ 1 to x/
Dy, = 15 in the first pass and from x/Dy =~ 18 to x/Dy = 30
in the second pass. The quotient Rag/Re% is the local level of
wall-to-fluid bulk temperature difference, representing the driv-
ing potential. It is found, generally, that an increase in average
Nusselt number with increases in Rap/Re% occurred on both
leading and trailing surfaces, which quite coincided with those
from Morris and Ghavami-Nasr (1991) and Wagner et al.
(1992), except for Rey = 5000 and Rey = 25,000 on trailing
surfaces for AR = 1.5. A possible explanation is that as buoy-
ancy increases the leading side heat transfer, Coriolis-induced
secondary flow entrains this ‘‘hotter’” fluid and deposits it on
the trailing edge bringing about an accompanied reduction in
heat transfer due to a mild temperature gradient; this situation
did not occur for AR = 1. This effect is only noticeable for AR
= 1.5 at Rey = 5000 and 25,000. It was not found possible,
because of data limitations for Rag/Re}, to incorporate the
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Fig. 12 Centrifugal buoyancy effect on Nusselt number (AR = 1.5)

buoyancy effect into the conventional correlating equations.
Further data obtained with more values of Rayleigh number
for centrifugal buoyancy are needed to quantify the effect of
rotational buoyancy. Nevertheless, the present wall heating con-
dition has a significant effect on centrifugal buoyancy, as indi-
cated in Figs. 11 and 12.

5 Conclusions

The paper presents an extensive study of experimental data
from heat transfer experiments in rotating two-pass rectangular
oppositely rib-roughened channels with uneven heating walls.
The analysis of these experimental results to determine the sepa-
rate effects of forced convection, Coriolis, and buoyancy on
the heat transfer has produced the following observations and
conclusions;

1 The streamwise distribution of heat transfer in the first
pass with rotation is similar to that of developing flow in the
entrance region of a passage without rotation and is in good
agreement with previous study resull,

2 Local Nusselt number increases (decreases) with in-
creases in density ratio over most of the passage surface area
in radially outward (inward) flow.

3 For the first pass, increasing buoyancy causes an increase
in heat transfer, Trailing surface heat transfer is usually higher
than that on the leading surface due to the secondary flows.
Increase in Ro causes an increase in the averaged Nusselt num-
ber, again due to a strengthening of the secondary flows.

4 For the second pass, increasing centrifugal buoyancy gen-
erally tends to increase the heat transfer further on the leading
surface while reducing it on the trailing surface for AR = 1.5.
This is attributed to a coupling between Coriolis-induced sec-
ondary flow and centrifugal buoyancy. An increase in Ro has
a significant effect on heat transfer to the leading wall, which
results in the Nu values of leading and trailing surfaces getting
closer as the flow gets farther downstream.

Journal of Heat Transfer

5 Reconfirmation of the previous study of Hsieh and Hong
(1995) for a single pass was made. It has been shown that the
heat transfer characteristics in a two-pass channel are apparently
different from those for a single pass.
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Structure of Turbulent Hydrogen
Jet Diffusion Flames With or
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The near-field turbulent structure of double-concentric hydrogen—air jet diffusion
Sflames, with or without swirl, has been investigated using conditionally sampled,
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three-component laser-Doppler velocimetry and coherent anti-Stokes Raman spec-

troscopy. The turbulent flame zone became thinner and shifted inward as the mean
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Jet velocity was increased, whereas swirl created a radial velocity even at the jet-
exit plane, thereby broadening and shifting the flame zone outward. The probability-
density functions of velocity components, their 21 moments (up to fourth order),
mean temperature, and root-mean-square temperature fluctuation were determined

in the near field. The data can be used to validate advanced turbulent combustion

models.

Introduction

In practical combustion systems such as gas turbines and
industrial furnaces, turbulence and swirl play an essential role in
enhancing fuel—air mixing, flame stabilization, and combustion
intensity. Previous studies of turbulent jet diffusion flames
(Bilger, 1976; Eickhoff, 1982; Faeth and Samuelsen, 1986; Dib-
ble et al., 1987; Tangirala et al., 1987; Stdrner, 1985; Stirner
and Bilger, 1988; Drake, 1988; Pitz et al., 1991; Nandula et al.,
1994; Barlow and Carter, 1994) have focused primarily on
nonswirling flames and have not included detailed velocity and
temperature data in the developing region of the flame. The
majority of the existing velocity data in turbulent jet diffusion
flames were obtained using single- or two-component laser-
Doppler velocimetry (LDV). Thermocouples and, more re-
cently, Raman scattering spectroscopy were used for tempera-
ture measurements. Reports on high-order moments, particu-
larly triple correlations, of the probability-density functions
(pdf) of velocity components are rare; they are available for
nonreacting flows (Hinze, 1975; Wygnanski and Fiedler, 1969).
Accurate measurement of high-order moments is a challenge
especially in reacting flows,

In addition, the conventional turbulence models such as a k—
€ model use gradient diffusion models for turbulent transport
(Launder and Spalding, 1972; Eickhoff, 1982) and cannot pre-
dict high-order moments; thus, a demand for such data for
model validation has been minimal. Unlike these models, recent
turbulence models such as pdf methods do not need to model
the turbulent transport terms because they appear in closed form
(Pope, 1990). The joint velocity-scalar pdf method, capable of
calculating high-order moments, has recently been applied to a
number of reacting and nonreacting flows (Anand et al., 1993,
1996). Such advanced turbulent combustion models must be
validated in detail in laboratory flames incorporating the essen-
tial features of practical flows. Therefore, the demand for the
detailed experimental data, including high-order moments (in
swirling or nonswirling flows), has been growing rapidly in
recent years.

A major challenge in accurate LDV measurements is how to
avoid inherent particle statistical bias problems (Edwards,
1987). Conditional sampling techniques (Libby et al., 1982}
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have been applied to LDV measurements (Dibble et al., 1987,
Tangirala et al., 1987; Stirner, 1985; Takahashi et al., 1992) to
avoid velocity bias originated in different flow channels with
different initial velocities. However, the conditionally sampled
velocity data obtained specifically for model validation are un-
available. The developing region of the jet flame is particularly
important because various physical and chemical processes oc-
cur rapidly in the near-nozzle region, and the flame structure
downstream depends significantly on the early development.
Moreover, substantial errors due to an elongated (ellipsoidal)
measuring volume of a two-component LDV system (Durbin
et al., 1993) were observed by comparisons with the results
obtained by a three-component system with a small probe vol-
ume ( Takahashi et al., 1995). Furthermore, the use of a thermo-
couple exerts serious limitations on the maximum measurable
temperature, delayed time responses, radiation heat losses, flow
and catalytic disturbances on the flame, and so forth.

This work is an attempt to provide a reliable data base in
response to the above-mentioned demands and requirements for
accurate velocity and temperature measurements. The contribu-
tions of the current results relative to previous work are as
follows: (1) This study provides the first detailed velocity and
temperature data in swirling and nonswirling turbulent hydrogen
jet diffusion flames, specifically designed for the validation of
advanced turbulent combustion models capable of predicting
high-order moments. (2) A unique contribution of this study
stems from the nonintrusive laser diagnostic techniques used.
The conditionally sampled, three-component LDV measure-
ments with a small probe volume were made, for the first time,
to obtain the unbiased velocity data, including high-order cross-
correlations. The coherent anti-Stokes Raman spectroscopy
(CARS) thermometry generated the temperature data without
causing disturbances on the flame. (3) All data obtained are
tabulated (in ASCII file format) and plotted in five technical
reports (Takahashi et al,, 1993, 1994a, b). Therefore, selected
results are presented in this paper to extract physical insights
into the near-field turbulent structure of hydrogen jet diffusion
flames.

Experimental Techniques

The combustor (Fig. 1) consists of a central fuel tube (9.45-
mm inner diameter [d], 0.2-mm lip thickness, 806-mm length)
and a concentric annulus-air tube (26.92-mm inner diameter),
centered in a vertical test section (150 X 150-mm square cross
section with rounded corners [quasi-octagonal], 486-mm
length ), through which external air is supplied. The test section
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Fig. 1 Schematic of the combustor used

is sided with four quartz windows for optical observations and
diagnostics. A helical vane swirler unit is placed in the annulus
channel 96 mm upstream from the jet exit. Table 1 shows the
experimental conditions (8: helical vane angle, U;: mean jet
velocity, U,: mean annulus air velocity, and U,: mean external
air velocity). Hydrogen (purity: 99.3 percent) is the fuel. The
jet Reynolds number (Re; = Ud/v; where v; is the kinematic
viscosity of hydrogen) is 2208 for Case 1 and 8830 for the
others. Case 1 is in the pipe-flow transition region, in which
breakpoint to the turbulent flame rapidly approaches the jet exit
(Takahashi et al.,, 1982), Thus, Case 1 is a transitional (or
weakly turbulent) flame, and Cases 2 through 4 are fully devel-
oped turbulent flames. Both LDV and CARS measurements
were made at numerous radial locations at seven axial locations
(x = 1.5, 10, 25, 50, 75, 150, and 225 mm).

The three-component LDV system, described in detail else-
where (Takahashi et al., 1993, 1994a), consists of two seg-
ments: (1) three-beam two-channel optics and (2) two-beam
one-channel optics. The former uses a 514.5-nm line of an
argon-ion laser (15 W) and measures the velocity components
in the directions of =45 deg off the jet axis. The latter uses a
488.0-nm line and measures the tangential velocity component.
The coincident measuring volume is minimized to a 100-um-
dia sphere by aligning the axes of the two segments perpendicu-
larly. The calculated fringe spacing is approximately 3.6 pm.
Submicron-size zirconia particles (<1 pm, 97 percent) are the
tracer. LDV measurements are made by seeding one stream at
a time. Thus, all LDV data reported are conditional upon the
fluid originating from either the jet, annulus, or external flow
channel. A portion of the data is filtered out by the so-called
no method (i.e., velocities whose deviation from the mean
exceeded n times the standard deviation [o] are eliminated).
Because the conventional 3o method occasionally cuts off some
valid data and alters high-order moments significantly, n = 4
is used in this study. The 21 independent flow variables deter-
mined are U, V, W, u'z.\%,u'v’.v’w’,w'u',u'z,

‘furz,
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UI'J’ ﬂ, “!20'1 L,:zu-“ v’zw', W"Z'U', WFZR', urzwf, “M, UM,
and w'*, Hence, u, v, and w represent the axial, radial, and
tangential velocity components, respectively; a capital letter in-
dicates the mean value and a lowercase letter with a prime
indicates the velocity fluctuation from the mean. The kinetic
energy of turbulence, skewnesses, and kurtoses are derived from
these quantities. The accuracy of the velocity measurements is
estimated as ~2 percent for the means and 5 to 10 percent for
the higher moments.

The CARS system, described in detail elsewhere (Takahashi
and Vangsness, 1993; Takahashi et al., 1994b), consists of a
pulsed Nd:YAG laser, dye laser optics, incident and collection
optics, and a spectrometer with an intensified charge-coupled
device camera. A broadband Stokes beam (~607 nm) and the
two pump beams (532 nm) are then focused together in a folded
BOXCARS configuration using a lens (250-mm f.1.). The ellip-
soidal probe volume size, estimated by assuming Gaussian
beams with a 7-mm diameter and a 5-deg crossing angle, is
approximately 25 um in diameter and 250 pgm in length. Typi-
cally, 500 CARS signals from nitrogen are acquired at each
location. The accuracy of the temperature measurements is esti-
mated to range between 10 percent near room temperature and
5 percent near the flame temperature, with the largest contribu-
tion to uncertainty from shot-to-shot variation in the Stokes-
laser spectral distribution. The reproducibility of both LDV and
CARS measurements is checked prior to final runs,

Results and Discussion

Thermal Structure. Figures 2 and 3 show the radial pro-
files of the mean gas temperatures and root-mean-square (rms)
values of temperature fluctuations at five selected heights in
swirling and nonswirling turbulent hydrogen jet diffusion
flames. The outermost data point is bounded by the location
where the temperature is nearly room temperature (or the outer
edge of the test section’s window). The innermost data point
is the location where the intermittency of the jet fluid (defined
as the fraction of CARS realizations for which nonresonant
background interference from the fuel occur in the total number
of data [Takahashi and Vangsness, 1993]) is very high, and
accurate temperature determination is prevented beyond this
point.

In all cases (Cases 1-4), the flame base anchored near the
fuel tube exit on the air side of the dividing streamline (whose
radial distance from the axis: y ~ 4.7 mm) as the sharp tempera-
ture peaks (~1900 K at x = 1.5 mm, y = 5 to 5.5 mm in
Fig. 2(e)) indicate. The temperature peak shifted outward and
broadened downstream, as expected. The rms temperature fluc-
tuation reached a maximum (up to 900 K) in the outer thermal
layer where the mean temperature gradient was large. As the
jet velocity was increased in nonswirling flames (from Case 1
to Case 2), the flame zone (temperature peak) shifted inward
and both mean and rms temperature peaks became narrower and
slightly lower. Furthermore, the innermost data points shifted
slightly outside from Case 1 to Case 2 as a result of faster

Table 1 Experimental conditions

CaseNo. 6 (°) U; (m/s) U, (m/s) U, (m/s)
1 0 25 4 1
2 0 100 20 4
3 30 100 20 4
4 45 100 20 4
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Fig. 2 Mean-temperature distribution across the hydrogen jet flame at
five different heights

spread of the fuel jet. Consequently, the layer between the inner-
most data point and the temperature peak, where hydrogen was
transported by both turbulent and molecular diffusion, became
thinner. As swirl was added to the annulus airflow ( see Cases 2—
4), the innermost data points and the temperature peak locations
shifted outward substantially, the mean temperature profiles be-
came flatter, and both mean and rms temperature peak values
decreased. Swirl-induced radial velocity, and thus, the hydrogen
jet spread outward with a larger angle (as will be explained in
detail in the next section),

Although the mean and rms temperature profiles show global
features of the thermal structure of the flame, more precise
information can be retrieved from temperature pdf ’s. Only few
examples at selected locations for three conditions (Cases 1-
3) are shown here, but the general trend peculiar to the radial
location relative to the flame zone is illustrated well. In fact,
qualitative trends are similar to that for methane jet diffusion
flames ( Takahashi and Vangsness, 1993) in which the jet veloc-
ities were much lower (<17 m/s). Figure 4 shows the pdf’s
in nonswirling (Figs. 4(a)—4(e), Cases 1; Figs. 4(f)—-4(j);
Case 2) and swirling (Figs. 4(k)-4(0), Case 3) hydrogen
flames at x = 25 mm. At the edge of the outer thermal layer
(Figs. 4(e), 4(j), and 4(0)), the pdf showed a sharp single
peak with near room temperature. In the outer thermal layer
outside the flame zone (Figs. 4(d), 4(i), and 4(n)), the pdf
showed a bimodal distribution over a wide range from room
temperature to flame temperature as a result of the radial move-
ment of the flame zone. Thus, the rms value peaked in this
layer. Occasional entrainment of cold air is seen still at the
temperature peak location (Figs. 4(c),4(h), and 4(m)). Inside
the flame zone (Figs. 4(b), 4(g), and 4(/)), the pdf showed
a single peak in a high-temperature range; thus, the rms value
decreased. Further inside the innermost data point (Figs. 4(a),
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Fig. 3 Temperature fluctuation distribution across the hydrogen jet
flame at five different heights

4(f), and 4(k)) where the intermittency began to increase, the
mean temperature might be biased somewhat toward higher
values than the time-average because the CARS measurement
is based on nitrogen in hot combustion products.
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Fig. 4 Probability-density functions of temperature in the hydrogen
flame (Cases 1-3) at five different radial locations at x = 25 mm
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Mean and Turbulent Velocity Fields. In addition to the
quantitative LDV measurements, the conditional sampling
based on the origin of seed particles provided qualitative charac-
teristics of the turbulent structure of swirling and nonswirling
hydrogen jet diffusion flames. Figure 5 shows the radial profiles
of the mean axial velocity component at selected heights in the
near field. Only the data points conditioned on the jet and
annulus fluids are presented in the figure. The radial location
of the apparent flame zone determined by the temperature peak
is also included in the figure. Near the jet exit (x = 1.5 mm;
Fig. 5(c)), the data points for jet and annulus fluids do not
overlap, and the shear layers originating from the boundary
layers on both sides of the tube walls were observed in a wake
region. The flame base is anchored in the low-velocity region
of the annulus fluid stream. It is notable (in Figs. 5(a) and
5(b)) that the flame zone resides in the annulus fluid where
the mean axial velocity profile is nearly constant; thus, not in
the shear layer. As the jet velocity was increased for the non-
swirling flow (from Case 1 to Case 2), the jet fluid spread with
a larger angle because of enhanced turbulent stirring, whereas
the flame zone shifted inward as mentioned earlier (Fig. 2).
Swirl lowered the mean axial velocity of both jet fluid and
annulus fluid (cf. Cases 2-4).

The impact of swirl appeared more evidently in the mean
radial velocity profiles (Fig. 6); swirl induced the radial veloc-
ity component of the annulus fluid even at the near-exit plane.
At x = 1.5 mm (Fig. 6(c)), the mean radial velocity of the
annulus fluid was small (<1 m/s) for nonswirling flows (Cases
1 and 2), whereas for swirling flows (Cases 3 and 4), it in-
creased up to ~2.5 m/s and ~5 m/s, respectively. Since the
mean axial velocity of the annulus fluid was ~20 m/s for Cases
3 and 4 (Fig. 5(c)), these values of radial velocity translate to
the streamline off-axis angle of 7 and 14 deg, respectively. This
peculiar behavior was not observed for cold air jets with swirl
under the same jetting velocities ( Takahashi et al., 1992). Since
the effect of centrifugal forces on submicron-size tracer particles

0 5 10 15
y (mm)

Fig. 5 Mean axial-velocity distribution across the hydrogen jet flame at
three different heights
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Fig. 8 Mean radial-velocity distribution across the hydrogen jet flame
at three different heights

is small, the deflection of the streamlines was likely to be in-
duced by the pressure field, which was distorted by swirl in a
combusting flow with the density several times smaller than
that of air. Although the geometric swirling number (based on
the annulus flow) for 8§ = 45 deg was larger (0.78) than a
critical value ( ~0.6 [Chigier and Beer, 1972]) for the formation
of recirculation, no recirculation zone was formed because of
a large jet velocity. However, the outward deflection of the
annulus fluid apparently induced the radial velocity of the jet
fluid downstream (Figs. 6(a) and 6(b)) to satisfy continuity
of the fluid. Moreover, the differences in the mean velocities
between jet fluid and annulus fluid at a same location were
significant, particularly swirling flows. If conditional samplings
were not made in the LDV measurement, the measured mean
velocities would have been biased toward those of jet fluid,
which had a higher axial velocity (and data rate), thus degrad-
ing the accuracy of measurements and covering the structure
of the turbulent flow field.

Figure 7 shows the radial profiles of the mean tangential
velocity component for swirling flows (Cases 3 and 4). The
swirling motion, initially given only in the annulus fluid, spread
into the jet fluid downstream. For f = 45 deg, the tangential
momentum penetrated into the jet fluid even near the axis at x
= 25 mm, whereas for § = 30 deg, it did not reach the near-
axis location even at x = 50 mm.

Figure 8 shows the radial profiles of (absolute) turbulence
intensities of axial, radial, and tangential velocity components
at x = 25 mm. The rms values of fluctuations (or the square
root of second central moments ) indicate the directional compo-
nents of the absolute turbulence intensity (or twice turbulent
kinetic energy [TKE]). For Case 1 (Re; = 2208), the turbu-
lence intensities were relatively small (<5 m/s) and nearly
constant except for the region where the jet and annulus fluids
overlap (the turbulent stirring layer). By contrast, for Cases 2—
4 (Re; = 8830), all components of turbulence intensities
showed a peak in the shear layer of the jet where the radial
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Fig. 7 Mean tangential-velocity distribution across the hydrogen jet
flame at three different heights

gradient of mean axial velocity component was large, and the
turbulence level of annulus fluid inside the flame zone increased
rapidly in the turbulent stirring layer. The turbulence was aniso-

y  (mm)

Fig. 8 Turbulence intensity distribution across the hydrogen jet flame
atx = 25 mm: (a) axial, (b) radial, and (¢} tangential velocity components
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tropic (i.e., the rms of the axial component was larger than
those of radial and tangential components ), typical of turbulent

jets. As swirl became stronger (cf. Cases 2—4), the turbulence

intensities increased, particularly in the central region (y < 4
mm), where the mean axial velocity component decreased while
the mean radial and tangential velocity components increased.
It is noticed that for Case 4, the flame zone was subjected to
high-intensity turbulence at x = 25 mm; radial rms fluctuation
reached ~4 m/s in the near flame region where the mean radial
velocity was —3 m/s.

Figure 9 shows the pdf’s (histograms) of axial, radial, and
tangential velocity components for both jet fluid (top three
rows) and annulus fluid (bottom row) for Case 3 at selected
radial locations at x = 25 mm. Although these pdf ’s are selected
samples, they represent typical characteristics of the mean and
turbulent velocity fields in turbulent hydrogen jet diffusion
flames shown as the mean velocity components (first central
moments of the pdf ’s) in Figs, 5—7 and the turbulent intensities
(second central moments) in Fig. 8. The characteristics related
to shape of the pdf’s (skewness and kurtosis) will be discussed
in the next section.

Figure 10 shows the axial variations in the mean axial veloc-
ity component and turbulence intensities. As the jet velocity
was increased for the nonswirling flames (from Cases 1 to 2),
the mean axial velocity decayed more rapidly, and the turbu-
lence intensities peaked at a location closer to the jet exit as
a result of enhanced turbulent stirring, promoting transverse
diffusion of turbulence. As swirl became stronger (cf, Cases
2-4), the velocity decay was accelerated further because of the
faster spreading of the jet and enhanced turbulent mixing, The
turbulence intensity peak shifted upsiream further and became
larger because of more intense turbulent stirring, Compared to
nonreacting air jets studied previously ( Takahashi et al., 1992),
the axial velocity decayed more rapidly and turbulence intensity
peak locations approached to the jet exit in current combusting
flows (Cases 2—4).

Turbulence Structure. The detailed structure of the turbu-
lence field in hydrogen jet diffusion flames is presented next
for selected locations and conditions. Figure 11 shows the radial
profiles of the Reynolds shear stress and gradient of the mean
axial velocity. The most significant component of Reynolds
shear stress tensor (or a cross central moment), «'v’, indicates

0.06(8) y=0mm [(e y=O0mm L(i)] y=Omm
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Fig.9 Probability-density functions of velocity in the hydrogen jet flame
(Case 3) at x = 25 mm: (a-d) axial, (e-h) radial, and (i-/) tangential
velocity components
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Fig. 10 (a) Mean axial velocity, (b) axial, (¢) radial, and (d) tangential
velocity fluctuations along the center-line of the hydrogen jet flame

the radial diffusion of axial momentum by turbulent transport.
For all cases, the peak locations of the turbulence intensity of
axial fluctuations (Fig. 8 (a)) approximately coincide with those
of the Reynolds shear stress (Fig. 11 (a)) and the velocity gradi-
ent (Fig. 11(b)). The result is consistent with a most significant
production term of the conservation equation for TKE: shear
stress multiplied by strain. Thus, the production of TKE is
primarily in the shear layer in the developing region in the near
field, similar to self-preserving air jets (Hinze, 1975; Wygnan-
ski and Fiedler, 1969). The production of TKE decays down-
stream as the shear stress and velocity gradient decrease ( Taka-
hashi et al., 1994a). For the low-velocity condition without
swirl (Case 1), the peak values of the Reynolds shear stress
are an order of magnitude smaller than that for the high-velocity

(a) Jel Annulus Case
100 |- - o e 1 410
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@ o & 3
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-
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Fig. 11 Distribution of () Reynolds shear stress and (b) axial-velocity
gradient across the hydrogen jet flame at x = 26 mm
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flame (Cases 2—4) and increased toward the outermost data
point despite the vanished velocity gradient. This result might
be caused by large-scale vortices that evolved near the boundary
of the low-turbulence jet flame. The effect of swirl on the Reyn-
olds shear stress is weak except for the central region (<4 mm)
for Case 4, where turbulence intensities increased. The other
components of Reynolds shear stress tensor (not shown) are
much smaller than u'v’,

Third-order central moments (triple correlations) provide
characteristics of the diffusion term of the TKE equation. Figure
12 shows (a) the axial, () radial, and (¢) tangential transport
of the three components of TKE for Case 3 at x = 25 mm. The
axial diffusion of the axial and radial TKE components («"°,
v'2u') and the radial diffusion of the axial and radial TKE
components (u'%’, and v'?) show a common trend: They are
negative in the inner region (y < 4 mm) and positive in the
outer region (¥ > 4 mm) with a zero value at y = 0 and 4 mm.
The zero crossing point (y ~ 4 mm) approximately coincides
with the location where the second-order moments peaked
(Figs. 8 and 11), as mentioned earlier, Therefore, the change
in sign indicates that TKE was produced in the shear layer near
y ~ 4 mm and diffused both inward and outward, The radial
gradients of these quantities appearing in the TKE balance equa-
tion indicate a gain or loss of each term. In the axial direction,
TKE was transported upstream in y < 4 mm and downstream
in y > 4 mm. The other moments are relatively small except
for w’?, which had a peak at y = 5 mm.

Figure 13 shows the skewness and kurtosis (i.e., the third
and fourth central moments, respectively, normalized by vari-
ance) of each velocity component for Case 3 at x = 25 mm.
Skewness is a measure of asymmetry of the pdf, with positive
values implying a more gradual tailing off toward the higher-
velocity side than the lower-velocity side. Kurtosis is a measure

y (mm)

Fig. 12 Triple-correlation distribution across the hydrogen jet flame
(Case 3) at x = 256 mm
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Fig. 13 Distribution of (a) skewness and (b) kurtosis across the hydro-
gen jet flame (Case 3) at x = 25 mm

of the flatness of the pdf, with larger values corresponding to
a top-hat shape rather than a gently curved hill. Both skewness
and kurtosis for the Gaussian distribution are zero (kurtosis is
defined here as the normalized forth moment minus three). The
skewness for the axial velocity component (§,) at x = 1.5 mm
and y = 0 mm (not shown) was approximately —0.4, consistent
with the value observed in fully developed turbulent pipe flows,
implying upward TKE transport. Thus, the distributions of
skewnesses and kurtoses in the developing region of jet flame
are strongly affected by pipe-flow turbulence; they are different
from self-preserving jets (Wygnanski and Fiedler, 1969). The
variations in skewness and kurtosis are consistent with the shape
of the pdf’s shown earlier (Fig. 9). The pdf’s of the axial
velocity component at y = 0 and 4 mm (Figs. 9(a) and 9(b),
respectively) show symmetric distributions (S, =~ 0), while at
y = 8 mm for both jet and annulus fluids (Figs. 9(¢) and 9(d),
respectively) the distribution was skewed toward the high-ve-
locity side (S, = 1). Compared to the axial velocity component,
the pdf’s of radial and tangential components (Figs. 9(e)—
9(1)) are fairly symmetric, except for the radial component for
annulus fluid (Fig. 9(#)). Unlike self-preserving jets ( Wygnan-
ski and Fiedler, 1969), in which both skewness and kurtosis
increased monotonously toward the edge of the jet, their varia-
tions in the developing region of jet flames are more compli-
cated due to the presence of the high-temperature region near
the outermost data point for jet fluid.

Conclusions

Detailed nonintrusive measurements of the velocity and tem-
perature fields with the statistical treatment of the data revealed
some characteristics of the developing region of turbulent hy-
drogen jet diffusion flames with or without swirl. Increasing
the jet velocity shifts the apparent turbulent flame zone inward,
makes the thermal layer thinner, and thus, strains the flame zone
in the near ficld. On the other hand, swirl generally promotes
turbulence and creates a positive radial velocity component even
at the jet-exit plane (which, in turn, induces the radial velocity
of the jet fluid), thereby shifting the flame zone outward and
broadening the thermal layer. (The outward flow deflection was
not observed in nonreacting air jets studied previously.) The
peculiar result for the swirling flame is particularly important
when applying the boundary conditions in computations; the
upstream boundary may need to be taken well below the jet
exit outside the pressure field variation due to swirl if the experi-
mental results are not used as the boundary condition,
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The distributions of second and third-order velocity moments
provide a physical insight into the generation and diffusion of
TKE. TKE is generated in the shear layer, where velocity gradi-
ent and Reynolds shear stress reach their peaks. TKE diffuses
inward and outward from the shear layer and then downstream
in the outer region and upstream in the inner region. Both skew-
nesses and kurtoses of velocity components in the near field
were largely affected by the pipe-flow turbulence. The presence
of swirl in the flame promoted early jet spread and turbulent
stirring, thus accelerating the decay of the mean axial velocity
and shifting the turbulence intensity peaks upstream. Bimodal
temperature pdf 's and, in turn, large rms values were observed
on the air-side of the flame zone. The conditionally sampled
velocity data and the nonintrusively measured temperature data
presented in this paper can be used to validate advanced compu-
tational models capable of predicting the high-order moments
(triple correlations) for each fluid.
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Observations of Spanwise
Symmetry Breaking for Unsteady
Mixed Convection in Horizontal
Ducts

Three-dimensional mixed convection in a horizontal rectangular duct heated from
below was studied numerically for a non-Boussinesq fluid. The duct was of aspect
ratio four, with cold side-wall boundary conditions. Results were obtained at a
reduced temperature of 2.33, Rayleigh number of 130,700, and Reynolds numbers of
5 and 20. Using the Re = 20 solution as initial conditions, the Re = 5 solution
developed asymmetries about the duct centerline plane, with a streamwise periodic
generation and dissolution of the inner pair of vortices. The consequence of these
coherent vortical structures was a complex time-dependent distribution of the Nusselt
number on the lower wall, with implications in the area of chemical vapor deposition.
Specifically, when compared with the steady flow case occurring at Re = 20, an
increased spatial uniformity of the time-averaged Nusselt number along the lower
duct surface resulted,
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Introduction

The interaction of forced and buoyancy-driven convection
in horizontal ducts plays an important role in many areas of
technological interest. Of particular concern in the present work
is the role of unsteady mixed convection in horizontal chemical
vapor deposition (CVD) reactors. CVD involves the deposition
of molecules from a fluid phdse onto a substrate, with the depo-
sition rate being governed by the rate of diffusion from the fluid
to the surface, and by chemical kinetics. CVD films range in
thickness from a few nanometers to tens of microns, depending
upon the specific application. Tolerances on the quality of the
film vary with application, although tolerances for thin-film
deposition on electronic and optical materials are very stringent.
The quality of the deposition is driven, to a large degree, by
the access of (dilute) film precursors to the substrate. Hence,
for other than very-low-pressure reactors where operation is in
the transition regime and multicomponent diffusion and reaction
are the crucial elements, an understanding of the fluid flow
within the reactor is essential (cf. Jensen et al., 1991).

The primary parameters governing the flow in horizontal re-
actors are the Reynolds (Re) and Rayleigh (Ra) (or Grashof
(Gr)) numbers, and a reduced temperature defined as € = (T,
— T,)/ Ty, where T, is a mean inlet temperature and T, is
the heated susceptor temperature. For CVD applications, these
parameters usually fall within the ranges 1 = Re = 100, Gr <
10%, and € =~ 2 (cf. Jensen et al., 1991).

The results from the stability analysis of the classical Ray-
leigh—Bénard problem of a two-dimensional fluid between in-
finite plates heated from below indicates that for Rayleigh num-
bers above a critical value Ra,, = 1708, longitudinal convection
(roll) cells develop (independent of the Reynolds number; cf.
Gage and Reid, 1968). The imposition of sidewall boundaries
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increases the value of Ra, for adiabatic sidewalls. For cold
sidewalls the critical Rayleigh number approaches zero (for
further discussion, see Platten and Legros, 1984 ). The presence
of sidewalls does not, however, alter the Reynolds number inde-
pendence of the critical Rayleigh number (Chiu et al., 1987).

For high values of the Rayleigh number and at low Reynolds
numbers, transverse recirculation cells may occur. Ingle and
Mountziaris (1994) have identified numerically limits below
which transverse recirculations do not exist. Their numerically
predicted limits were given as (Gr/Re) < 100 over the range
107 < Re = 4, and (Gr/Re?) < 25 over the range 4 < Re <
100. These recirculations are primarily stationary, but traveling
wave instabilities have been observed experimentally (Luijkx.
et al., 1981) and numerically for flows with relatively small
temperature differences (cf. Evans and Greif, 1991, 1993) and
also in the non-Boussinesq regime (Spall, 1996).

Based upon the experimental results of several investigators,
Busse (1978) indicated that transition to unsteady flow patterns
may occur for Rayleigh numbers greater than about 5000. Un-
steady flows in the form of a “‘snaking’’ motion in the low
Reynolds number/high Rayleigh number regimes have been
observed experimentally (Chiu and Rosenberger, 1987). Exper-
imental observations of Nyce et al. (1992) revealed spatially
and temporally oscillating flows at low Reynolds numbers in a
horizontal rectangular channel heated from below. This (un-
steady ) flow regime has been investigated numerically by Evans
and Greif (1991, 1993) for a low aspect ratio (W/H = 2) reactor
at supercritical Rayleigh numbers with adiabatic side walls.
Huang and Lin (1995) have also numerically investigated the
unsteady flow characteristics of a horizontal rectangular insu-
lated duct for values of 15 = (Gr/Re?) = 90. They reported
unsteady flows with a *“‘merging and splitting’’ of the longitudi-
nal roll cells, although the details of this process were difficult
to discern. In the numerical and experimental works described
above (with the exception of Spall (1996)) the primary empha-
sis was on low temperature differences, and hence (essentially)
constant property fluids,

Both longitudinal and transverse roll cells may adversely
affect the uniformity of the CVD deposition process (cf. Jensen
et al., 1991; Moffat and Jensen, 1988; Ouazzani and Rosenber-
ger, 1990). Thus, in the present work, the unsteady thermal
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and fluid dynamics of horizontal CVD reactors (modeled as a
rectangular duct) in the low Reynolds number/high Rayleigh
number regime, and at high values of the reduced temperature
(where variations in fluid properties cannot be neglected) is
investigated numerically.

Numerical Approach and Boundary Conditions

By assuming the concentration of film precursors is low and
film growth rates are small, the solution of the fluid and tempera-
ture fields may be decoupled from the equations for mass trans-
fer and chemical reaction. In addition, the thickness of the de-
posited film is much less than the characteristic length scales
of the flow, so that no effect of the growth on the fluid dynamics
is incurred. The governing equations, then, are those of conser-
vation of mass, momentum, and energy, along with appropriate
boundary conditions. In the low Re/high Ra regime, parabolic
and two-dimensional approximations are not valid, and thus the
fully three-dimensional time-dependent form of the equations
must be solved. The governing equations are well known (cf.
Jensen et al., 1991); hence, for purposes of brevity they are not
shown.

For large temperature differences the Boussinesq approxima-
tion, which specifies that the fluid density varies linearly with
the temperature, is inappropriate. Hence, in the work presented
herein the density of the carrier gas, which was taken as helium,
was computed using the ideal gas law. The temperature depen-
dence of viscosity was computed using Sutherland's law in the
form u = ATY?/(B + T) where the constants were given as A
= 146 X 10™°N s m™ K™ and B = 80.1 K. The Prandt]
number was assumed constant (Pr = 0.7) and thus the conduc-
tivity was computed based upon the local viscosity and a con-
stant specific heat (k = uC,/Pr), where C, = 5200 J/(kg K).
The relevant dimensionless parameters are then the reduced
temperature, the Rayleigh number, and the Reynolds number.
The Rayleigh number is defined as Ra = pogeh®/ oy, where
the characteristic length 2 was taken as the duct height, u is
the dynamic viscosity, p is the density, and « is the thermal
diffusivity. The Reynolds number is defined as Re = pouph/ 1o
where u, represents a characteristic axial inlet velocity. (The
reduced temperature, which arises due to the ideal gas law
dependence of density on temperature, was defined in the Intro-
duction.) All properties appearing within the dimensionless pa-
rameters were evaluated at the duct inlet (denoted by subscript
0).

The computations were performed utilizing the pressure-
based finite-volume code CFD-ACE (CFD Research Corpora-
tion, Huntsville, AL). Convective terms were discretized using
a second-order upwind interpolation scheme, while the viscous
terms were represented by second-order central differences. The
temporal discretization utilized an implicit Crank—Nicolson-
type time differencing scheme with a blending factor of ¢ =
0.6 to ensure numerical stability (¢ = 0.5 results in Crank—
Nicolson, ¢ = 1.0 results in first-order implicit). Convergence
within a time step was assumed when the sum of the normalized
residuals for each conservation equation was reduced to 10 ¢,
which required approximately 40 iterations. Pressure-velocity
coupling was implemented using the SIMPLEC algorithm. A
general discussion of pressure-based incompressible flow algo-
rithms is provided in Patankar (1982).

The geometry considered was that of a three-dimensional
rectangular channel of length, height, and width 1.0, 0.05, and
0.2 m, respectively, The geometry was discretized using 100
points in the streamwise (x) direction, 30 points in the vertical
(y) direction, and 46 points in the spanwise (z) direction. For
0s =1t = 38 s, the gravity vector was oriented in the negative
y direction. At ¢ = 38 s, and over a time span of 1 s, the gravity
vector was rotated 2 deg about the x axis. The purpose of this
rotation was to introduce a small perturbation into the flow field.
For 1 > 39 s, the vector was again oriented in the negative y
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(b)

Fig. 1 (a) Contours of constant total vorticity on an x-z plane at y =
0.05; 42,25 s after initiation of perturbation; {b) contours of constant
Nusselt number on the duct lower surface

direction. (The effects of the perturbation on the flow field are
discussed in the results section.) Cold (300 K) side and upper
wall boundary conditions were employed. (Cold wall conditions
may be employed in CVD applications to minimize side wall
deposition.) Zero gradient conditions were enforced at the outlet
boundary. A uniform inlet axial (u,) velocity profile was speci-
fied, the inlet fluid temperature was specified as 300 K, and the
reference pressure was chosen as atmospheric. The lower duct
wall temperatures were chosen as 300 K over 0.0 m = x = 0.2
m and 1000 K over 0.2 m < x = 1.0 m, The heated lower
surface was initiated at x = 0.2 m in order to ensure that the
initial transverse roll cell did not appear too close to, and hence
interfere with, the inlet boundary. Calculations were made for
Reynolds numbers of 5 and 20. A numerical time step of 0.1 s
was used. Evaluations of the adequacy of the numerical time
step and grid spacing were performed, and will be described
later.

Results and Discussion

The flow field for the case Re = 20, € = 2.33 and Ra = 130,
700 (or Gr/Re® = 467) was computed to provide the initial
conditions for the lower Reynolds number calculation. The
dominant features at Re = 20 included a leading transverse roll
cell, and four steady counterrotating longitudinal vortices, with
a clear symmetry about the duct centerline. Since the duct walls
were cooled, the rotation of the outer vortices was such that the
fluid rotates downward at the wall. The inner two vortices then
rotate in a direction opposite to that of their outer neighbors,
In CVD and other technological applications, one is interested in
the heat transfer from the substrate, toward which these vortical
structures exert considerable influence. For instance, along the
duct centerline, relatively cold fluid is transported downward,
greatly increasing the local Nusselt numbers (and deposition
rates) along the midplane of the lower wall. The effect of grid
resolution on the initial conditions was investigated through a
comparison between Nusselt numbers at nine points along the
lower surface computed using the aforementioned 100 X 30 X
46 grid, and a 100 X 20 x 30 grid. Results revealed differences
of less than 2 percent.

Results for which the buoyancy effects take on increased
importance are the primary concern of this paper. Toward that
end, the dynamics of the flow at Re = 5 (or Gr/Re? = 7469)
were investigated. To help clarify the structure of this lower
Reynolds number flow, contours of constant vorticity magnitude
(on an x—z plane at y = 0.025 m) are shown in Fig. 1(a) at
time level 1 = 80.25 s. Note that this flow is highly unsteady
and that this time level is subsequent to the introduction of the
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perturbation into the flow field at t = 38 s (as discussed in the
previous section). For 1 < 38 s, the flow field is unsteady
(containing streamwise traveling waves) but appears symmetric
about the duct centerline, The effect of the perturbation then is
to introduce self-sustaining spanwise asymmetries into the flow
field. These asymmetries are clearly observed in Fig, 1(a) for
x > 0.3 m. The inner two vortices ‘‘meander’’ in the spanwise
direction as a function of time and spatial location. At x =~ 0.6
m, the inner vortices terminate, either upon themselves, or by
merging with one of the outer longitudinal vortices (as shown
in the figure). The outer vortex pair then immediately induces
the formation of a new inner pair, which subsequently forms a
ring vortex and is convected downstream, (The formation of
the new inner vortex pair is difficult to discern from contours
at a single time level. However, the author has constructed a
time-accurate videotape of the flow, which provides insight not
available from the contour plot. A copy of the tape may be
borrowed from the author.) The ring vortex may then merge
with one of the outer vortices, or convect out the end of the
computational domain. The formation and termination of the
inner vortex pair appears to be a stream-wise periodic process,
related to the stability of the longitudinal vortices in the low
Re/high Ra regime. We also note that the instability affects the
leading transverse roll cell, via a temporal variation in its
strength (not apparent from the figure),

As expected, the vortical motions have a dramatic effect on
the local Nusselt number distribution along the lower wall,
contours of which are plotted in Fig. 1(&). (Here, the Nusselt
number is defined as Nu = —(T,;), where temperature has been
made dimensionless with respect to (T, — T,), and lengths with
respect to the duct height h.) A comparison between Figs. 1(a)
and 1(b) clearly reveals the effect of the longitudinal and ring
vortices on the heat transfer rates. Rates are high along the outer
regions of the lower wall, due to the presence of the stable outer
longitudinal vortices and associated downward transport of rela-
tively cold fluid. The streamwise dissolution and generation of
the inner vortex pair causes considerable variation in the heat
transfer rates over the inner regions of the lower surface. The
highest heat transfer rates over the inner portion of the duct
occur beneath the centers of the ring vortices where fluid is
convected downward. In regions in which the inner vortex pair
is weak or absent, local Nusselt numbers are relatively low.
The effect of these asymmetries on mean heat transfer rates is
of interest in CVD applications, and is addressed next.

The heat transfer to the lower surface is strongly affected by
the presence of the longitudinal and ring vortices. Under steady
conditions, the longitudinal vortices affect strong spanwise vari-
ations in chemical vapor deposition rates (which are propor-
tional to the heat transfer rates, cf. Jensen et al., 1991). How-
ever, at very low Reynolds numbers, which are desirable from
the point of view of increased film precursor residence time,
the flow may be unsteady. Under these conditions, the temporal
development of the Nusselt number along the lower surface, as
revealed in a time series plotted in Figs. 2(a—c) (at nine se-
lected points), is of interest. The results at t = O s indicate the
value of the local Nusselt numbers for the steady Re = 20 case.
As the solution evolves in time, the influence of the developing
streamwise traveling waves becomes apparent. A power spectral
analysis reveals the fundamental frequency of these traveling
waves (for t < 38 s) to be approximately 0.19 cycles/s. Along
the duct centerline, at streamwise points x = 0.675 m and 0.91
m, a first harmonic of this frequency is also observed. Subse-
quent to the perturbation of the flow field, the spanwise symme-
try is broken, The resulting sharp peaks in the local Nusselt
number shown in Figs. 2(a—c) are coincident with the passage
of longitudinal and ring vortex structures. Most importantly, the
figures suggest that, with the onset of the asymmetric motion,
mean Nusselt numbers along the duct centerline abruptly de-
crease while mean Nusselt numbers at the outer locations in-
crease.
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Fig. 2 Nusselt number as a function of time for various locations along
the lower surface: (a) x = 0.44 m; (b) x = 0.675m; (c) x =091 m

This trend is quantified in Figs. 3(a—b) in which mean values
of local Nusselt numbers are plotted (following the transition
to the spanwise asymmetric flow, and averaged over a suffi-
ciently long time period of 60 s). In addition, the figure provides
an indication of the sensitivity of these calculations to the nu-
merical time step and grid resolution. Toward that end, in addi-
tion to the “‘baseline’” 100 X 30 X 46 grid calculations with
At = 0.1 s (denoted as case 1), results employing a decreased
time step Ar = 0.05 s (on the 100 X 30 X 46 grid; case 2),
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decreased grid resolution (100 X 20 X 30) (with Ar = 0.1 s;
case 3), and first-order upwinding (100 X 30 X 46 grid, At =
0.1 s; case 4) are included in the figures. In terms of the baseline
calculations, the results reveal that at the streamwise locations
x = 0.675 m and x = 0.91 m, and with respect to the steady
Re = 20 solution, mean values along the centerline have de-
creased by approximately 40 percent, while the mean values at
the outer locations have increased by approximately 25 percent.
The net result is that spanwise variations of the Nusselt number
have been considerably reduced. Qualitatively similar results,
although not nearly so distinct, occur at x = 0.44 m (where the
spanwise asymmetries are less pronounced),

The figure also reveals that the numerical time step of 0.1 s
is sufficient; halving the time step reveals no significant change
in the mean Nusselt numbers. The effect of spatial resolution
is less clear with the largest differences occurring when the first-
order upwinding is applied. There is no doubt that additional
refinement of the grid would be desirable. However, the calcula-
tions are CPU intensive—on the order of 30 h of Cray C94
time was required to advanced the baseline case to 100 s—and
thus computational costs prohibited further refinement of the
grid. However, the purpose of the study was not to provide
precise quantitative values for mean surface heat transfer rates,
but to describe qualitatively the spatial smoothing of the heat
transfer due to the behavior of the inner vortex pair. In that
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sense, spanwise asymmetries, which are key in the smoothing
of the mean heat transfer rates, were not significantly diminished
under time step and/or grid refinement.

Concluding Remarks

Numerical results indicating time-dependent flows in rectan-
gular geometries heated from below (although with adiabatic
side walls) have also been presented in Chiu et al. (1987) and
Evans and Greif (1993). However, in those works the results
were for constant-property fluids, and the time dependence was
found to ensue at values of Gr/Re? below 100. (We note that
one case in Evans and Greif was computed for variable proper-
ties; however, at the relatively low value Gr/Re? = 12, the
resulting flow was steady.) Additionally, in the works of Chiu
et al. (1987), and Evans and Greif (1993 ), there was no indica-
tion of spanwise symmetry breaking.

The observed symmetry breaking, reminiscent of the experi-
mentally observed ‘‘snaking”” motion described in Chiu and
Rosenberger (1987), results in a considerable increase in the
spatial uniformity of the mean Nusselt number along the lower
surface (when compared with the higher Re steady flow). This
uniformity may be expected to result in a more uniform deposi-
tion rate for CVD reactors, where time scales are much longer
than the period of oscillation of the local Nusselt number as
observed in this study.
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Experimental Investigation on
Pulsating Horizontal Heating of a
Water-Filled Enclosure

Experimental results of the natural convection generated by the time periodic hori-
zontal heating of a square cross-section enclosure filled with water are reported. A
pulsating (on/off) heat flux is delivered to the heating wall of the enclosure, with
the opposite wall cooled by a high thermal capacitance system. All other surfaces
are insulated. Heating periods from 32 to 1600 seconds and cycle-averaged heat-
flux based Rayleigh numbers from 2.5 x 10% to 1.0 X 10° are considered. Results
presented in terms of time series, phase-plane portraits, and cyclic evolution of
surface-averaged cooling and heating wall temperatures illustrate the main charac-
teristics of the evolution to periodic regime. Also presented are the cycle-averaged
heat transfer coefficient versus heating period, and the corresponding average Nusselt
number versus Rayleigh number for various heating frequencies. These results, which
support published theoretical and numerical analysis, indicate that by tuning the
heating period properly, the heat transfer across an enclosure can be enhanced. The
results also reveal that short heating periods hinder the convection within the enclo-
sure, in general (e.g., for Ra = 7.5 X 10% and a period of 32 s the heat transfer
coefficient is 13 percent smaller than the steady heating value). The sensitivity of
the transport phenomenon to pulsating heat is shown to depend strongly on Ra.
Finally, a correlation for estimating the maximum heat transfer coefficient, derived
from the experimental results, is presented.
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Introduction

Natural convection is an important phenomenon with multi-
ple practical applications, such as cooling of electronic equip-
ment, crystal growth, energy storage, mixing, and casting. The
periodic reviews of the subject offered by Catton (1978},
Hoogendoorn (1986), Yang (1987), and Ostrach (1988) show
the diversity of problems related to natural convection. New
theories, numerical simulations, and experimental studies are
often combined to explain different aspects of natural convec-
tion, e.g., flow intensity, temperature distribution, heat transfer,
bifurcation, and the influence of geometry, boundary conditions,
and fluid properties.

Most studies of natural convection within rectangular enclo-
sures have considered steady processes. Some have considered
the unsteady transition from a conduction regime to a steady
convection regime. For instance, Patterson and Armfield (1990)
presented a thorough experimental, theoretical, and numerical
study of transient natural convection initiated by instantaneously
heating and cooling the walls of a square cross section cavity
filled with water. A similar experimental study was reported
more recently by Jeevaraj and Patterson (1992). In their work,
an enclosure containing a glycerol-water mixture was heated
and cooled at opposing walls. The transient response of the
local temperatures allowed the identification of various natural
convection regimes depending on the Rayleigh and Prandtl
numbers.

Poujol et al. (1993) presented a numerical study of the transi-
tion to steady-state natural convection within a square cavity
heated uniformly (and steadily) from one side and cooled iso-
thermally from the opposite side. The heat flux based Rayleigh
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number and the fluid Prandtl number were equal to 3.9 X 10°
and 224, respectively. This same configuration was studied nu-
merically by Lee and Lin (1993 ) with water filling a tall cavity
(aspect ratio equal to six). They showed that the heat capacity
of the heating wall has a significant effect on the transport
phenomena. Janssen et al. (1993) numerically investigated the
transition to time-periodicity of the natural convection in a
three-dimensional enclosure filled with air and steadily heated
from the sides.

A feature that might promote or hinder the natural convection
within an enclosure is to change in time the thermal boundary
condition imposed to the system. An example would be the
periodic boundary condition that occurs, for instance, in solar-
based heating of water reservoirs and residences, on—off opera-
tion of electronics, thermally cycled polymerase chain reaction,
etc. This feature might trigger the mechanisms responsible for
increasing the heat transfer or prevent the same mechanisms
from occurring. The increase or decrease in heat transfer can
be accessed better by comparing it to the heat transferred by
the same system operating at steady state with the same total
energy input.

Natural convection within enclosures induced by time-peri-
odic thermal boundary conditions has been investigated in some
detail during the last five years. The vast majority of these
investigations are numerical and theoretical. The lack of experi-
mental studies has been stressed in a review paper presented
recently by Fusegi and Hyun (1994).

The influence of sinusoidal wall temperature on the flow
inside a rectangular enclosure of aspect ratio three was studied
numerically by Yang et al. (1989). They found, for Pr = 7
(water) and fixed frequency of 50a/L?, that the heat transfer
amplitude was insensitive to the temperature fluctuation up to
a temperature-based Rayleigh number of 5 X 10*. From that
point on, the heat transfer amplitude increases monotonously
until a Rayleigh number of 10° is reached. The heat transfer
amplitude is estimated to increase by about 15 percent within
the Rayleigh number range investigated.
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Kazmierczak and Chinoda (1992) simulated the natural con-
vection induced in a square cavity by varying the hot wall
temperature in time. The temperature-based Rayleigh number
was fixed at 1.4 X 10° and the Prandtl number at 7. Temperature
amplitude varied from 20 to 80 percent of the temperature dif-
ference between the cycle-averaged hot wall temperature and
the cold wall (steady) temperature. Pulsation frequency varied
from 50a/H? to 500/ H*. Their results indicated that the cycle-
averaged heat transfer across the enclosure is insensitive to
the wall temperature period and amplitude of oscillation, only
changing by approximately 4 percent.

The theoretical and numerical works of Lage and Bejan
(1993) and Antohe and Lage (1994) focused on the influence
of periodic horizontal heating on the natural convection within
a square enclosure. Recently, Antohe and Lage (1996) investi-
gated the amplitude effect on the convective transport within a
fluid-filled enclosure and a fully saturated porous enclosure un-
der periodic horizontal heating. Also relevant is the work by
Xia et al. (1995) on the natural convection flow stability under
wall temperature oscillations.

Obviously, the instantaneous thermal response depends on
the frequency and amplitude of the boundary condition (oscil-
lating temperature or heat flux ). Less obvious are the frequency
and amplitude effects, if any, on the cycle-averaged heat transfer
coefficient.

The main motivation of our effort is to provide experimental
evidence of a system’s response to periodic thermal (heat flux)
boundary conditions. We examine the frequency effect of hori-
zontally heating a water-filled enclosure with square cross sec-
tion. A periodic heat flux is delivered to one wall of the enclo-
sure. The opposite wall is cooled by a high thermal capacitance
system designed to reduce the temporal and spatial (three di-
mensional ) effects by minimizing the cooling wall temperature
variation. The cycle-averaged heat flux varies from 355 to 1420
W/m? (equivalent heat flux based Rayleigh number from 2.5
% 10% to 1.0 x 10°) and the heating period from 32 s to 1600
s (equivalent nondimensional period from 9.2 X 107 to 4.6
X 107?). The corresponding cycle-averaged temperature-based
Rayleigh number range, from 4.76 X 107 to 1.19 X 10%, goes
beyond the ranges considered by Yang et al. (1989) and by
Kazmierczak and Chinoda (1992).

Experimental Setup

Figure 1 outlines the experimental apparatus designed to esti-
mate the influence of periodic heating on the heat transfer pro-
cess within a 305-mm-deep, 70-mm-high, and 70-mm-wide
fluid filled enclosure. The experimental test section is the square
cross section at middepth of the enclosure. Notice that the depth
is over four times the height of the enclosure minimizing end-
side effects as the maximum boundary layer thickness is esti-

constani temperatura

environmental control unit Vollage control circuit

(see detall in Figura 3)

supply

DVM

/

natural convection

hoses enclosure Qﬂp

eum

o

tast section

thermacouple
wires

computar with
data acquisition board

Fig. 1 Experimental setup and data acquisition system

mated to be 1.4 mm (see Eq. (69) of Bejan (1984), p. 132).
We note that Lee and Kim (1994) used a rectangular enclosure
with a 4:1 depth to height aspect ratio also to minimize end
side effects when studying the heat-up of a contained fluid,

The enclosure is built of 25.4-mm-thick Plexiglas surfaces,
except for the heating and cooling walls, which are made of
1.5-mm-thick aluminum plates, and sealed with silicon rubber.
All Plexiglas surfaces are insulated with 50-mm-thick styro-
foam.

A uniform heat flux, dissipated by a flexible heating pad with
peak power of 9 kW/m? at 120 V, is delivered to the enclosure
through the heating wall. The back side of the electric heater
is insulated with 20 sheets of 1.5-mm-thick Teflon insulation
pressed against the heating pad (Fig. 1), The surface-averaged
heating wall temperature is monitored with five thermocouples
placed along the height of the enclosure. Care is taken to obtain
a realistic hot wall temperature with minimum disruption of the

Nomenclature

B = bias limit
g = acceleration of gravity, m/s?
h = instantaneous heat transfer coeffi-
cient = ¢"/AT, W/m*K
h = cycle-averaged heat transfer
coefficient = q"/AT, W/m’K
H = enclosure height, m
k = thermal conductivity, W/mK
L. = enclosure width, m__ -
Nu = Nusselt number = ¢"L/(kAT)
P = precision
Pr = Prandtl number = v/a
0 = electric power, W
g" = heat flux, W/m?

t = time, §

V = voltage, V
U = uncertainty

A = difference

R = electric resistance, ohm
Ra = heat flux based Rayleigh number
= gfq"H*I(vka)
Rar = temperature based Rayleigh num-
ber = (H/L)gBATH /(va)
S = surface area, m®

T = surface-averaged temperature, K
a = thermal diffusivity, m*/s

[ = isobaric coefficient of volumetric
thermal expansion, 1/K

w = dimensionless period of heat pulsa-
tion = Qa/H?
Q = period of heat pulsation, s

Subscripts
h = high (on) heating interval
! = low (off) heating interval
rep = representative
s = steady (constant) heat flux regime
T = temperature based
0 = initial

Superscripts
() =cycle-averaged

v = kinematic viscosity, m?/s
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thermal contact between the electric heater and the aluminum
wall. To this end, the thermocouple wires are passed through
small holes drilled through the Teflon sheets and the electric
heating pad. A good thermal contact between the heating pad
and the aluminum wall is guaranteed by the slight compression
applied to the Teflon sheets during the experiments.

The effectiveness of the heating wall insulation arrangement
is checked by calculating the heat loss through the back of the
Teflon sheets with the heating pad dissipating 75 W continu-
ously and 0.32 kg/s of water at 17.5°C flowing through the heat
exchanger attached to the cooling wall. This is an extreme case
because the maximum power used in the experiments is only
60 W. Moreover, this maximum power was never dissipated
continuously during the experiments but intermittently, with the
maximum cycle-averaged power smaller than 30 W.

A conservative estimate of the heat loss is obtained by assum-
ing the thermal conductivity of the assembled Teflon sheets to
be equal to that of a solid Teflon piece (krepon = 0.23 W/mK,
from Bejan, 1993, p. 629) of same thickness (35 mm). In reality
the effective thermal conductivity of the assembly would be
smaller than that of a solid Teflon piece due to the thermal
contact resistance between the successive sheets. After measur-
ing the average temperature of the heating wall and of the
furthermost Teflon sheet, the estimated heat loss was calculated
to be less than 6 percent of the total energy dissipated by the
electric pad. This result is confirmed indirectly by reducing the
coolant flow rate through the cooling wall, and comparing the
energy transported by the coolant with the energy dissipated by
the heating pad.

It is worth mentioning that a guard-heater, as used by Kaz-
mierczak and Muley (1994), is an option to reduce the heat
loss. However, a complex and costly control mechanism would
be necessary to adjust the guard-heater power over time to
mimic the variation of the heat flowing through the insulation,

An environmental control unit (HX-75 NESLAB), capable
of maintaining a constant coolant temperature between zero
and 65°C within 0.1°C, extracts heat from the cooling wall by
circulating water through a heat exchanger, built specially for
this experiment. The water coming from the constant-tempera-
ture bath (Fig. 1) to the heat exchanger is distributed to two
inlet plena and collected at two outlet plena. Each pair of inlet
and outlet plena is linked by eight 6.4 mm diameter copper
tubes, forming a counter current heat exchanger. Design details
are presented in Fig. 2.

To guarantee superior thermal contact between the copper
tubes of the heat exchanger and the cooling aluminum wall, a
high-conductivity alloy (70Sn 18Pb 12In, k., = 46 W/mK,
melting point equal to 162°C) is molded over the tubes. The
final contact surface is machined flat. Difficulties in molding
the alloy, mainly because of the low adherence of the molten
metal to the copper tube surfaces, were overcome by removing

~— A

flat contact
surface _\

110.0

Fig. 2 Cooling system design
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the exterior copper oxide layer with an appropriate flux, and by
preheating the mold and tubes before pouring the molten alloy.

The surface-averaged cooling wall temperature is monitored
with five thermocouples distributed along its height. A thin layer
of high conductivity thermal paste (OMEGATHERM 201) is
used between the molded metal contact surface and the alumi-
num wall surface to provide the space necessary for the thermo-
couple wires passing between the two flat surfaces. Extra ther-
mocouples, distributed along the depth of the surface, are used
to verify the temperature uniformity of the cooling wall. In the
worst case, a heating flux of 60 W and a heating period of 1600
s, the temperature variation along the depth of the enclosure is
less than 10 percent (2°C).

The water flow rate through the heat exchanger is measured
with a calibrated rotameter and maintained at 0.32 kg/s. This
flow rate leads to a uniform cooling temperature in the heat
exchanger since the maximum recorded inlet—outlet tempera-
ture difference is less than 1°C. The rear of the cooling wall heat
exchanger is insulated with approximately 50 mm of expanding
insulating foam (Foam Plus™, kpeum = 0.032 W/mK).

A special electronic circuit was designed to control the volt-
age signal fed to the heating pad. The main circuitry is sketched
in Fig. 3(a). The control system, depicted in Fig. 3(b), is built
with three relays, three resistance potentiometers, and a recycle
timer. All relay switches are drawn in the nonactive position.

The control system is sufficiently flexible to deliver a constant
or a pulsating voltage signal with independent high and low
amplitudes to the heating pad (see Fig. 3(¢)). In the constant
voltage regime, the switch § is closed and the electric current
flows through the rheostat VR1 that controls the constant
(steady) voltage level V.. In the pulsating regime, the switch §
is open and the main circuit is closed alternatively through
rheostats VR2 and VR3 following the timer command. In this
case, the voltage delivered to the heating pad switches from a
high voltage V, to a low voltage V;, respectively. Note that all
the voltages V,, V;, and V,, can be set independently from zero
to 120 V.,

High heating (£2,) and low heating (£2,) periods are also set
independently by adjusting the on and off intervals of the timer,
from one to 1023 seconds. The voltage applied to the electric
pad is continuously monitored by a digital voltmeter. Small
fluctuations (less than 0.5 V) are observed during the experi-
ments due to electric load variation. We assume that the heat
flux across the heating aluminum wall (into the enclosed fluid)
mimics the time evolution of the electric power dissipated by
the heating pad due to Joule effect, O = V?/R. Therefore, the
instantaneous heating wall heat flux, in W/m?, is

(1)

where § is the heating wall surface area in square meters. Equa-
tion (1) neglects the thermal capacitance of the heating wall, a
reasonable assumption because the time constant of the alumi-
num wall is of the order of 0.01 s (wall thickness of 1.5 X
107* m, and thermal diffusivity of 8.5 X 107° m®/s), that is,
three orders of magnitude smaller than the shortest heating inter-
val (16 s) investigated here.

Teflon insulated type-K thermocouple wire (40 AWG, 380
um diameter), with an operational temperature range from 0°C
to 1000°C, is used to measure the surface temperatures. The
response time of this thermocouple is 0.04 s for 63.2 percent
response to a temperature increase from 37°C to 93°C in still
water. Electronic modules (GWI-5B47K-05, 0.05 percent accu-
rate) amplify and transmit the low voltage output signal from
each thermocouple to the computer data acquisition board (Fig.
1). These amplifiers linearize the output voltage, provide a
cold junction compensation, and reduce noise by continuous
transformer isolation.
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A data acquisition hardware, consisting of a MacADIOS 11/
16 A/D nubus board manufactured by GW Instruments in-
stalled on a Macintosh Ilci computer, provides a high-speed,
real-time interface capable of acquiring and converting data at
15 ps per channel operating at 16 bit resolution. The data acqui-
sition process is controlled by setting the sampling rate (from
0.25 s to 1.0 s) and the number of points to be collected.

Procedure

Each experiment starts by filling up the enclosure with pre-
viously boiled distilled water. The environmental control system
is turned on and set at the cooling temperature of Ty = 17.5°C.
This temperature is maintained constant for all experiments,
After the water inside the enclosure achieves thermal equilib-
rium with the cooling wall, the electric circuit is activated in
the steady heating regime with an average heat flux obtained
by setting the voltage to the heating pad at V,,

_Vi+Vi

V2
¥ 2

(2)
The heater is kept on until the system reaches a steady state
(when the temporal variations of the heating wall and the cool-
ing wall temperatures are less than 0.5°C within two hours).
At this point, the pulsating regime between pre-established high
and low voltages (V; and V,) is started. The experimental results
reported here are obtained with zero low voltage, V, = 0, in an
on/off heating configuration. Therefore, the steady heat flux
gy is half of the high heat flux g}.
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The heating and nonheating intervals are equal, 3, = Q, =
/2, during each experiment. After an initial transient, a peri-
odic convection regime is observed to set in for all cases. The
initial transient is relatively short, taking from 5 to 15 cycles
depending on the heat flux and heating period, as illustrated in
Fig. 4 (top). In it, a time series of the surface-averaged heating
and cooling wall temperatures for a heating period of 320 s and
an average heat flux of 1420 W/m? is presented. The corre-
sponding phase-plane portrait of the surface-averaged heating
and cooling wall temperatures, shown in Fig. 4 (bottom), indi-
cates the periodic regime.

Uncertainty Analysis

A cycle-averaged global heat transfer coefficient across the
enclosure is defined as

[

)

h = (3)

AT

[
h.i

where AT and g” are the surface-averaged hot and cold wall
temperature difference and the heat flux crossing the heating
wall, respectively, both averaged during one cycle. Notice that
in the present study g” equals the steady heat flux g;.

In order to estimate the uncertainty of the computed heat
transfer coefficient, an analysis is performed following the gen-
eral guidelines provided by Kim et al. (1993). Accounting for
the bias B and the precision P limits of the measured variables,
the uncertainty of the average heat transfer coefficient is calcu-
lated as

Us = [P} + BE]'” (4)
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Fig. 4 Time series of hot and cold wall temperatures: evelution to peri-
odic regime, g; = 1420 W/m? (Ra = 1.0 x 10°%); top: temperatures at
midcycle for 2 = 320 s; bottom: phase portrait for {2 = 1600 s
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Applying the error propagation equation (Kline and McClin-
tock, 1953) to Eq. (3), the bias and precision limits of the heat
transfer coefficient are, respectively:

) (3 () (B -2
(z) ‘(? *\ar) *\&r) @ @

2 2 — Y\ 2 2
(#)-(F) & (@

h q" AT AT

Because all the thermocouples are calibrated by the manufac-
turer, using the same equipment and procedure, the bias limits
for hot and cold temperatures cancel out in Eq. (5).

The bias of the cycle-averaged heat flux can be derived
from Eq. (1), written as ¢” = V ;/(2RS), using the error propa-
gation equation. The bias of the surface and resistance measure-
ments as well as the bias of the averaging time (equal to one
period) are negligible in comparison with the voltage measure-
ment bias obtained from calibrating the multimeter, equal to
0.5 percent for AC voltage. Therefore,

B
B_y,u Q)
h Vi

The precision limit of the cycle-averaged heat flux is deter-
mined by the heat lost to the ambient. This really represents a
precision limit, because in the computation of this heat transfer
coefficient, the energy dissipated by the heating pad is used
instead of the heat delivered to the enclosure. As mentioned
before, a conservative upper bound estimate for the heat flux
precision, Pgi/q", is 6 percent.

Several runs with the same steady heat flux ¢/ were per-
formed, and the results used to estimate the precision limit of
the cycle-averaged cold and hot wall temperatures. A final for-
mula for computing the uncertainty of the heat transfer coeffi-
cient is obtained as:

ﬂ_ ﬁ 2 E)l (iﬁl)z (_PE)2:|“2
z‘[(zvh)%? “\&r) *\&7
(8)

A summary of the values used to calculate the uncertainty
of % is presented in Table 1. A representative hot/cold wall
temperature difference is considered for each average heat flux
q". Also included is the corresponding heat flux based Rayleigh
number (all properties at the reference temperature of 23°C).
As can be seen, the % uncertainty decreases as g” increases,
which corresponds to an increase in AT,,. It is worth men-
tioning that the predominant source of experimental uncertainty
is the precision of the heat flux value, conservatively estimated
to be 6 percent.

Table 1 Representative uncertainty values of heat transfer coefficients
at ditferent cycle-averaged heat fluxes

T | Ra | Be/Va| P/ P | P | BTep | Us/R
[W/m2] (%] %] | A | C | A | [%]
355 | 2.5x108 [ 0.5 6 0.4 | 0.2 8 8.3
710 | 5.0x108 | 0.5 6 0.5 | 0.2 12 7.6
1065 | 7.5x108 | 0.5 G 0.7 | 0.3 18 7.4
1420 | 1.0x109 | 0.5 6 08 | 04 | 20 7.6
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Fig. 5 Time evolution of hot and cold wall temperatures: (1) g = 1420
W/m? (Ra = 1.0 x 10°%); (ll) q; = 355 W/m? (Ra = 2.5 x 10°)

Results and Discussion

The cycle-averaged global heat transfer coefficient, defined
in Eq. (3), is computed from the instantaneous hot and cold
wall temperatures. These temperatures were recorded using at
least 128 points per cycle after the steady periodic regime is
achieved.

Typical time evolutions of hot and cold surface temperatures
are presented in Fig. 5, where, for convenience, the temperatures
corresponding to the smallest (curves I for g" = 355
W/m?, Ra = 2.5 X 10*) and largest (curves I: for ¢" = 1420
W/m?, Ra = 1.0 X 10%) heat fluxes are plotted in the same
graph. The heating period is 32 s (Fig. 5, top) and 1600 s (Fig.
5, bottom).

For the configuration shown in the top graph, the temperature
of the hot wall T}, increases smoothly during the heating interval.
The hot wall temperature when ¢” = 1420 W/m? (Ra = 1.0 X
10°) is approximately 50 percent higher than the temperature
when ¢" = 355 W/m? (Ra = 2.5 X 10*), and the temperature
amplitudes are around 5°C and 2°C, respectively. The cold wall
temperature variation is within the uncertainty of the tempera-
ture measurement.

Figure 5 (bottom), corresponding to @ = 1600 s, shows
similar characteristics. A distinct feature is the higher cold wall
temperature amplitude, around 2°C for the largest heat flux
case, Also, the hot wall temperature amplitudes are increased
to around 25°C for ¢” = 1420 W/m? (Ra = 1.0 x 10°) and
8°C for ¢" = 355 W/m? (Ra = 2.5 x 10%).

We included in both graphs the hot wall temperature evolu-
tion during a high heating interval obtained from the solution
given by Carslaw and Jaeger (1959), for an infinitely long solid
wall with constant heat flux and constant temperature boundary
conditions. These pure conduction results are obtained numeri-
cally by setting the isothermal wall at a temperature equal to
the cooling wall temperature value of our experiment, and using

- the temperature profile of constant heating at cycle-averaged
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Fig.6 Time evolution of instantaneous heat transfer coefficient and hot
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heat flux as the initial temperature distribution of the wall. The
temperature distribution at the end of the high heating interval
is used as the initial condition for the computation during the
low heating interval. Calculations proceed until a steady peri-
odic regime is reached. The solution for high heat flux (case I) is
scaled down (for comparison) to the experimental temperature
value at the beginning of the heating interval.

Notice that the experimental hot wall temperature evolution
of case I and 2 = 1600 s (Fig. 5, bottom) presents two distinct
phases. An initial short phase shows the same time rate of
increase as the pure conduction profile. The following phase
indicates a much slower rate of increase as compared to the
conduction profile (at the same time). This behavior indicates
the predominance of convection, enhancing the heat transfer
across the enclosure and lowering the hot wall temperature. The
flattening of the hot wall temperature evolution indicates the
asymptotic tendency of the system toward a steady state. A
shorter transient regime is noticed when decreasing the heat
flux (note how the hot temperature curve II, in the bottom
graph, gets to steady regime faster than curve I).

Figure 5 (top), for period €2 = 32 s, indicates that the experi-
mental temperature evolution is similar (in shape) to the con-
duction profile. In this case, a convection-dominated phase is
not achieved because the shorter heating interval does not pro-
vide enough time for a strong convection regime to occur.

Figure 6 presents the instantaneous heat transfer coefficient
defined as

PO

= AT (9)

where AT is the instantaneous temperature difference between
heating and cooling walls and 4" is the instantaneous heat flux
crossing the heating wall, for the same heating configurations
of Fig. 5. Note, for short periods (Fig. 6, top), that the time
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evolution of /4 during the high heating interval is essentially the
same as the inverse of the hot wall temperature because the
variation in time of the cold wall temperature is negligible
compared to the variation of the hot wall temperature, and be-
cause the heat flux is constant. For long heating periods, Fig.
6 (bottom) 4 evolves asymptotically toward a steady value (cor-
responding to heating with high heat flux—values presented in
Figs. 7 and 8) following a sharp decrease at the beginning of
the high heating interval. It is worth mentioning that h is zero
during the low heating interval by definition (g” is zero).

Using Eq. (3) and the temperature difference AT, the cycle-
averaged heat transfer coefficient, , is computed and presented
in Figs. 7 and 8 as function of the pulsation period, £2. Reference
error bars display the uncertainties of the experimental results
(summarized in Table 1). Two configurations are chosen for
comparison, namely: (1) steady heating with the average heat
flux, ¢”, and (2) steady heating with the high heat flux used in
the pulsating experiment, g;. The dashed lines in Figs. 7 and
8 indicate the corresponding heat transfer coefficients obtained
experimentally with these configurations. Configuration (1) is
important because it uses the same energy input of the pulsating
case for heating the enclosure. Configuration (2) provides an
important upper bound reference of steady heating.

A general feature of all the graphs is the increase of i with
the pulsation period. This is not obvious in the top graph of
Fig. 7 (¢” = 355 W/m?, Ra = 2.5 x 10®). In this case, all of
the points are in the uncertainty band due to the small tempera-
ture differences, AT. Although the results for ¢" = 710 W/m?
(Ra = 5.0 x 10°) are still within the estimated uncertainty
band, the increasing tendency can be clearly observed. Cases
of higher cycle-averaged heat flux, depicted in Fig. 8, show an
increase in_the heat transfer coefficient beyond the uncertainty
band. For ¢” = 1420 W/m? and Q = 426 s for instance, the
maximum % is approximately 20 percent higher than the heat
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Fig. 7 Cycle-averaged heat transfer coefficient as a function of pulsa-
tion period for small (top) and intermediate (bottom) heat fluxes
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transfer coefficient obtained when heating the enclosure steadily
with g". This agrees qualitatively with the findings of Yang et
al. (1974) that an increase in the pulsation period leads to an
increase of about 15 to 20 percent in the cycle-averaged heat
transfer coefficient when heating a vertical plate with oscillatory
surface temperature (Rayleigh number from 7 X 10° to 7 X
10%).

Notice also that the period range investigated by Kazmierczak
and Chinoda (1992), from 70 to 700 seconds, is within the
range presented in Figs. 7 and 8. The fact that in their analysis
the cycle-averaged heat transfer coefficient seems insensitive to
the pulsating thermal condition might be associated with the
relatively low Rayleigh number they investigated, equal to 1.4
% 10°, compared to the equivalent temperature based Rayleigh
number range studied here, from 4.76 x 107 to 1.19 X 10°,
and the different boundary condition (temperature instead of
heat flux).

It is worth noting the position of the thin dashed lines relative
to the pulsating heat results (black circles). For g” = 355 W/
m? (Ra = 2.5 x 10%), in Fig. 7, the line is above all the
experimental results, indicating that for this particular configu-
ration pulsating heat hinders the heat transfer across the enclo-
sure, In fact, all the graphs of Figs. 7 and 8 indicate that at short
pulsation periods, the cycle-averaged heat transfer coefficient is
smaller than the one obtained by heating the enclosure steadily
with the corresponding average heat flux, ¢".

We offer the following explanation for this apparent anomaly.
As the high heating interval is shortened, the fluid acceleration
(negative buoyancy effect) along the heating wall is reduced
because the adjacent fluid has less time to have its temperature
increased. Therefore, a fluid pack adjacent to the heating wall
travels a shorter distance. Now, consider a situation in which this
heated fluid pack reaches the top section of the enclosure at the
end of the high heating interval, where its movement is con-
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strained by slower fluid ahead and by the top surface of the
enclosure. During the following low (off) heating interval, this
heated fluid pack continues to move by inertia, sinking toward
the center of the enclosure and bringing with it its internal energy.
The fluid pack, now stable at the center of the enclosure, has to
transfer its energy to the cooling wall by diffusion (increased
thermal resistance), deteriorating the global heat transfer process
across the enclosure. Consequently, the temperature difference
between the heating and the cooling walls increases, thus reduc-
ing the heat transfer coefficient (Eq. (3)) compared with the
value obtained with steady ¢" heating. We note in passing that
this explanation is qualitatively supported by the numerical visu-
alization of streamlines and isotherms presented by Antohe and
Lage (1994).

For the same g" value, the increase in heat pulsation period
should cause an enhancement of the heat transfer process be-
cause the longer heating interval allows the fluid pack to reach
the cold wall, improving the heat transfer mechanism. One
would expect the cycle-averaged heat transfer coefficient to at
least approach that of steady heating (thin dashed lines in Figs.
7 and 8). However, the generation of intermittent flow eddies
that sweep across the center of the enclosure (as shown numeri-
cally by Antohe and Lage, 1996) supports the expectation of
higher cycle-averaged heat transfer coefficient, clearly detected
in the bottom graph of Fig. 8. These flow eddies provide a
better heat transport inside the enclosure. Evidently, further
increase in pulsation period should lead to a decrease in heat
transfer coefficient toward the value obtained by heating the
enclosure steadily with ¢”, as in Fig. 8 (bottom), because the
unsteady flow (eddies) decays rapidly within each heating inter-
val. Therefore, the majority of the heating interval becomes
dominated by a flow resembling the steady flow (this conclusion
is supported by the long heating period results of Fig. 6, bot-
tom).

Notice that the equivalent cycle-averaged temperature based
Rayleigh number, Rar, obtained here as (notice that H/L = 1)

Ra
Ray = —
" Nu

(11)
ranges from 4.76 X 107 to 1.19 x 10*. Therefore, the largest
Rayleigh number is of the same order of magnitude as that in
the experiments performed by Patterson and Armfield (1990),
3.26 x 10®. Their results showed an oscillatory approach to
steady-state regime under steady heating and cooling. The heat
transfer oscillation presents an initial cycle of 87 seconds.
Therefore, at the high Ra limit, our system may be prone to
natural instability that would justify the heat transfer coefficient
increase for periods of the order of 100 s (Fig. 8, bottom).

The matching between the natural frequency of the system
and the forcing frequency of the pulsating heat increases the
cycle-averaged heat transfer coefficient. Lage and Bejan (1993)
presented a theory for estimating the natural frequency of our
system under pulsating horizontal heating. Antohe and Lage
(1996) offered a refined method for estimating this frequency.
They showed that the heat transfer enhancement is proportional
to Ra and that the natural frequency is inversely proportional
to Ra, predictions that agree well with the experimental results
of Figs. 7 and 8, The well-defined heat transfer enhancement
for the period 200-400 s, shown in Fig. 8 (Ra = 1.0 X 10%),
compares well with the predicted resonance period of 90 s.

In Fig. 9 the dimensionless cycle-averaged global heat trans-
fer coefficient, Nu, is presented versus the heat flux based Ray-
leigh number for several nondimensional pulsating periods, de-
fined as w = Qa/H*. The nondimensional pulsation periods
show that the dimensional period is much smaller than the
characteristic diffusion time,

For low Rayleigh numbers (Ra < 5 X 10%) the pulsation
period has a negligible effect on Nu. For Ra > 5 X 10%, Nu
becomes highly dependent on w. The variation from the mean
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Fig.9 Cycle-averaged Nusselt number as a function of Rayleigh number
and pulsation period

Nu value is about =+ 14 percent for Ra = 7.5 X 10* and about
+16 percent for Ra = 10°. For a fixed pulsation period, the Nu
variation is not uniform as Ra increases. For instance, from Ra
= 7.5 x 10® to 10°, Nu varies by 38 percent if the pulsation
period is equal to 1.08 X 1072 (§2 = 376 s), and by just 17
percent if w = 3.7 X 107% (§2 = 1280 s). This is a consequence
of combining buoyancy (represented by Ra) and pulsation (rep-
resented by w) effects.

From the experimental results, the maximum Nusselt number
at each Rayleigh number can be approximated by

Nu = 5.16 x 107 Ra%* (12)

with a maximum error of *=5.6 percent. Note that the Rayleigh
number exponent is greater than the exponent for the isother-
mal—isothermal and the isoflux—isoflux configurations, i.e.,
about 0.22 (Bejan, 1993, pp. 369-371). This result suggests a
stronger buoyancy influence on the convection heat transfer
under optimum pulsating heating.

Conclusions

Our experimental results indicate that pulsating heat can en-
hance or hinder the heat transfer across a water-filled enclosure,
depending on the pulsation frequency, when compared to heat-
ing the same enclosure steadily with the cycle-averaged heat
flux. For short pulsation periods the heat transfer across the
enclosure is hindered, decreasing the average global heat trans-
fer coefficient by as much as 13 percent in the case of Ra =
7.5 x 10® and ) = 32 s. Generally, the heat transfer coefficient
increases with the pulsation period. For Ra = 7.5 X 10° the
coefficient increases beyond the steady heating value and then
decreases asymptotically toward it. We observed a heat transfer
enhancement of 20 percent for Ra = 1.0 x 10° and 2 = 426
s. This increase seems to occur when the frequency of pulsating
heat approaches the natural frequency of the flow inside the
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enclosure, a quantity that can be estimated theoretically, induc-
ing a form of thermal resonance.

For low Rayleigh numbers (Ra < 5 X 10*), the results
indicate a negligible pulsation period effect on Nu. For Ra >
5 x 10% Nu becomes highly dependent on w. An equation
obtained by interpolating the experimental results estimates the
maximum cycle-averaged global heat transfer coefficient within
the pulsation period and Ra ranges considered here.
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Comparison of Several Heat
Transfer Enhancement
Technologies for Gas

Heat Exchangers

A comparative study about the performance of several enhanced heat transfer technol-
ogies for gas heat exchangers is presented. A Reynolds number range from 100 to
50,000 is considered for plate heat exchangers and the tube side of shell-and-tube
heat exchangers. A volumetric performance measure has been adopted to evaluare
the comparative performance of widely different technologies. The performance pa-
rameter, based on the heat transfer rate per unit pumping power, is suitable for
different geometries, Reynolds numbers, and fluid properties. Modern technologies
can achieve significant heat transfer enhancement, but comparison reveals that recent
advances offer only marginal improvements that are often associated with more
complex technology. Care must be exercised in choosing a technology because the
best performing one is not necessarily the preferred choice since construction, retrofit,
and maintenance costs may significantly alter the economic viability. However, there
is an intrinsic interest in the comparative performance of very different technologies.
Our performance evaluation indicates an upper limit may exist for single-mode con-
vective heat transfer enhancement and compound enhancement may exceed this limit.

M. J. Andrews

Assistant Professor.
Mem, ASME

L. S. Fletcher

Thomas A. Dietz Professor.
Fellow ASME

Department of Mechanical Engineering,
Texas A&M University,
College Station, TX 77843-3123

Introduction

Rapid growth of heat exchanger research and development
for gas-fired applications has resulted in a large array of alterna-
tive heat exchanger technologies (Webb, 1994 ). A recent exten-
sive review of previous publications about heat exchanger tech-
nologies for gas-fired applications (Bergles et al.,, 1991) pre-
sented a classification with the following *‘highly applicable’’
and ‘‘possibly applicable’” categories: rough surfaces; extended
surfaces; displaced enhancement devices; swirl-flow devices;
jet impingement; compound enhancement; additives for gases;
fluid vibration; and electric fields. Many technologies have been
developed and reported. However, performing a detailed com-
parison is hard because technologies are often developed under
widely varying conditions and geometries.

Here we compare several newly developed heat transfer en-
hancement technologies and several well-known, and practi-
cally important, enhancement technologies for gas-to-gas,
gas-to-solid, and gas-to-liquid heat exchangers in gas-fired ap-
plications. The enhancement technologies cover low-Reynolds-
number flows (nominally laminar) to high-Reynolds-number
flows (turbulent). A low Reynolds number is typical of compact
heat exchangers such as plate exchangers, and a high Reynolds
number usually occurs on the tube side in shell-and-tube ex-
changers.

This division of enhancement technology by Reynolds num-
ber is a useful means of separating different enhancement strate-
gies. Typical enhancement methods for low Reynolds numbers
seek to reduce the critical Reynolds number that separates lami-
nar flow from transitional flow. In the technologies investigated
here this is done by deliberately driving secondary motions
(finned tubes, wire coil inserts) or by stimulating the growth
of unstable waves ( grooved or wavy channels). It is well known
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that such methods can produce significant heat transfer enhance-
ment, but there is also an increased pressure drop penalty
(Bergles et al., 1991).

Enhancement for high-Reynolds-number flows becomes pro-
gressively more difficult with increasing Reynolds number be-
cause turbulent eddies become more vigorous, giving high tur-
bulent diffusivity and more isotropic heat transfer. In fact, at
sufficiently high Reynolds numbers, the enhanced heat transfer
may be comparable with that of a smooth tube. The new technol-
ogies reviewed here for high-Reynolds-number flows seek to
take advantage of mechanisms that either enhance the turbu-
lence transport using buoyancy (tangential flow injection), or
use particulate matter suspended in the gas flow to provide
higher heat transfer rates (fluidized bed enhancement). The
twisted-tape, wire coil insert and finned tube technologies are
also included for comparative purposes.

An alternative classification is to divide the enhancement
techniques into “*passive’’ and *‘active.”’ A passive technique
endeavors to enhance heat transfer without additional power,
whereas active enhancement makes use of an external source
of power. The technologies considered in this work, tangential
flow injection, grooved or wavy channel, twisted-tape, wire coil,
finned tube, and fluidized bed enhancement, may be viewed as
passive.

During this work we developed computer programs that use
published correlations to evaluate performance criteria. These
computer programs could be used in a parametric analysis of
each technology, similar to that of Webb and Scott (1980) for
finned tubes. However, we choose to present a comparative
performance evaluation in which we have selected the reported
best performance arrangement for each technology as described
below.

Next the technologies and their relation to the classes identi-
fied by Bergles et al. (1991 ) are described. As a base reference,
the heat transfer in a smooth tube is included. Several perfor-
mance evaluation criteria are then reviewed. The selection of a
performance parameter and its use for a comparative study is
explained. This is followed by a comparative study based on
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performance plots of the technologies considered. The paper
closes with conclusions and some recommendations for others
seeking to compare enhanced heat transfer technologies.

Background

A recent assessment by Andrews and Fletcher (1994) exam-
ined a wide variety of advanced heat transfer technologies suit-
able for gas-fired applications. A list of the technologies consid-
ered in the assessment with the Bergles et al. (1991) classifica-
tion and a recent reference are shown in Table 1. A more
extensive set of references for the new technologies may be
found in Andrews and Fletcher (1994). As Bergles suggests,
the classification scheme is not clear cut and some technologies
such as finned and enhanced plates could be classified as ‘‘dis-
placed enhancement’’ or ‘‘rough surface.”

Table 2 summarizes the scope of various experimental studies
for the new technologies (Table 1, items 1-3). Some of these
studies are continuing, which may improve the performance of
the technologies considered here. Table 2 shows the experimen-
tal studies were conducted with air over a wide range of Reyn-
olds numbers, tube or hydraulic diameters, and temperatures.
This extensive range of parameters is from independently per-
formed research projects. Consequently, the variety of condi-
tions and fluids complicates our efforts to compare these wide
ranging technologies. However, they are typical of what a heat
exchanger engineer might encounter when trying to select an
optimum technology. Each technology in Table 1 is briefly
reviewed.

Tangential Flow Injection. A series of reports, papers, and
a recent patent invention disclosure (Tung et al., 1989; Dhir et
al., 1990; Dhir and Chang, 1992; Son and Dhir, 1993 ) describe
this technology. The purpose of this technology is to enhance
heat transfer on the tube side in shell-and-tube heat exchangers.
The idea is to introduce a tangential flow and thereby induce a
swirling fluid motion down the tube. The swirling motion cre-
ates a pressure gradient that drives hot fluid (from a heated
outer wall) into the center of the tube and thus establishes an
enhanced mixing process. Furthermore, movement of cold fluid
outward to the hot outer tube carries with it momentum that
accelerates the tangential velocity, thus thinning the boundary
layer and further enhancing heat transfer. These mechanisms
were first speculatively described by Razgaitis and Holman
(1976).

The specific tangential injection technology investigated here
involves the attachment of an end-cap to the inflow of the tube.
The cap integrates an injector that tangentially injects fluid into
the tube. Fluid enters the tube through the tangential injectors
so that no fluid enters the tube along its axis. Many alternative
designs were investigated and evaluated. However, we have
selected the best performing design of a six-hole injector cap
for this assessment.

Fluidized Beds. This technology takes a radically different
approach to enhancing heat transfer in tubes. The method in-
volves using a two-phase flow of gas (air or combustion prod-

Nomenclature

ucts) and particulate matter in a vertical tube. Fluidizing the
bed of particles can generate various flow regimes. The particles
can be used to enhance tube-side heat transfer by several mecha-
nisms: the presence of particles causes the gas flow to be more
turbulent and irregular; the suspended particles transport heat
from the gas to the heat transfer surface or other colder particles;
and, by thermal radiation of gas and particles at high tempera-
tures. So compound (conduction, convection, and radiation)
heat transfer enhancement is used. However, it is likely that
this fluidized bed technology will find a wider application for
shell-side heat transfer where the technology will be easier to
implement and offer significant opportunities for the reduction
of fouling; however, problems with removal and injection of
particles need to be carefully considered. ]

The work by Tuzla and Chen (1993, 1994) concentrated
on the fast fluidization regime, or ‘‘circulating fluidized bed’’
(CFB), or “‘entrained particulate flow’’ (EPF). The EPF re-
gime is particularly attractive for enhanced heat transfer because
it exhibits cross-sectional temperature uniformity and enhanced
heat transfer coefficients, while allowing a higher gas
throughput and a lower pressure drop. Fast fluidization is char-
acterized by strands or clusters of particles descending the outer
wall while other particles are conveyed upward in dilute flow
in the core of the vessel.

For this assessment the best operating conditions (highest /)
were selected, which were at high operating temperatures and
low particle velocities.

Finned and Enhanced Plates. Classical convective heat
transfer enhancement involves modifying the heat exchanger
geometry by adding fins to extend the surface, or louvers to
interrupt thermal boundary layers. In the work by Wirtz et al.
(1990), attention was focused on passive techniques that excite
hydrodynamic instabilities to promote heat transfer to or from
surfaces. The work has significant application to compact heat
exchanger applications. The gas side passage Reynolds numbers
are relatively low, about 2000 or less, due to small hydraulic
diameters and low face velocities. This gives laminar or transi-
tional flows. The methods investigated aim to promote transi-
tional flows by introducing surface geometry induced distur-
bances. The penalty is an increased pressure drop and therefore
unwanted increases in pumping power.

Two types of enhancement technology were investigated: a
grooved surface (saw-tooth) that lowered the critical Reynolds
number; and a wavy (serpentine) wall geometry to induce sec-
ondary flows. The grooved surface comprises transverse (to
flow ) grooves that produce early transition (super critical Reyn-
olds number) to unstable free shear layers, with traveling waves
that augment heat transfer. In the serpentine technology the
channel walls are made wavy, This waviness introduces stream-
line curvature that produces swirling Goertler vortices. These
swirling vortices transport fluid normal to the heat transfer sur-
face, thus augmenting convection. Care was taken in the re-
search to avoid flow separation (which would significantly in-
crease pumping power). We chose the serpentine channel for

A = area over which heat transfer takes
place, m?

¢, = specific heat capacity, I/kg K

D = hydraulic diameter, m

d; = tube inside diameter, m

Jfo =Moody friction factor

H = axial distance for a 180 deg twist,

h = heat transfer coefficient, W/m? K

j = Colburn j factor = Nu, Pr**/(Re,
Pr)

898 / Vol. 118, NOVEMBER 1996

Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm

k = thermal conductivity, W/m K
L = tube length, m
Nup = Nusselt number = hD/k
P = pumping power, W
Pr = Prandtl number
Ap = pressure drop over length L, Ap
= Ldp/dx = LfppU*/(2D), N/m*
m Re, = Reynolds number = pUD/u
t = tape thickness, m
U = mean velocity of fluid, m/s

V =heat exchange volume, m’

« = nondimensional scaling factor for
pumping power

B = nondimensional scaling factor for
heat transfer rate

n = friction factor enhancement factor
(=1 for a smooth tube)

u = fluid viscosity, Ns/m?

& = heat transfer coefficient enhance-
ment factor (=1 for a smooth tube)
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Table 1 Technologies considered for comparison

Technulogy Classification Recent reference

| | Tungential Mow injection | Swirl Now device (Bergles | Son and Dhir (1993)
classifies it as & jet
impingement lechnique, but
the jets are tangential o
impart swirl).

Compound enhancement
(convective, particulate, and
radiation heal transfer)
Displaced enhancement

2 | Fluidized bed
enhancement

Tuzla and Chen (1993)

3 | Finned and enhanced Winzetal. (1990)

plates (serpentine and wavy
channels displace the Now
causing ent }
4 | Smonth tube Reference technology Incropera and DeWil
(1990)
5| Continuous twisied-tape | Swirl llow device Manglik and Bergles (1992)
6 | Wire coil insens Rough surface Sethumadhavan and Rao
(1983}
7 | Internally finned whes | Extended surface Carnavos (1980)

the present comparison because Wirtz et al. (1990) suggests
that it has a superior performance to the grooved channel.

Twisted-Tape Inserts. According to Manglik and Ber-
gles (1992), twisted-tape inserts have been used for almost
a century, have extensive applications, and are a relatively
simple retrofit technology. Manglik and Bergles (1992) and
Webb (1994) give further details and additional references
about the technology. Twisted-tape heat transfer enhance-
ment may be attributed to: a reduction in the hydraulic diam-
eter causing increased heat transfer coefficients; the tape
twist imparting a swirl component, thus increasing the flow
velocity and curvature, which in turn increases the shear
stress at the wall and drives secondary motions; and heat
transfer from the tape through thermal contact. Thorsen and
Lundis (1968) showed that centrifugal acceleration, acting
like gravity, causes destabilizing radial buoyancy forces
when the tube fluid is being heated. The resulting enhanced
mixing process is the same one that occurs in tangential
injection, and moves higher density (colder) fluid from the
tube core toward the hot tube wall. When the tube fluid is
being cooled, the buoyancy forces are stabilizing and act
to maintain radial thermal stratification. Such stabilizing
phenomena are well known in the ocean thermocline, and
Snider and Andrews (1994) studied the destabilizing phe-
nomena as Rayleigh—Taylor mixing.

In the present comparison continuous twisted tapes have been
considered and laminar flow data have not been used because
the complex flows and corresponding performance variations
make comparisons difficult. However, various correlations have
been developed for turbulent flow, and we used the most recent
by Manglik and Bergles (1992). Their correlation is valid for
a constant wall temperature, Re, > 10,000, and for liquids
and gases, and is appropriate for comparison with the other
technologies considered here. The present comparison uses ref-
erence tube conditions described in the next section. For the
twisted tape, the twist ratio, H/d;, and tape thickness ratio, ¢/
d,, were chosen as 2.5 and 0.05, respectively, since these values
represent the more severe twist ratio and tape thickness used in
practical applications.

Wire Coil Inserts. This technology is in the class of rough
surfaces and involves fitting a tube with a tightly fitted helical-
wire-coil of fixed helix angle and wire diameter. Our primary
reference for wire coil inserts is Sethumadhavan and Rao
(1983), and they report correlations of a Nusselt number and
friction factor for a Prandtl number range 5.2 = Pr = 32. We
agree with Webb (1994) and expect that the correlations should
be valid for air (Pr = 0.7). Sethumadhavan and Rao also pro-
vided a performance evaluation based on maximizing heat trans-
fer rate, minimizing pumping power, and minimizing exchanger
size. The present work concentrates on maximizing heat transfer

Journal of Heat Transfer

and minimizing pumping power for the same exchanger size.
Therefore, the performance results of Sethumadhavan and Rao
are appropriate so we have used a helix angle of 60 deg and a
wire to tube diameter ratio of 0.08 in our performance compari-
son.

Internally Finned Tubes. This technology augments tube
side heat transfer by placing fins around the periphery of the
tube inner surface, in which pitch, elevation, and thickness
can vary (Carnavos, 1980). Empirical correlations for heat
transfer and pressure drop have been reported by Carnavos
(1980) and a parametric analysis by Webb and Scott (1980).
As with wire coil inserts, the fins disrupt the tube wall bound-
ary layer, causing secondary fluid motions and higher heat
transport to or from the walls. Furthermore, the fins can be
angled so they wind in a helix down the tube to impart a
swirl component to the flow with effects similar to those that
occur for twisted tapes.

For our comparison we considered the performance analy-
sis of Webb and Scott (1980), and have taken the fin height
as 10 percent of the tube diameter, with a helix angle of
30 deg, and a pitch of 16 fins equally spaced around the
circumference of the tube. As Webb and Scott show, an
optimal design for this technology depends on the evalua-
tion criteria. Our choice is motivated by Webb and Scott’s
results for increased heat duty for equal pumping power and
total length of heat exchanger tubing, specifically their
Figs. 5-7.

Performance Parameters

Selecting Appropriate Evaluation Criteria. Our primary
goal is to compare heat exchanger technologies, but on what
basis should the comparison be made? Webb (1994) suggests
that alternative comparative choices might include: heat transfer
enhancement versus pumping power; size reduction for fixed
heat duty and pumping power; absolute heat transfer based on
maximum Nusselt number; or improved thermodynamic effi-
ciency by reduced LMTD for fixed heat duty and surface area.
However, practical considerations may dictate the ultimate
choice. For example, an increased pumping power at the same
duty may be used if there are size constraints or specialized
operating conditions. Other considerations might include capital
costs, maintenance and installation costs, and life expectancy
of the equipment.

Table 2 Summary of test conditions for technologles considered

Technology Configuration Pritnary Re Flow Tempera| Pr
applicalion type and ture
o vl i | B
Tangentlal Flow | 1. Single tube Shell-and-Tube 13 10,000 - 1} Turbulent c 0.7
Injection staged injection, ‘Heat Exchangers; 30,000 {air}
whbe-side only
Primary reference: | 2} Multl-tabe. 2) 5426 & BRO0 | 2) Turbulent
Son and Dhir {airy
{1593).
3) Single-lube 3) 10,130 - 3) Turbulent
multi-injectors 528350 {air)
4) Single tube low 4) 1060 4) Laminar
Re {air)
5) Annulus, 5) 10,130 - 5) Turbulent
18,200 Lalr)
Fluldized Hed 1) Single tabe - Shell-and-Tube 1) 17,370 - 1} Turbolent | 1) SEC 0.7
h FoOm tEmp Heat Exchi 62,470 {air)
tube-side only
Primary reference: | 2) Singlo tube high 2) 1300 - 8457 | 2) Laminay/ | 2)200-| 07
Tuzla and Chen | temperture, (using Turbulent OO C
(1993) propertics of air | {combustion
= &L S00OC) gases)
Finned and 1) Wavy channel. | Plate Hent 13 400 - 10,000 | Laminar, Re < 07
Enhanced Plates Exchangers 1000 (air)
Primary reference: Laminar, Re <
Wirtz et al, (1990) | 2) Grooved 2) 300 - 5,000 1000 {air). 0.7
channel.
Laminar, Re <
3} Intermittent 3) 300 - 5,000 1000 {air) 07
st
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The present analysis is restricted to performance issues, and
following Soland et al. (1977), the following two parameters
are considered:

g = pumping power per unit volume,

Ah .
— = heat transfer rate per unit volume

¥ per unit temperature difference. ()

The objective of using these two parameters is to seek tech-
nologies that provide a high Ah/V for a low P/V. Soland et al.
(1977) took these parameters from previous work by Smith
(1966), and compared the plate-fin heat exchanger surfaces
of Kays and London (1964). Fortunately, Kays and London
collected data for the same fluid at the same temperature levels.
As a result, the fluid properties were constant and permitted
Soland et al, to rewrite the parameters of Eq. (1) into the
following forms:

P_mAp _ 14 foReh foRep 2)
Vv pV  2p* D* D*
Ah _ Acp j choc J Rep (3)

v P D D

The second term in Eq. (2) expresses the pumping power in
terms of volumetric flow rate X pressure drop divided by the
exchange volume. The third term in Eq. (2) is obtained using
the expressions for Ap and V given in the nomenclature. Simi-
larly, the second term in Eq. (3) uses the expression for the
Colburn j factor in the nomenclature. The proportionality on
the right of Eqs. (2) and (3) is appropriate when fluid properties
are constant. If the diameter D is also constant, then the right-
hand side expressions can be readily reduced to nondimensional
forms appropriate for experiments that vary the Reynolds num-
ber using a fixed apparatus over a limited temperature range.
The third term of Eq. (2) and the second term of Eq. (3) are
of interest since they contain physical property effects and flow
conditions (laminar and turbulent).

The test conditions (geometry and temperatures) given in
Table 2 show that the nondimensional forms on the right of
Eqs. (2) and (3) cannot be used, but instead the following
dimensional forms are used in subsequent analysis:

P 14 Re}
_=_!izfu fp —
Vv 2p D Vv

Ah _4cp j Rep

Pr2f3 DZ (4)

An immediate consequence is that fluid properties and ex-
changer geometry can significantly affect the comparison of
AR/V with P/V, which is undesirable because it could lead to
erroneous conclusions. An alternative view of Eq. (4) is that
at a given Rep, Eq. (4) determines the effect of properties and
diameter on measured Ah/V and P/V. Thus, Eq. (4) can be
used to rescale measured Ah/V and P/V back to a reference
fluid, temperature, and diameter and then performance compari-
sons can be made. The present work’s chosen reference is a
smooth tube of 25.4 mm (1 in.) o.d. and thickness 1.24 mm
(0.049 in.) with air at 30°C. This is a convenient choice that
matches the conditions used to investigate tangential flow injec-
tion, and so data for this item require no rescaling. The rescaling
relationships are:

(7)) e ™
= =a|l — with
14 scaled V experiment
(). (5)

P 2D4 reference pzD‘ experiment
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(5)

(3)_ A%
14 scaled 4 experiment

Cot ol
8= (__P_) /(;) (6)
Dz Przu reference D'Z Przn experiment

As an example of the rescaling procedure, the hydraulic diam-
eter used in the EPF Transport tests (Table I, item 2) was
combined with the property variation suggested in Eq. (5) to
adjust the P/V while maintaining the same Reynolds number
and friction factor. Similarly, since for air the Colburn j factor
is approximately constant for a fixed Reynolds number, the hA/
V result was rescaled using Eq. (6). Table 3 gives the scaling
factors & and § used for the wavy channel (needed for geometri-
cal scaling) and for EPF transport (needed for high tempera-
tures). There is no factor for the tangential injection data be-
cause it is the reference case, and the correlations for other
technologies are evaluated at the reference conditions.

Expected Performance. Most of the technologies de-
scribed above involved convective heat transfer. Typically a
Dittus and Boelter (1930) correlation is then appropriate, which
We express as:

Nu, = 0.023¢ Rej® Pr” (7)

where £ is a heat transfer coefficient enhancement factor (=1
for a smooth tube) that might depend on geometry, temperature
differences, and swirl; with n = 0.4 for heating and 0.3 for
cooling. Since we are interested in air, the variation of n with
heating and cooling has only a minor effect and we take a value
of 3 for convenience. Similarly, a Blasius correlation is appro-
priate for the friction factor, which we express as:

fp = 03167 Rez* (8)

where 7 is a friction factor enhancement factor (=1 for a smooth
tube) that might depend on geometry, temperature differences,
swirl, Reynolds number. Substituting Egs. (7) and (8) into Egs.
(2) and (3), and using the relationship for the j factor given in
the nomenclature, the performance parameters may be rewritten
as:

|
g =1 0—'2(?2]3? Re}” and
h 0023 X 4¢
= =k Relt )

Since our results are later plotted with log, axes, we now
take the logarithm of Eq. (9) and eliminate log,, (Re,) to
obtain:

Ah P
logm ("‘}“) = 0.29 logm (F) + logm (;?'5_29)

0.023 X dc,u /(031647
+ log.u( e Prz"“; /( 2PZD4) (10)

Our scaling procedure ensures the last term on the right of
Eq. (10} is a constant, so we can expect the technologies consid-

Table 3 Multiplication factors for rescaling

Technolugy o i)
Serpenting channel (air): 0.556 0,746
Be ical scaling
EPF wransport (air): 1.63 3.05
lemperature (property) scaling
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ered to have different displacements and thus comparative en-
hancements according to the performance ratio £/1°%. If this
performance ratio is independent of Rep, then for a plot of
logyo (P/V) versus log,, (Ah/V) we should expect a straight
line of gradient 0.29 for most of the enhancement technologies.
The Reynolds—Colburn analogy, j = fp/2, implies the existence
of such a constant gradient, However, the gradient of 0.29 will
no longer be appropriate if compound heat transfer is involved.
For example, radiation can significantly increase Nup but would
not effect f,. The performance ratio £/1* is interesting since
it implies a performance improvement when Eq. (10) is a
straight line even if the friction factor increases much more
rapidly than the heat transfer coefficient. This fact is well known
to heat transfer enhancement practitioners.

Performance Comparison

The different technologies are compared using Egs. (4)—
(6). The computation of P/V and Ah/V for the different experi-
mental and reference technologies was performed using correla-
tions for friction factor and Nusselt number reported by the
various researchers or from data supplied directly. Details of
the calculations can be found from Andrews and Fletcher
(1994). In the following figures the *‘best’’ results as described
above have been taken to give a best performance analysis.

Figure | presents P/V as a function of Ah/V without property
scaling. The plot may be usefully read by taking a fixed P/V
and reading off the associated heat transfer performance with
a higher Ah/V implying better overall performance. The flow
Reynolds numbers are shown on the figure but play no role in
the performance comparison; however, higher Reynolds num-
bers correspond to higher Ah/V and P/V as expected. The plots
for twisted-tape and tangential injection show significant perfor-
mance improvement over the reference smooth tube conditions.
The serpentine and tangential injection technologies perform
with a similar enhancement. The EPF transport seems compara-
ble with a smooth tube, but care must be exercised because the
EPF data are at a high temperature so the air properties can
significantly affect the results, which shows the need for rescal-
ing.

Figure 2 presents the same plot as Fig. 1 but the data have
been rescaled to the reference conditions. Comparing Fig. 1
with Fig. 2 reveals a shift for the EPF Transport data caused
by the scaling properties from a high temperature. This is re-
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Fig. 1 Comparative performance of enhancement technologies; Reyn-
olds numbers are in parentheses
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Fig. 2 Comparative performance of enhancement technologies scaled
to reference conditions of air at 300 K and a tube of diameter 23 mm;
Reynolds numbers are in parentheses

flected in the scaling multipliers of Table 3. Inspection of Fig. 2
shows that the serpentine channel, EPF transport, and tangential
injection technologies offer a similar enhanced performance
over the smooth tube. The best performing technology, lowest
P/V for highest Ah/V, is the twisted tape, closely followed by
tangential injection, wire coil inserts, and finned tubes. Similar
enhancement for twisted-tape, tangential injection, and wire coil
inserts is to be expected since they all take advantage of the
same swirl flow enhancement processes. For fin tubes at higher
velocities (Reynolds numbers), it is to be expected that the
flow would skip over the fins and only show a weak, if any,
swirl enhancement.

Solid lines have been added to Fig. 2 to help identify technol-
ogies and show that all the single mode convective heat transfer
technologies have the same performance gradient of 0.29, which
agrees with the expected result. Moreover, the plots show as
straight lines and so the performance ratio £/1"* is independent
of Re,,. Thus, this plot demonstrates that fundamentally all these
technologies operate in the same way, with their performance
differences arising from the best use of geometry and swirl-
induced secondary flow patterns that are perhaps independent
of Reynolds number. The exception is the EPF result shown in
Fig. 2. The EPF line has a distinctly steeper gradient. This may
be attributed to multiple heat transfer modes and suggests that
EPF multiphase enhancement, and more generally, compound
enhancement, presents an opportunity to exceed an upper per-
formance limit reached by many convective heat transfer tech-
nologies.

However, a word of caution: Fig. 2 demonstrates performance
based only on heat transfer and pumping power and does not
include manufacturing, maintenance, and installation costs.
Nevertheless, Fig. 2 shows that in turbulent flow, at our refer-
ence conditions, the technologies typically provide a threefold
enhancement compared with a smooth tube based on a constant
pumping power per unit volume, and up to a sixfold enhance-
ment in laminar flow.

Existence of a Performance Limit

The results in Fig. 2 suggest the existence of a performance
upper limit. It is interesting to consider whether such a limit
might exist for our performance comparison. The temperature
gradient in the laminar boundary sublayer at the wall determines
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the heat transfer rate for a fluid moving in a tube. Similarly,
the wall shear stress and pumping power are determined by
the velocity gradient in the laminar sublayer next to the wall,
Therefore we might expect to increase the heat transfer rate if
the thermal boundary layer is thinned, However, the thermal
and momentum boundary layer thicknesses are related by the
Prandtl number and so the momentum boundary layer also thins
thus increasing the wall stress. Our choice of performance pa-
rameters and the rescaling procedure includes this complemen-
tary effect, and is shown by the constant performance gradient
of the convective heat transfer technologies. However, turbulent
transport mechanisms can affect the shape of the velocity and
thermal boundary layers and wall gradients. In particular, Fig.
2 shows that swirling flow acts to promote performance when
cold fluid flows through heated tubes. Under such circumstances
buoyancy-driven secondary motions preferentially transport
cold fluid away from the center of the tube toward the hot tube
wall, and warmer fluid adjacent to the tube wall toward the tube
center. Such preferential transport enhances performance by
lowering the temperature in the outer regions of the thermal
boundary layer and so effectively increases the temperature
gradient at the wall. However, Fig. 2 also shows that at the
same Reynolds number, the smooth tube turbulent pumping
power is close to that of all the swirl technologies. So it appears
that adding swirl does not significantly affect pressure drop.
Perhaps this is because, unlike heat, there is no preferential
mechanism for momentum transport.

The constant gradient for the convective heat transfer technol-
ogies emphasizes the fundamental similarity of boundary layer
structure for all the convective technologies. Swirl takes advan-
tage of the density gradients associated with temperature gradi-
ents. Since the swirl flow technologies were optimized and since
they perform similarly in Fig. 2, they do present an upper limit.
However, as shown by EPF transport, the gradient and upper
limit can be increased with compound heat transfer, Moreover,
other fluid properties also vary with fluid temperature, notably
fluid viscosity, so using non-Newtonian property fluids to mod-
ify the transport mechanisms preferentially might be possible.
Indeed, EPF transport might be considered an example. Thus,
the performance limit indicated in Fig. 2 for gas heat exchange
exists in the context of convective heat transport with swirl but
is not necessarily a limit for compound heat transfer.

Conclusions

A comparative performance study of seven different heat
transfer enhancement technologies and a reference smooth tube
has been performed. The technologies differed by geometry,
flow conditions, and operating temperatures. The performance
comparison used a heat transfer rate as a function of the pump-
ing power parameter. The chosen performance parameters made
sense but by necessity are dimensional, so a rescaling procedure
was used to compare technologies.

The performance comparison revealed that the advanced
technologies provided a similar threefold enhancement over a
smooth tube for turbulent flow at reference conditions and a
sixfold enhancement for laminar flow. This similar performance
for a wide range of technologies suggests an inherent perfor-
mance limit for convective enhancement techniques. The analy-
sis has been successful in collapsing the performance of a wide
range of technologies and operating conditions onto a single
performance plot. However, care must be taken to rescale data
to a standard reference before comparing performance.

All the technologies, except EPF transport, showed the same
heat transfer performance increase with an associated increase
in power. This result was attributed to their use of the same
fundamental convective heat transfer mechanism. However,
EPF transport showed a steeper performance line due to com-
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pound heat transfer, which suggests future development possi-
bilities.

Our work suggests that many enhancement technologies have
a similar performance. However, other factors such as capital
costs, retrograde fit costs, reliability, fouling, and ease of main-
tenance were not considered here but are also important in the
practical selection of a heat exchanger technology.

Acknowledgments

This work was supported by the Gas Research Institute, con-
tract number 5089-298-1895. The help and support of Heat
Transfer Research, Inc., is gratefully acknowledged, particularly
Drs. F. Aguirre and J, Palen. Thanks are also due to those
researchers given in Table 1 whose investigations formed the
basis of this work. Their support and help have made this study
possible. The particular attention and reviews of Dr. W. Marner
and Professor J. C. Chen provided valuable insight and perspec-
tive,

References

Andrews, M. I, and Fletcher, L. S., 1994, “Technical Assessment of Heat
Exchanger Enhancement Technologies,”” GRI Topical Technical Report 94/0247,
Gas Research Institute/Heat Transfer Research, Inc., College Station, TX, Apr.

Bergles, A. E., Jensen, M, K., Somerscales, E. F. C., and Manglik, R. M.,
1991, “Literature Review of Heat Transfer Enhancement Technology for Heat
Exchangers in Gas-Fired Applications,”” GRI Topical Technical Report, GR1 91-
0146.

Carnavos, T. C., 1980, “‘Heat Transfer Performance of Internally Finned
Tubes,"" Heat Transfer Engineering, Vol. 4, No. 1, pp. 32-37.

Dittus, F. W., and Boelter, L. M. K., 1930, University of California at Berkley,
Publications on Engineering, Vol. 2, p. 443.

Dhir, V. K., Chang, F., and Yu, I., 1990, *‘Enhancement of Single Phase Forced
Convection Heat Transfer in Tubes Using Staged Tangential Flow Injection,”
Final Report, June 1987-Dec. 1989, GRI report No. GRI-90/0134.

Dhir, V. K., and Chang, F., 1992, **Heat Transfer Enhancement Using Tangen-
tial Injection,”” ASHRAE Transactions, Vol. 98, BA-92-4-1.

Incropera, F. P., and Dewitt, D. P., Fundamentals of Heat and Mass Transfer,
3rd ed., Wiley, New York.

Kays, W. M., and London, A. L., 1964, C
McGraw-Hill, New York.

Manglik, R. M., and Bergles, A, E., 1992, ‘*Heat Transfer and Pressure Drop
Correlations for Twisted-Tape Inserts in Isothermal Tubes: Part II—Transition
and Turbulent Flows,"" in: Enhanced Heat Transfer, M. B. Pate and M. K. Jensen,
eds., ASME HTD-Vol. 202, pp. 99-106.

Razgaitis, R., and Holman, I. P., 1976, **A Survey of Heat Transfer in Confined
Swirl Flow,"" Hear and Mass Transfer Processes, Vol. 2, pp. 831-866.

Sethumadhavan, R., and Rao, M. R., 1983, “‘Turbulent Flow Heat Transfer
and Fluid Friction in Helical-Wire-Coil-Inserted Tubes,"" Int. J. Heat Mass Trans-
Jfer, Vol. 26, No. 12, pp. 1833-1845.

Smith, J. L., 1966, “Prediction of Heat Transfer and Friction Data for Heat
Exchanger Design,”" ASME Paper No. 66-WA/HT-59,

Snider, D. M., and Andrews, M. 1., 1994, “*Rayleigh—Taylor and Shear Driven
Mixing With an Unstable Thermal Stratification,”’ Physics of Fiuids, Vol. 6 (10),
October, pp. 3324-3334,

Soland, J. G., Mack, W. M., Jr., and Rohensow, W. M., 1977, *‘Performance
Ranking of Plate-Fin Heat Exchanger Surfaces,’” ASME, Paper No. 76-WA/HT-
31.

Son, I, and Dhir, V. K., 1993, *'Enhancement of Heat Transfer in an Annulus
Using Tangential Flow Injection,”” in: Heat Transfer in Turbulent Flows, ASME
HTD-Vol. 246,

Thorsen, R., and Landis, F., 1968, “*Friction and Heat Transfer Characteristics
in Turbulent Swirl Flow Subject to Large Transverse Temperature Gradients,”
JournaL oF HEAT TrANSFER, Vol. 90, pp. 87-89.

Tung, V. X., Dhir, V. K., Chang, F., Karagozian, A. R., and Zhou, F., 1989,
**Enhancement of Forced Convection Heat Transfer in Tubes Using Staged Tan-
gential Flow Injection,”” Annual Report, June 1987-Sept. 1988, GRI report No.
GRI-89/020.

Tuzla, K., and Chen, J. C., 1993, **Enhanced Heat Transfer for Gas Convective
Exchangers,’" Final Report, Oct. 1988—Dec. 1991, GRI report No, GRI-93/0305.

Tuzla, K., and Chen, J. C., 1994, Personal Communication Containing Experi-
mental Measurements of Pressure Drop and Heat Transfer Coefficient; the Data
are Reported in Andrews and Fletcher ( 1994),

Webb, R. L., and Scott, M. J., 1980, **A Parametric Analysis of the Performance
of Internally Finned Tubes for Heat Exchanger Application,”’ JourNaL oF HEaT
TrANSFER, Vol. 102, pp. 38-43.

‘Webb, R. L., 1994, Principles of Enhanced Heat Transfer, Wiley, New York.

Wirtz, R. A., Greiner, M., and Snyder, B., 1990, ‘‘Free Shear Layer and Swirl
Flow Heat Transfer Enhancement,”” Final Report, Sept. 1987-Dec. 1989, GRI
report No. GRI-90/0088.

t Heat Exchangers, 2nd ed.,

Transactions of the ASME

Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Trajectories and Deposition of
Silica Particles on Cylinders in

S. H. Chan

Wisconsin Distinguished Professor.
email: she@csd.uwm.edu
Fellow ASME

B. Moussa
Graduate Student.

Crossflow With and Without a
Magnetic Field

To investigate magnetic effects on silica scale deposition, two cylindrical probes with
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solved silica, iron ion, and NaCl salt. The differences in silica deposition are reported.
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To explain the differences on the basis of first principles, a Lagrangian analysis is
presented to predict the silica colloidal particle trajectories and deposition onto the
probes under the influence of nonuniform magnetic field force and other relevant
surface forces including London—van der Waals forces, viscous force, and added

mass force. The results of the predication show that the particles made of pure silica
can be deflected away from the magnetic probe. However, the particles made of
silica—iron can be attracted toward the probe, more so at the magnetic poles than
at the midsection of the magnetic probe. These and other results presented can explain
all the qualitative differences of scale deposit found experimentally on magnetic and

nonmagnetic probes.

Introduction

Most of the energy conversion systems are plagued by scale
deposition on their heat exchanger surfaces. The scale, once
formed, reduces the heat transfer rate and increases the pressure
drop across heat exchangers, often resulting in a dramatic reduc-
tion in the energy conversion efficiency. Thus effective scale
prevention and removal techniques are needed. Among the re-
moval techniques, chemical treatments and mechanical scrub-
bing devices have been used by industries. However, they can
be lengthy and costly, with long down times and possible dam-
age to existing equipment,

A nondestructive and noninterfering technique that has at-
tracted interest in the last few decades is magnetic water treat-
ment, which claims to prevent further scale buildup and the
removal of existing scale by the use of a strong magnetic field
operating perpendicular to the direction of fluid flow. Raisen
(1984) investigated actual water magnetic systems installed in
air conditioning and boiler systems and found positive anti-
scaling results. Conflicting results relating to the effectiveness
of magnetic water treatment devices have been obtained by
many researchers and businesses alike. Clyburn (1983) com-
pared many different hypotheses of magnetic water treatment
offered by various researchers. Soviet scientist (Boichenko and
Sapogin, 1977; Kochmarskii et al., 1982; Martynova et al,,
1969, 1979) favor the magnetic technique highly and offer dif-
ferent mechanisms responsible for the scale control. A vast
majority of researchers such as Hasson and Bramson (1981)
found experimentally that magnetic treatment had no effect on
the scaling process. Similarly they found no effect on the adhe-
sive capability of the scale as a result of magnetic exposure,

The hypotheses developed to explain the phenomenon are
varied. One popular belief is that the magnetic field causes
minerals with magnetic properties to form a suspended layer in
the magnetic field (Martynova et al.,, 1979), thus decreasing
the solubility of the supersaturated component, causing it to
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ing, Heat Exchangers. Associate Technical Editor: J. R. Howell.
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precipitate immediately in solution rather than on the pipe walls.
Still others (Clyburn, 1983) believe that the magnetic field
somehow lowers the zeta potential of suspended particles, which
makes it easier for two particles to collide and form a nucleation
site in solution, Duffy (1977) has shown that ferric hydroxides
retard formation of calcium carbonate under the allotropic form
of calcite and claims that magnetic water treatment devices
simply accelerate corrosion of piping, thereby introducing
higher levels of ferric hydroxide in solution. Some researchers
argue that since charged particles passing through the magnetic
field are subjected to a force perpendicular to the direction of
flow, these particles will experience movement perpendicular
to the flow where they are bombarded with particles traveling
with the fluid. This in effect is much like the suspended layer
hypothesis in that the collisions result in the creation of nucle-
ation sites in solution, rather than on pipe walls. Presently,
however, no sound theory has been developed because of the
complexities and variabilities that exist in the scaling process.

The primary objective of this study is to develop a theory
based on first principles to predict effects of the magnetic and
other associated surface forces on the Lagrangian motion of
colloidal silica particles in a solution containing supersaturated
silica and FeCl;. Two cylindrical probes with and without a
magnet insert were placed simultaneously in a crossflow posi-
tion in a fouling heat transfer loop so that they were subjected
to the same thermal, physical, and chemical conditions (see
Fig. 1). The trajectories and deposition of the particles on mag-
netic and nonmagnetic probes were predicted and used to ex-
plain all the qualitative differences of the scale formation found
on the probes.

Experimental Investigation

An existing fouling heat transfer facility as described pre-
viously (Chan et al.,, 1988) was used in the present study.
Briefly, this test facility was made up of two loops (see Fig.
2). A heated solution saturated with a high-grade silica was
circulated in the primary loop where the solution passed through
the tube side of a titanium tube and shell heat exchanger. The
secondary loop was used to circulate the coolant distilled deion-
ized water in the shell side of the heat exchanger. The whole
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system was designed to run under many flow, thermal, and
chemical conditions, The different low, thermal, and chemical
conditions were achieved by varying the inlet flow rates and
temperatures in both loops, by varying the chemical addition
to the primary loop of a number of salts (NaCl, KCIl, FeCl;,
etc.) and by varying the super-saturation of silica with respect
to the cooler surface temperature of the tube. The thermal and
hydraulic behaviors of the heat exchanger are then recorded. To
investigate the effect of magnetic field on silica scale deposition,
another test section was considered in which two cylindrical
probes were installed in a tube at the exit of the heat exchanger
of the main loop (view P-P of Fig. 2). One of these probes
was imbedded with a Samarium Cobalt permanent magnet, the
other was just solid titanium. A schematic of the magnetic probe
is also shown in Fig. 1(a). After passing through the tube and
shell heat exchanger, a supersaturated silica solution is produced
due to lower tube surface temperature and therefore suspended
colloid particles appeared in the solution, which could then be
deposited farther downstream on the inserted probes. Prior to
the probe test section, a mixing cup was installed to homogenize
the temperature profile. Since the downstream pipe and probes
are insulated, the temperature difference between them is ex-
pected to be small, such that the thermal effect is in essence
decoupled from magnetic effects to allow for a better focus on
magnetic effects of silica deposition on the probes. The thermal
effects were investigated separately in the upstream heat ex-
changer section as reported earlier (Chan et al., 1995).

The present study was based on the same test conditions
found in run T5-Fe2 of Chan et al. (1995), A silica-saturated
solution containing dissolved salts of NaCl and FeCl; was pre-
pared in the saturation tank of the primary loop and the relevant
test parameters are listed in Table 1 for later use in the theoreti-
cal prediction. Due to the high temperature and high pressure
nature of the loop, the probes were removed only at the end of
the experiment and the scales formed on the surfaces of both
probes were compared and shown qualitatively in Fig. 1(b).

Nomenclature

Several distinct features were found. First, for the magnetic
probe, more deposition was found at the north and south pole
regions than in the midsection. Second, in comparison of scale
deposition on both probes, the scale in the midsection of the
magnetic probe was found thinner than that of the nonmagnetic
probe. Finally, by an electron microscope analysis, the scale
deposit on the magnetic probe at the midsection of the magnet
was found to be mainly made of silica (85 percent SiO,, 15
percent Fe) while the pole regions were mostly iron.

Since only qualitative features of the scale formation are
reported in Fig. 1(b), no error analysis is needed for scale
formation. The error of the measurement values of the magnetic
flux densities to be seen in Fig. 4 is about =15 percent. Other
errors associated with the loop measurement were given pre-
viously (Chan et al., 1988).

Theory

To explain these findings on a theoretical basis, it is necessary
to develop a proper theory to predict magnetic effects on trajec-
tories and deposition of colloidal silica particles on a cylindrical
surface in a crossflow, Since the scale deposit was found to be
composed of silica and iron on various proportion depending
on the location of the probe surface, the suspended colloidal
particle in the fluid can be considered to be made of either pure
silica or a silica—iron composite.

As these suspended particles approach the cylindrical probes,
the particles in the solution are subjected to many external
forces, contributed to by various physical and chemical phe-
nomena. Besides the magnetic force F,, they include the ther-
mophoretic force F,;.‘, London-van der Waals attraction force
Fy, fluid drag force F,, and added mass force F,. Other minor
forces including the gravitational, basset, lift and electric double
layer forces have been evaluated and found to be negligible in
the present work. Then the trajectory of a particle of radius of

a = cylindrical probe radius, m
a, = particle radius, m
A = ratio of particle to cylinder radii
= q,la
b = length of magnet, m
b, = cylinder length to radius ratio =
_ bla
B = magnetic field induction, Gauss
B, = radial magnetic field, Gauss
B. = axial magnetic field induction
h = separation between particle and
_ cylinder, m
H = magnetic field vector, A/m
H, = radial magnetic field, A/m
H, = axial magnetic field, A/m
Jf 3, = Hamaker constant, J
[ = ionic mobility, mole/L
« = reciprocal double layer thickness,
m—l
M = magnetization of permanent mag-
net, A/m
M, = magnetization of particle, A/m
m, = particle magnetic moment, A/m
N, = hydrodynamics force number, N
N; = inertia force number, N
N, = London—van der Waals force
number, N
N,, = magnetic force number, N
N,; = ratio of hydrodynamic to inertia
forces

2
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N, = ratio of magnetic to inertia forces
Nj; = ratio of London attraction to inertia
forces
N,, = electric double layer number 1, N
N.; = electric double layer number 2, N
N,; = ratio of electric double layer to in-
ertia forces
n = fluid dynamic viscosity, kg/m/s
v = fluid kinematic viscosity = n/p,
m®/s
p = fluid density, kg/m*
p, = particle density, kg/m?
Re = Reynolds number
Re, = particle Reynolds number
{ = time, §
t.. = dimensionless time
T = temperature, K
r = radial distance, m
r, = dimensionless radius, r/a
# = angle, rad
z = axial distance (from center of
probe), m
x = coordinate shown in Fig. 3,
m
U = fluid velocity vector, m/s
V = particle velocity vector, m/s
z; = ionic charge of ion i

U.. = upstream velocity, m/s

v, = particle volume, m*

1 = magnetic permeability, Henry/m
x = magnetic susceptibility

C, = particle zeta potential, mV

. = cylinder zeta potential, mV

k = fluid thermal conductivity, W/mK
k, = particle thermal conductivity,

W /mk
Xp = composed particle magnetic sus-
ceptibility
A = ratio of particle to fluid densities =
. Plop
F' = force, N
A, = magnetic field induced by dipole,
A/m
pH = acidity of solution
Subscripts

a = added mass (acceleration) term
¢ = cylinder

2 = equivalent

d = fluid drag term

| = London—van der Waals term
m = magnetic term

o = free space

p = particle
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Fig. 1 (a) Probe in tube and (b) scale profiles for the magnetic and
nonmagnetic probes

a, and density p, is governed by the Lagrangian equation of
motion of the particle along its path,

4:rr,l av

a,pp dr _Fpp;+ﬁ:+ﬁ,;+ﬁ'ﬂ

(1)
The thermophoretic force is ignored in Eq. (1) and will be
shown next not to be a factor in the tube section of the primary
loop in the vicinity of the probes.

Thermophoretic Force. The thermophoretic force exerted
on the suspended particle is due to the thermal gradient of the
carrying fluid and tends to move the particle toward a cooled
surface and away from a heated one. This force exerted on a
particle (with radius a, and thermal conductivity &,) suspended
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PP View
>4 Valve
—-Brine
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Fig. 2 Fouling heat transfer loop and location of probes
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Table1 Set of values of variables and parameters used in the theoretical
calculations for composed silica particles flowing around a titanium cyl-
inder housing a samarium cobalt magnet in a solution containing dis-
solved salts (NaCl, KCl, FeCl,)

a=2175x 107 m (125 in) Dimensiontess Number

a, = 10% m (10 um) A = fa = 000315

b=9652% 107 m (38 in) b, = bfa = 1.04

p = 937.2 Kg/m’ (H,0@400K) A=p/p=2347

P, = 2200.0 Kg/m® (8i0;) Re = 2apU,/m = 37500

U, = 0523 mfsec (Q=42gpm) | N;=dnp, (Ua) *A%3 =794 x 101" N
T =400 K Ny = 6mn (U a) A =2.139 x 107" N
n =217 x 107 Nsee/m®  (H,0@400K) N, = (Mb)? A = 9.1 x 100 N
M=5x 10" Alm {SmCoy magnet) | N, = (23{;,/32) A* = 6.865 x 109 N
% (Fe) = 5000 m=p, 0+ | e=004511=92 % 10" m*

% (Ti) = 18 % 107, % (Si0,) = -493 x 10° | 7= xad = 920

%, = 0.15% (Si0,) + 0.85y (Fe) = 745" N, = sggral b, A = 2466 x 107 N
Bippo = Hy = 47 x 107 Him, H = Vsec/A 2= (6,2 + CIE L) = 197

Hyyy =30x 107 .=th I/Ng, = 2221 x 107

pH =170, 1=_1 molL? Ny = No/N; = 1.146 x 10
G, =-55 mV (at pH = 7) Ny = NyN; = 1.044 x 10"
£, =-15mV (at pH = 7) N,; = Ny, = 3.11 x 107

It determined from el i pe scale
2. the ionic strength is based on 0.1 M NaCl, 20 p’pm Fe"

in a flowing fluid with density p, viscosity 7, and thermal con--
ductivity k is given (Brock, 1962) by:

The particle material of the present work was determined from
the Electron Microscope analysis of the scales formed on the
probe. At the middle section of the probe their mean composi-
tion was found to be composed of 85 percent SiO, and 15
percent Fe by weight. The thermal conductivity of the composed
silica—iron particle is then given by the weight average ac-
cording to the results of the scale analysis, i.e.,

kp = .85 ksioz + 0.15 kFc

Since a mixing cup was installed after the end of the heat
exchanger tube and far ahead of the probes, and since the whole
pipe connecting the tube and enclosing the probes was well
insulated, the parabolic temperature profile of the hot fluid exit-
ing the tube was flattened out and reached the far downstream
probes in a uniform fashion. Hence the thermal gradients near
the probes were insignificant and the thermophoretic forces can
therefore be neglected in the present study.

Since the magnetic effect on particle deposition is of primary
interest here, a careful formulation of the magnetic force exerted
on the silica—iron composed particle is presented next, followed
by other required forces.

Magnetic Force. Consider the magnetic force acting on a
particle of volume 1, and magnetic susceptibility x,, surrounded
by a solution with the same magnetic susceptibility as water,
Xn,0, and qubject to a nonhomogeneous magnetic field H. If
the particle is assumed to be small cnough to be represented
magnetically as a point dipole of moment 7, = u,,MP. where
M is the particle magnetization, then from the fundamental
cquation for the force on a point dipole (Jackson, 1975), the
force on the spherical particle can be expressed as:

Fy = po(fty* VYH = pov,(M,* V)H (2)
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Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



<

Fig. 3 Magnetic dipole approximation

The particle magnetization, or the response of the particle mate-
rial to the applied external field H is given for a paramagnetic
material by (Jackson, 1975):

M, = [x/(1 + x/3)1H = x.H (3)

where the equivalent susceptibility is x. = x/(1 + x/3) and
v is the difference between the equivalent magnetic susceptibili-
ties of the particle and that of the water surrounding it,

X = Xp — XHo0 4

with %, = (g,/pa) — 1 and xuo = (a0l ) — 1 where p,,
l4o» and py,o are the magnetic permeabilities of the particle free
space and water, respectively (Henry/M). Using the results of
the scale analysis as listed in Table 1, x, = 0.85 xgo, + 0.15
Xre- Substituting Eq. (3) into Eq. (2) yields the magnetic force
induced by the magnetic field H,

Fo = poxev,(H V)H (5)

Derivation of the Magnetic Field H Around the Probe.
The magnetic field at the particle location (r, z) induced by the
cylindrical magnet probe (see Fig. 3) is needed to evaluate the
magnetic force. However, for the present cylindrical magnet of
finite length, the magnetic field formula needed is unavailable
and is therefore derived next.

The magnetic field vector induced by an infinitesimal volume
dV = (w/4)a*dz of a magnetic dipole with a saturation flux
density (i.e., the magnetization of Samarium Cobalt magnet)
Mat(r=20,z=2z")is given by:

- Mav
Hd 471_(?,2 + (Z — Z:)Z)Sf!

X (3r(z — 2')é, + (2(z — 2')* — r))é)
The present cylindrical probe is considered as a series of mag-
netic dipoles (see Fig. 3) and the field around it is obtained by

integrating the equation given above along the length of the
probe,

b b
H=H¢é + Hé, = f H,dz'é, + f H,dz'é,
-b —b

in which # is only dependent on radial and axial directions due
to symmetry. The r and z components can be evaluated analyti-
cally to yield,

o M__alr( 1 B 1 )
f 4 (?'2 + (Z + b)2)3r2 (?‘2 + (z _ b)z)s.rz
(6)
_ Ma* z—b _ z+b
H, = 4 ((rz +(z - b)z}yz (rz +(z + b)z)afz) (7)

906 / Vol. 118, NOVEMBER 1996

Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm

Table 2 Magnetic fields at different axial locations

z=-b z=10 z=h
2 i ¥ =1 o 1. ¥
' (? -ad? 2 2 (7 + 432
- 2b 2b 2b
¥ FERTERT] (@ + b7 (7 + 4632

A summary of the expressions of the magnetic fields
(H¥, = 4H,,/Ma*)

on three radial planes at three axial probe locations (i.e., at both
north and south poles and center) is given in Table 2.

Magnetic Force Derivation. If we define

(8)

the r component of the magnetic force given by Eq. (5) is
written as

F, = pox o, F %,

OH, OH,
+ z

or 0z

Substituting Eqs. (6) and (7) into Eq. (9) yields

Ma*\* [ r* + (z + b)(z — 2b)
- {2 (2o

Fi = H, (&)

P +(z-b)z+2b) 1 1
ooy b o) 7

where D, = r? + (z + b)* and D, = r* + (z — b)*.
Similarly, the axial component of the force is

OH OH.
F* =H, — + H, — 11
£ ar iz G
and after the substitutions
2\ 2 - =
Ft = -2 Ma (z+3b+z 3b+ z bm
! 4 Dy D3 (D\D,)

2 2 _ B2 =
3P4z g,f z+b 2 b) (12)
2 (DyD,) D, D,

A summary of the two components of the magnetic force
F, = F, (4/Ma*)*/2 for the three position (middle, north,
and south poles) are given in Table 3.

Thus, by Eq. (8) and Table 3, the magnetic force on the particle
in the radial plane at z = 0 is

F,= =N,[ri/(r} + b2)*1é, (13)

in which r, = r/a, b, = bla. N,, is a magnetic number defined
by

N, = mux.(Mb)*A*, A =a,la (14)

with units of force (Newton). For the case when the particle
is made up of both silica and iron (i.e., the susceptibility is
positive), this number is positive, giving rise to an attractive
force.

Calculation of the Magnetization M. Finally, the magne-
tization M of the Samarium Cobalt magnet, for the evaluation
of the magnetic force from Eqgs. (10) and (12), is determined
from the measurement values of the magnetic induction B at
the water side of the magnetic probe surface, The measured
values of the three components, B,, By, and B, on the cylindrical
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Table 3 Magnetic forces for different axial position

z R, Fa,
3 207 + b r " 55 1 _ =2
P+ A" (7 + Ay 7+ 4 PG + )
0 S L a— 0
7 + b
2 _ 2 _ A2
b 2r* + B9 r B L‘ Zb( 1 r? — 2b )

PO+ A (7 + b

r

(? + 4 P07 + 47

probe surface, r = a, along the axial distance, z, are given in
Fig. 4. From the electromagnetic theory, the boundary condition
of the magnetic field at the interface between two media of
different susceptibilities is such that the tangential components
of the magnetic field inside the magnet, H,, is equal to that of

the water side, H,,.

H, =H, (15)

In terms of the magnetic flux density, H,_ can be written as

(16)

where p,, = 1.05 for a Samarium Cobalt magnet, dimen-
sionless. B{™ is the experimental value of the magnetic flux
density measured at z = 0 and r = a, namely, 300 Gauss for
the present magnetic probe. Also using Eq. (7) to evaluate
Hy atr=aandz =0,

Hy, = B o,

M b
H’;lu_.,_,..‘.. = I (1 + ;’i):uz

where b, = b/a = 3.04. Therefore, the boundary condition,
Eq. (15), becomes
)M

(

a7

B,

z

1 b,
2(1+b2)"

Foltr 1

(18)

1000

from which M is calculated to yield M =~ 5 X 10 A/m as listed
in Table 1, which is to be used in later computations and is
close to the values of 0.6 ~ 0.7 X 10° A/m reported in the
literature,

Other Forces. The London—van der Waals force is an im-
portant part of the surface forces, also known as adhesion forces.
Depending on many factors, these adhesion forces are responsi-
ble for the short-range attraction or repulsion of particles onto
surfaces and the London-van der Waals force constitute the
attraction part of these surface phenomena. In the present work,
because the particles are very small compared to the cylindrical
probe, we can approximate the London—van der Waals attrac-
tive force between the particle and the magnetic cylindrical
probe as that between a small particle of radius a, and a flat
surface (Spielman, 1977),

2 a |3za: o

Fih) = — =
(#) 3 h2(h + 2a,)>

where J( 3, is the Hamaker constant, # is a unit vector outward
and normal to the magnetic surface (i.e., &,). For the particle
located at a radial distance r from the center of the probe with
a radius a, the separation distance between the particle and
probe surfaces is h = r — a — a,. Thus the equation given
above becomes

Fi(ry) = =Ng/[(rs = 1 = A)’(r, = 1 + A)’] (19)

800
600
400
200
0
=200
~-400

Magnetic flux density, B [Gauss]

-600
-800

-1000

-15 -10

-5 10 15

Axial distance, z {10 % m]

Fig. 4 Experimental values of the magnetic flux densities on the cylindrical probe surface, r = a, along the axial distance, z
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in which again r, = r/a, A = a,/a, and the London-van der
Waals force number N, = 2.7(,3,A%/(3a). For a tertiary system
made up of composed silica—iron particles (denoted 1) and
titanium cylindrical probe (2) submerged in liquid water (3),
the Hamaker constant is given by Lifshitz (1956), ¥ =
(m - m )(J.?FE — VI(33). Hy for many materials are avail-
able (Visser, 1972). In evaluating H,,, we assume the silica—
iron composite particle to be made of silica only since Hjxn =
I sio,- The calculated I3, value is shown in Table 1.

Since the difference in particle velocity (V) and the carrier
fluid velocity (/) is small, the drag force can be approximated
by the Stokes law (Kladas and Georgiou, 1993)

F, = 6ma,n(U — V) (20)

where n is the fluid viscosity. As to the added mass force,
which is the additional force the particle experiences when it
accelerates with respect to the carrier fluid, it is generally given
as

F, = (Zﬂagp.’:")g;(ﬂ - V).

The carrier fluid velocity is approximated, for simplicity, by a
steady potential flow, thus

F, ~ —(2ma}pl3) % V. (21)

Two-Dimensional Predictions and Comparisons

Upon the substitution of all forces, Egs. (13), (19)-(21),
into Eq. (1) yields
4r , dV

= 9pPe

- - r e
3 -E=67rna,,(U-—V)—N,,—T—-—-—~e

"(ri+ )T

—N(ry = 1 =AY r. — 1 + A)726, (22)

where, due to the added mass term in the left-hand side of this
equation, the effective density is p, = p, + p/2.

For two-dimensional solutions, a particle once originating
from an upstream point in a two-dimensional (r, #) plane per-
pendicular to the probes’ axis is assumed to travel only in that
plane. The angular and the radial components of Eq. (22) on
the center plane at z = 0 for example are

v,
T) = 6?1'?’,'{1‘,((],9 L= Vg) (23)

4 , (dv, V3 ry
-—|= U, - V,) = N, ————
( r Sl Vi) (r3 + b)*

—Ni(rs =1 =AY 2 (r, — 1 + A)72 (24)

To evaluate the drag force term in Egs. (23)-(24), the
carrier fluid velocity components, U, and U,, are needed. Since
no exact solutions of U, and U, are currently available for
a flow in a pipe over an inserted cylindrical probe, they are
approximated by that of the potential flow solution

U, = U.(1 — a*/r*) cos 8 (25)
Uy = =U.(1 + a*/r*)sin 8 (26)

It should be noted that the viscous drag force around the particle
is still included in the analysis and that this approximation is
merely used to approximate I/ in the evaluation of the drag
force. The approximation is made without loss of generality
since the present study is mainly interested in magnetic effects.
Besides, it approximates the fluid flow very closely in front of
probes where deposition is mainly occurring, Using the nondi-
mensional quantities, Vp, = Vo/Us., V,u = V/Us, ry = rla,
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Fig. 5 Composed silica particle trajectories around the magnetic probe
at the middle plane, z = 0, and at the magnetic pole plane,z = b

and t, = U.t/a and the definitions of the velocity components
V. and Vj, in terms of r and 6,
Ve dr_

dt, r, dt,

(27)

Similarly, Egs. (23)-(26) can be combined and written as

(%+%) =N;,.-(~(l +l2) sin § — Vﬂ) (28)
dt, ry 2

av.. Vi
dt, re

= N;..—((l - L:) cos § — VH) — N (r% + b3)7*

L

= N“(r.'. -1 —A}_z{n -1+ A) % (29}

in which N;"- = Nﬁ)"N'" Nm,- = N,,JN,:, N|,: = N|J|IN,'. an is the
magnetic number given by Eq. (14), the inertial number N; =
dma}p.U/3a, the hydrodynamic number N, = 6rna,U.., and
the London-van der Waals attraction number N, = 2J(,5,/3a,.
Their values and the constants used for their derivations are
given in Table 1. These constants were based on experimental
parameters and conditions in our fouling heat transfer loop.

The particle trajectories around the nonmagnetic probe are
modeled by applying a zero magnetic number in the trajectory
Eqs. (27)-(29) and using different initial conditions r = 10.0
and an angular span from 3.14 to 2.6 rad. These trajectories are
found to be almost straight lines. This is due to the appreciable
size and inertia of the particles that take over the hydrodynamics
force in the absence of magnetic field and prevent the particles
from following the potential flow streamlines, hence retaining
their original velocity directions acquired at the release posi-
tions,

The results of the magnetic probe are given by Fig. 5. The
trajectories in the midplane at z = 0, shown in Fig. 5, are
obtained using the dimensionless parameters derived earlier and
as given in Table 1, that is for a magnetic number N,,; = 11460.0.
In the computations, the long-range magnetic and inertia forces
were found dominant over other surface or adhesion forces.
Particles released at far distances will travel mostly under the
influence of inertia and drag in almost straight lines until the
magnetic attraction takes over at the surrounding of the probe
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and the particles start deviating toward the probe. Once they
reach the surface of the cylindrical probe, these particles will
be deposited there (an assumption used for qualitative descrip-
tion in light of the fact that the adhesion forces, being very
strong near the surface, will retain the particles and prevent
them from rebounding). Figure 5 also shows the trajectories in
the magnetic probe case at the north pole plane z = b. These
trajectories show the same trend as in the previous case with
much sharper deviations toward the magnetic probe, Thus the
particles in the midplane will travel by the probe and escape,
while they will be captured at the pole plane. These results
agree with experimental findings as shown in Fig. 1, namely
more deposit is collected at the north and south poles than in
the middle position of the magnetic probe. Also found experi-
mentally in the comparison of the scale formation on magnetic
and nonmagnetic probes was the presence of thinner scale at
the midsection of the magnetic probe. This can be explained
by the fact that in the flowing liquid there also exists particles
made of just silica (no iron) and these have negative magnetic
susceptibilities and their behavior under the same magnetic field
is opposite to the one by the iron—silica composed particles
presented in the previous figures. These silica-only particles
will tend to be rejected away from the magnetic probe, as can
be seen by examining the magnetic forces on the particles at
the mid and pole planes. From Eq. (8) and Table 3 and taking
for simplicity b ~ a, they are

3]
Fma"""___"g at :0,
(Fm,) PR z

1 4 1
(F,,,,),,-'--—(l +;—ﬁ)ﬁxe at z=25b

For pure silica particles, x, < 0, they yield positive values,
namely, acting in the r direction. Thus the silica particles experi-
ence a repulsive force as they approach the magnetic probe,
and less deposition is to be expected on the magnetic probe
than on the nonmagnetic probe. For the composite particles
containing iron, x. > 0, and the particles should experience an
attractive force. Since (F,,), is larger than (F,,),, more iron
particles should be deposited at the north or south poles than
in the midsection of the magnetic probe. By the same token,
more silica-only particles are expelled at the poles than in the
middle. Thus composition of the scale, formed as a result of a
combination of iron—silica particle deposition and silica-only
particle deposition, should contain more iron at the poles than
in the middle of the magnetic probe. This is also in agreement
with the experimental finding described in the earlier section.

Figure 6(a) shows the effect of increasing the magnetic num-
ber N,; = 0, 2.06, 20.67, 206.7, 2066.7 at the pole plane on the
trajectory of a particle of size A = a,/a = 0.00315 released
from r, = 10.0 and 8, = 2.8 rad. As the magnetic number is
increased, the particles are progressively deflected toward the
cylindrical probe until a threshold magnetic number for which
the particle will bend enough to reach the surface and deposit
there. The trajectories of the composed particles with increasing
dimensionless sizes A = 3.15 X 107°, 3.15 x 107*, and 3.15
x 1072 (i.e., a, = 0.1, 10.0, 100.0 um) at the middle plane (z
= () are shown in Fig. 6(b). This figure shows that for a given
magnetic number (N,; = 114650.0) as the size decreases, the
particles tend to be attracted toward the cylindrical probe and
eventually are deposited. Therefore capture of composed parti-
cles away from the probe is only possible when the size is
small. This observation and the fact that composed particles are
large in general due to the fact that they are the result of coagula-
tion of silica particles with iron, should also explain that there
is an optimum condition of size and magnetic field for which
deposition occurs.
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Fig. 6 (a) Magnetic field effect on composed silica particle trajectories
{z = b); (b) particle size effect on composed silica particle trajectories
in the midplane (z = 0) with N, = 11,460

Conclusion

The deposition of silica colloidal particle in suspension in a
supersaturated silica—iron solution onto magnetic and nonmag-
netic probes has been investigated experimentally and theoreti-
cally. The following conclusions are reached: (1) The long-
range magnetic and inertia forces were found dominant over
surface and adhesion forces; (2) in the absence of a magnetic
field, inertia is more important than fluid drag and the silica
particles tend to travel in almost straight paths; (3) with a
magnetic field, the trajectory of a silica-only particle can be
deflected away from the magnetic probe at a threshold magnetic
number. But the silica—iron particles can be attracted toward
the magnetic probe, more so at the poles than in the midsection;
(4) the predictions explained and were in qualitative agreement
with experimental results, namely, more deposit at the pole
regions than in the midsection, less scale in the midsection of
the magnetic probe than on the nonmagnetic probe, and more
iron element in the composition of scale deposit at the poles
than in the midregion of the magnetic probe.
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New Radiative Analysis
Approach for Reticulated Porous
Ceramics Using Discrete
Ordinates Method

A novel radiative modeling technique using discrete ordinates has been developed
for reticulated porous ceramics ( RPCs ) from experimental measurements of transmit-
tance and reflectance on small samples of partially stabilized zirconium oxide
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(PS Zr0O;) and oxide-bonded silicon carbide (OB SiC). The new technique defines
and quantifies the direct transmittance fraction, fy, of a reticulated porous ceramic,
J. R. Howell demonstrates how it redefines the extinction process, and creates a new effective

extinction coefficient, K, ;. This ultimately produces a modified form of the radiative
transfer equation (RTE) and an innovative discrete ordinates formulation to solve
the RTE unique to RPCs. The direct transmittance modeling approach has been
compared to a more conventional homogeneous modeling approach, in which the
direct transmittance effects are essentially ignored and the RPC is treated as a
homogeneous lump of material, The two modeling approaches yield identical results
in predicting small test sample reflectances and transmittances. The direct transmit-
tance technique does demonstrate explicitly, through a unique relationship between
absorption coefficients in the two meodeling approaches, the importance of scattering
processes in enhancing the absorption mechanism in RPCs. It can also be an im-
portant secondary modeling technique that imposes additional parameter constraints

Department of Mechanical Engineering,
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Austin, TX 78712

Fellow ASME

in an inverse analysis to help refine derived radiative coefficients.

Introduction

Reticulated porous ceramics (RPCs) are highly porous ce-
ramics (i.e., porosity ~ 80 percent) with an open, weblike,
dodecahedral internal structure with continuous void volume
connecting adjacent pores. RPCs are typically characterized by
their manufacturer in terms of ppi-rating (ppi is pores per linear
inch) and pore diameter, which is generally inversely related
to ppi-rating within an RPC material category. RPCs are being
developed rapidly for advanced energy systems, such as ad-
vanced porous combustion burners (Howell et al., 1995) and
volumetric absorbers in solar thermal receivers and reactors
(Skocypec et al., 1991). Knowledge of radiative modeling tech-
niques for RPCs is critical to accurate modeling of radiative
transport in anticipated high-temperature applications of future
advanced energy systems. Very little past work has been done
to date to develop or update radiative modeling techniques in
RPCs. Skocypec et al. (1991) did some radiative modeling with
alumina/mullite reticulated porous ceramics in solar energy ap-
plications.

The highly porous and open structure of RPCs creates com-
plex electromagnetic scattering and interference patterns within
the structure, which tremendously complicates radiative model-
ing in these materials. In addition, the highly porous structure
allows a certain fraction of incident radiative energy to transmit
directly through the structure without any interaction with the
structure. A novel radiative modeling technique has been devel-
oped that effectively treats this complex radiative interaction by
quantifying the direct transmittance fraction and incorporating it
into a discrete ordinates formulation to predict experimental
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Transfer Conference, Portland, Oregon, August 5-9, 1995, Manuscript received
by the Heat Transfer Division December 4, 1995; revision received June 11, 1996.
Keywords: Porous Media, Radiation, Radiation Interactions. Associate Technical
Editor: M. F. Modest.
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reflectance and transmittance behavior in small RPC test sam-
ples. In particular, this technique has been used to predict exper-
imental transmittance and reflectance measurements on small
samples of partially stabilized zirconium oxide (PS ZrO,) and
oxide-bonded silicon carbide (OB SiC) (Hendricks, 1993).

Direct Transmittance

This new radiative modeling technique postulates an experi-
mentally determined radiative property in RPCs called the direct
transmittance fraction, f; (Hendricks, 1993). The direct trans-
mittance fraction essentially defines the fraction of incident radi-
ative intensity that penetrates a depth, s, without any interaction
with the RPC internal structure. This property is assumed to
be isotropic because a given RPC sample has a homogeneous
structure on a macroscale defined by a typical pore diameter in
all directions. The quantity (1 — f,) is then the fraction of
radiative intensity that interacts with the RPC structure through
normal absorption and scattering processes. Radiative experi-
ments on PS ZrO, and OB SiC have found that f, obeys an
exponential relationship:

ia(s)

Ju(s) = i'(0)

= T, exp(—f+5) (1

where T, and § are experimentally derived direct transmittance
coefficients for the particular RPC (Hendricks, 1993).
Figures 1 and 2 illustrate recent experimental data for f, from
transmittance tests on 10 ppi, 20 ppi, and 65 ppi PS ZrO, and
OB SiC. Hendricks (1993) describes in detail the experimental
radiative technique for determining f,, and specifically the use
of polarized films to eliminate forward-scattering contributions
from f,. Figures 1 and 2 show that f;, decreases significantly as
ppi rating increases (i.e., pore size decreases ) and both materials
become much more opaque. In addition, a given ppi-rating of
PS ZrO, has smaller direct transmittance fractions than a compa-
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Note: Symbols Are Experimental Data

Lines Are Exponential Curve Fits
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Fig. 1 Direct transmittance fraction versus depth in 10 ppi/20 ppi/65
ppi porous PS ZrO,

rable ppi-rating of OB SiC. Visual inspection of the two materi-
als clearly shows that a given ppi-rating of OB SiC has larger
pore diameters and a more open structure than a comparable
ppi-rating of PS ZrO,; thus, incident radiation experiences less
structural blockage. This characteristic is determined by the
manufacturing processes and material details unique to the
RPCs used in this investigation [RPCs supplied by Hi-Tech
Ceramics, Alfred, New York]. Figures 1 and 2 also show that
fu does not necessarily go to 1 as sample thickness goes to zero.
This is indeed the case because there is a finite amount of

Note: Symbols are Experimental Data

Lines Are Exponential Curve Fits
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Fig. 2 Direct transmittance fraction versus depth in 10 ppi/20 ppi/65
ppi porous OB SiC

structure at the front surface of a reticulated porous ceramic
that interacts with the incident radiation immediately at z = 0.

Figures 1 and 2 also display several experimental data points
at each depth because typically multiple f;, measurements were
taken for each depth in a given sample (Hendricks, 1993). The
data variation at each depth is then an indication of typical
measurement error in f;, in this work.

Values for T, and 8 in Eq. (1) were derived from exponential
curve fits to the experimental data in Figs. 1 and 2. Tables 1
and 2 show the experimentally derived values of T, and 8 for

Nomenclature

a, = spectral absorption coefficient,
em™ orm™!
[far = direct transmittance fraction
1., = specific intensity in discrete ordi-
nate direction m at point p, W/

cient

r = radial direction, cm or m
s = path length, cm or m
T, = direct transmittance coeffi-

ds = incremental path length, cm or

K, = spectral extinction coefficient
(ay, + o03), m™!
K, «r = spectral effective extinction coef-
ficient, m™!
k), = spectral optical depth

m?-pm-sr m A = wavelength, um

I, = blackbody intensity in discrete V,, = volume of radiative element, M = direction cosine of discrete ordi-
ordinate direction m, W/m?2um- m’ nates direction m
ST w,, = discrete ordinate quadrature &, = direction cosine of discrete ordi-

I; = incident radiative beam intensity,
W/m?%sr
I, = collimated beam intensity, W/
mZ-sr
I, max = maximum collimated beam in-
tensity, W/m?-sr
ily(s) = directional radiative intensity
that is directly transmitted at s,
W /mZ-sr
i} = spectral directional radiative in-
tensity, W/m%-pum-sr
iy = spectral directional scattered in-
tensity in Eq. (9), W/m?-um-sr
ixs = blackbody radiative intensity
p = porosity

912 / Vol. 118, NOVEMBER 1996

point weight for m direction
z = depth dimension, cm or m
a, = angular differencing coeffi-
cients defined in Carlson and
Lathrop (1968)

8 = direct transmittance exponen-
tial attenuation coefficient,
cm™ or m

Ar, Az = radial and in-depth node incre-
ments, cm or m

6 = Dirac delta function

6, = interpolation weighting factor

1w = direction cosine of discrete or-
dinates direction m

nates direction m
o, = spectral scattering coefficient,
em™ orm™!
@ = scattering phase function
¢ = angle of revolution around the &
axis
Q, = scattering albedo = o\/K,
w = direction of a given radiative in-
tensity
w, = incident direction of collimated
radiative intensity
w; = incident direction of given radia-
tive intensity
dw = solid angle of a given direction
w, steradians or sr
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Table 1 Least-squares exponential curve-fit coefficients for PS ZrQ,

Table 2 Least-squares exponential curve-fit coefficients for OB SiC

Material T, 8 Correlation Material T, 8 Correlation
Category (meter!) Coefficient Category (meter ) Coefficient
10 ppi 0.4629 239.7 0.9602 10 ppi 0.8686 2393 0.9655
20 ppi 0.3209 380.0 0.9313 20 ppi 0.4111 327.3 0.9722
65 ppi 0.2628 1336.0 0.9931 65 ppi 0.3706 842.2 0.9823

PS ZrO; and OB SiC, respectively. As expected, values of T,
decrease and values of [ increase significantly as ppi rating
increases and the material becomes more opaque.

Equation (1) generally describes how radiative intensity at-
tenuates simply due to the structural blockage by the complex
structure of pores and webs in an RPC. The direct transmittance
fraction can be thought of as a two-dimensional attribute of the
porous material that is different from the material porosity,
which is a three-dimensional property. The two-dimensional
alignment of the RPC structure determines fj,, and materials
of similar porosity can have many different two-dimensional
alignments. Direct transmittance results in Figs. 1 and 2 demon-
strate that 10 ppi, 20 ppi, and 65 ppi PS ZrO, and OB SiC can
have dramatically different direct transmittance factors, while
they all have approximately the same material porosity (i.e., p
~ 80-85 percent). Of course, one could also argue that Eq.
(1) indicates that f;, is a one-dimensional attribute in the sense
that it is only a function of distance along a path, s, and is
assumed to be isotropic. In any event, the direct transmittance
coefficients represent additional radiative properties, which
must be independently quantified (i.e., measured) for a given
RPC material and ppi-rating when analyzing radiative transfer
within RPCs. Fortunately, the structure of each given RPC is
homogeneous enough that direct transmittance coefficients do
not vary appreciably for a given ppi-rating or pore diameter,
and the material is isotropic within a given specimen so that
properties are independent of incident radiation direction.

Modification of Radiative Transfer Equation

The impact of Eq. (1) on radiative transfer in porous ceramics
is to modify the attenuation of a radiative intensity in any given
direction compared to normal radiative transfer in participating
media. Siegel and Howell (1992) present the fundamental math-
ematical development of the radiative transfer equation for ho-
mogeneous, nonporous materials. This section will present the
detailed mathematical arguments leading to modifications in
the basic radiative transfer equation from direct transmittance
effects of RPCs and the subsequent definition of K .. The
basic assumptions are those associated with the radiative trans-
fer equation plus the assumption of an isotropic, homogeneous
structure in RPCs.

Direct transmittance effects in RPCs are essentially a result
of the RPC porous structure creating a relatively predictable
amount of structural blockage as a given intensity travels
through it. The radiative transfer analysis begins by considering
a specific spectral intensity, i} (s), traveling in a given direction
along a path length, As, within the RPC structure. Figure 3
illustrates the geometry and radiative intensities in this analysis.
The direct transmittance fraction, f;(As), is that fraction of
energy (or intensity) that is directly transmitted through the
RPC structure without any interaction or blockage from the
structure. The direct transmittance fraction for As is:

Ju(As) = T, exp(—pAs) (2)

where T, and G are experimentally determined direct transmit-
tance coefficients for a given RPC.

Journal of Heat Transfer

As the specific spectral intensity travels along its path, As,
the amount of change in intensity just due to the porous struc-
ture blockage and no other attenuation is given by:

di p(As) = = fu(0)iX(s)[1 — exp(—BAs)]  (3)

where 8 and f,(0) = T, are experimentally determined direct
transmittance coefficients. This expression explicitly accounts
for the fraction of energy undergoing structural blockage and
not the fraction subject to emission, absorption, or scattering
processes during intensity interaction with the structure.
The fraction of energy subject to absorption and scattering pro-
cesses during interaction with the structure is given by (1 —
T,)ix(s). Figure 3 shows these two components explicitly bro-
ken out at path point s,

Porous Medium

il (s+ds)

Fig.3 Radiative transfer analysis in one direction in absorbing, emitting,
and scattering porous medium
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The change in intensity, diy . (As), due to porous structure
blockage as As — 0 then becomes:

di} p(ds) = —T,Bi\(s)ds (4)

This same expression applies to that portion of an incident
collimated beam subject to porous structure blockage as it enters
the RPC front surface.

The total change in intensity, dii(ds), from all radiative
processes in incremental distance, ds, is then due to absorption,
scattering out of the given direction, porous structure blockage,
blackbody emission into the given direction, and scattering into
the given direction from all other directions. Using Eq. (4)
and the mathematical formulation of terms given in Siegel and
Howell (1992), Chap. 14, this is mathematically expressed as:
diy i
e = —[(ax + o)(1 = T,) + T,Blix(s)

+ @i (s) + :r—“f (s, w) @\, wi, w)dw; (5)
M wy

Equation (5) now allows easy identification of the effective
extinction coefficient, K ., resulting from absorption effects,
scattering effects, and porous structure blockage (i.e., direct
transmittance ) effects. K, . is found to be a function of absorp-
tion and scattering coefficients, and direct transmittance coeffi-
cients in Eq. (1), through the relation:

Kiew = (o + o)(1 = T,) + T8 (6)

Equation (6) defines how the sources of attenuation in RPCs
are distributed in the overall effective extinction coefficient for
these materials. The combination of both 7, and 5 in the second
term determines how strong a role porous structure blockage
and direct transmittance effects play in the overall extinction
process and corresponding extinction coefficient. Of course,
smaller values of T,, for a given value of 8, dictate that normal
absorption and scattering coefficients will more adequately de-
scribe the overall extinction process.

Some special cases are evident by considering Eq. (6). If
there are no direct transmittance effects and 7, = 0, then K, o«
reverts back to the normal definition of K, = a, + o,. This is
one way to analyze reticulated porous ceramics as a normal,
homogeneous material. This effectively lumps all the radiative
processes into the normal definition of extinction coefficient.
The absorption and scattering coefficients in this type of homo-
geneous model are then effective coefficients, accounting for
both ceramic structure and pore effects in the RPC.

One additional interesting situation occurs when § = 0 and
T, > 0. This combination describes the extinction process in a
material that possesses a uniform structure in depth such that
there is no additional structural blockage after the initial
blockage at the surface. The value of T, describes the initial
structural blockage at the surface. This initial blockage and the
fraction of intensity involved with the blockage would not
change with depth.

The modified Radiative Transfer Equation (RTE) applicable
for porous ceramics is then developed by replacing K, with
K, «r in the basic RTE equation, since K, .r applies to each
direction of interest:

@ Vii(k)) + Kyerin (k)

= a\iy (k) + ﬂf ik, Wi )R\, w, widdw;  (7)
41 Jun

A collimated incident beam, being a unidirectional intensity,
can also be effectively analyzed and modeled as discussed above
as it penetrates the porous structure. Equation (6) then also
applies as the effective extinction coefficient for attenuation of
any incident collimated beam intensity, /;(r, z). Incident
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collimated beam models are then modified by replacing K, with
Ky err:

(8)

The actual intensity in the RTE can then be expressed as a
sum of the scattered intensity and the incident collimated inten-
sity appropriately attenuated with depth (Jendoubi et al., 1993;
Modest, 1993; Kim and Lee, 1989):

Li(r, 7-) = Ic(r) exp[_chlTZ]

ix(r, z)

= ”\A‘c(ra Z) + [L\.c(r) exp(_Kh,eﬂ’z)]é(wc - w) (9)

Equation (9) is then substituted into Eq. (7) to yield:

[@V + Kyerrl[inse(x2) + [Le exp(— Ky en2) 16 (w, — w)]

; ay
= abp(K) + —

[“i,m(KRI w:') +
4 Jix

[Ih,r cxp(_K.\,cszJ]S(Wc - Wi )]Q( A, w, Wy )dwr ( 10)

Equation ( 10) can now be manipulated and modified for any
user-specific application and serves as the starting point for
developing any discrete ordinates methodology. This work fo-
cused on collimated radiative beams incident on cylindrical
samples so cylindrical coordinates were used. Manipulating Eq.
(10) for reticulated porous ceramics in cylindrical coordinates
with circumferential symmetry creates one form of the modified
RTE for discrete ordinates formulation:

b} d 9 ;
[# o gt g K‘-‘“]’i"““""

d
+ K 5; ["h.c(r) cxp{_KLeffZ)]é(wc == W)

=8(r,z,w) (11)
with:
S(r, z, w)

= M (k) + % I:Iu(?‘) exp(—Kyerz) B(\, w, w.)

+f Ense(ion, wi )B(N, w, Uf)dw.‘:l (12)
4w

The second term on the left-hand side of Eq. (11), involving
the derivative with respect to r of the collimated intensity contri-
bution, typically does not show up in a discrete ordinates formu-
lation to solve the RTE. This is because there is usually not
a specific discrete ordinates direction associated with the w,
direction, so the Dirac delta function cancels this term in the
discrete ordinates implementation.

Discrete Ordinates Methodology

Equation (11) can now be manipulated as described in Five-
land (1987, 1988) and Jendoubi et al. (1993) to produce the
discrete ordinates approximation of the RTE applicable to retic-
ulated porous ceramics, At each control volume for each radia-
tive intensity direction m in discrete ordinates radiative models,
Eq. (11) is multiplied by 2wrdrdz and integrated over a typical
cylindrical control volume. The resulting finite control volume
form of the RTE is:
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“m(AE[m.E o Aw[m.w) + fm(ANIm,N = ASI-H_T)

am+uzfm+u2,p = am—uzfm—m.p
+ (Ag — Aw)
Win

= =K\ etVolup + iV, 1y, + V0o I L p®(w;, w)duw;
4

i

(13)

where I, , is the intensity in the m direction at point p. I, v,
I.s, In &, and I, w are the radiative intensities at the correspond-
ing north, south, east, and west boundaries of the control vol-
ume, respectively. Ay, Ag, Ag, and Ay are corresponding bound-
ary surface areas of the control volume. In the typical discrete
ordinate formulation, the integral over solid angles w; in Eq.
(13) is replaced by a numerical quadrature sum with an appro-
priate discrete ordinate quadrature weight, w,, assigned to the
m' discrete ordinate direction. In order to solve for the set of
discrete ordinate intensities explicitly, I, , is related to 1.z, Luw,
L.y, and I, by a spatially weighted interpolation scheme as
described in Fiveland (1987, 1988) and Jendoubi et al. (1993);
this is typically the ‘‘diamond difference’’ interpolation scheme
of Carlson and Lathrop (1968). The resulting expression is
explicitly solved for I, ,, yielding:

_ pwALww + &uBlus + Tlhiovpp + KV, S,

MuAe | EmAy | (Ap — Aw)&piin

- +
6“‘ 6“' w"!6 W

Lp (14)

+ KtV

where:

(1 -6
by

(1 -6,
Ew

(Ap — Aw) [(l — 6)

W bw

A= Ap + Ay

B: AN+AS

I's= Qperrz T ﬂ’m—m]

S = (1 = QI(T,) + ;i—} [Py ik (— R

M
X BN, wyy we) + X Lnp®(m', myw,e]  (15)

m'=1

All guantities in Eqs. (14) and (15) arc on a spectral basis.

The role and importance of K. in the discrete ordinates
formulation for RPCs is clearly apparent in Egs. (11) and (14).
1t plays the same role as a normal extinction coefficient defining
the total attenuation of a given intensity along a path length,
and mathematically occupies the same position in the RTE.
However, the sources of attenuation in a RPC are explicitly
delineated according to Eq. (6) and inherently connected to the
porous structure direct transmittance, fj.

Radiative Modeling Approaches

The definition of K, . suggests two different radiative model-
ing approaches in reticulated porous ceramics. The first ap-
proach would simply set T, = 0 in Eq. (6), ignore the RPC
direct transmittance, and consider the RPC as a homogeneous
lump of material. Absorption and scattering coefficients in this
approach would then be considered effective coefficients im-
plicitly accounting for RPC direct transmittance effects. This
homogeneous (HM ) modeling approach was used in the inverse
radiative analysis work of Hendricks (1993) and Hendricks
and Howell (1994, 1996) to recover absorption and scattering
coefficients and phase function behavior from experimental re-
flectance and transmittance data on small test samples. Hen-
dricks and Howell (1994, 1996) present the inverse analysis

Journal of Heat Transfer

methodology and results and give the uncertainties in the recov-
ered coefficients of: (a) +18 percent in absorption coefficients
and *+20 percent in scattering coefficients for PS ZrO, RPCs,
(b) £11 percent in absorption coefficients and =7 percent in
scattering coefficients for OB SiC RPCs.

The second approach is to use the T, and S values in Tables
1 and 2, and account explicitly for the RPC direct transmittance
effects in the radiative attenuation process. Direct transmittance
effects are separated explicitly from the absorption and scatter-
ing coefficients in this approach. Absorption and scattering coef-
ficients then represent coefficients more directly associated with
the RPC materials and internal structure, since the effect of the
medium within a pore (i.e., room temperature air) was generally
negligible in this investigation.

The direct transmittance (DT) modeling approach was inves-
tigated and compared with the homogeneous (HM) modeling
approach in the inverse radiative analysis work of Hendricks
(1993) in retrieving absorption and scattering coefficients and
phase function behavior from experimental reflectance and
transmittance data. Tables 3 and 4, for example, show a compar-
ison of absorption and scattering coefficients retrieved using
both approaches in 10 ppi PS ZrO, and OB SiC porous ceramics.
This work discovered a consistent relationship at all wave-
lengths between absorption and scattering coefficients derived
from the two modeling approaches. By inspection of Eq. (14),
if K.y in direct transmittance modeling and K in homogeneous
modeling are equal, and furthermore if the two modeling ap-
proaches have the same (K(?) product, then both modeling ap-
proaches will calculate the exact same intensity. Therefore, the
absorption and scattering coefficient relationship resulted from
satisfying the following radiative property conditions between
the two models:

(ay+ o (1 = T,) + T8 = a, + o,

(ay + a2 = (ay + &) = o) = o)

(16)

where the primed variables are those in the direct transmittance
modeling, and unprimed variables are the corresponding quanti-
ties in the homogeneous modeling. The equality between the
scattering coefficients produced a relationship between absorp-
tion coefficients in the two modeling approaches:

a, + Ta(gx\ — ﬂ}
(l —Ty)

The reader is referred to Hendricks (1993) and Hendricks and
Howell (1996) for the actual radiative properties (a,, o)) deter-
mined using the homogeneous modeling approach. Equation
(17) exhibits consistency between the modeling approaches
such that as T, — 0 and direct transmittance effects are either
ignored or do not exist, then a; - a, and the modeling reverts
back to the homogeneous description. It should also be noted
that generally 2} and 2, in Eq. (16) are not equal.

These coefficient relationships were determined to hold in-
variably at all wavelengths for both PS ZrO, and OB SiC (See
Tables 3 and 4 as examples) when both radiative modeling
approaches produced equivalent results in predicting experi-
mental reflectances and transmittances. Absorption coefficients
in direct transmittance (DT) modeling were therefore larger
than those from homogeneous (HM) modeling, and had an
absorption-enhancing contribution from scattering effects repre-
sented by the second term in the numerator of Eq. (17). One
reason for this is that direct transmittance absorption coeffi-
cients, unlike homogeneous absorption coefficients, did not in-
clude the effect of physically nonexistent absorption in the void
volumes inside the porous ceramic structure. In addition, the
second term in the numerator of Eq. (17) shows explicitly the
otherwise hidden importance of scattering processes in aug-
menting the absorption mechanism within a RPC. Scattering
processes in the RPC provide multiple additional opportunities

ay =

(17)
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Table 3 Absorption and scattering coefficients for homogeneous (HM)
modeling and direct transmittance (DT) modeling in PS ZrO, (T, = 0.4629,
B = 239.7)

Wavelength a, a,’ a) N at
(um) HM | DT | HM | DT | (Eq.17)
('] | [m'] | ('] | (m'] [ [m]
0.4 60.9 266. 408. | 403. 256.
0.6 13.5 401. 681. | 677. 404.
0.8 59 392, 689. | 682. 395.
1.2 1.1 384. 685. | 690. 388.
1.6 1.6 361. 660. | 658. 364.
2.0 8.0 343. 623. | 617. 343.
24 239 | 308. | 551. | 546. 311.
2.8 68.4 331. 480. | 474. 332,
32 93.1 416. 523. | 518. 415.
3.6 809 | 356. | 483. | 477. | 358.
4.0 70.5 | 327. | 471. | 465. 328.
4.5 68.5 323. 463. | 467. 322.
5.0 68.8 | 322, | 464. | 464, 321.

* Note: Calculated Values of a,' Use Average Value of ¢,' and oy,

for more radiative absorption and effectively shorten the mean
free path before absorption.

One important utility of direct transmittance modeling was
actually during the inverse analysis process. Inversion results
for both homogeneous modeling and direct transmittance mod-
eling could be directly compared to determine how closely Egs.
(16) and (17) were satisfied. In a sense, Egs. (16) and (17)
were additional conditions to establish how well the inverse
analysis did in recovering absorption and scattering coefficients
which produced acceptable predicted results for the experimen-
tal reflectances and transmittances. If the comparison was unsat-
isfactory, additional inverse analyses adjusted and refined the
coefficient combinations to produce more consistent results and
better predictions for the experimental data.

It was anticipated beforehand that using the direct transmit-
tance approach would alter phase function behavior, in addition
to producing different radiative coefficients, in the inverse anal-
ysis modeling work of Hendricks (1993). Because this ap-
proach at least partially accounted for direct transmittance ef-
fects in the effective extinction coefficient, K o, it was thought
initially the phase function should adjust accordingly. Results
of the inverse analysis, however, did not support this viewpoint.
Instead, it was found consistently, at all wavelengths and for
both 10 ppi PS ZrO; and 10 ppi OB SiC, that optimum inverse
analysis solutions had phase functions that remained the same
between direct transmittance modeling and homogeneous mod-
eling. This occurred because K, . really represented a method
of allocating, or distributing, the different sources of radiative
attenuation on a given intensity in a specific direction, and did
not necessarily dictate how radiation is directionally scattered
throughout the hemisphere via the phase function.

One caution that must be recognized is that thin samples
(e.g., 0.6 cm) of 10 ppi materials (in Figs. 1 and 2) do tend to
stretch the continuum assumption implicit in the RTE because
there are so few pores contained in the short distance. 10 ppi
reticulated porous ceramics therefore must be considered as a
limiting case for direct transmittance modeling using 0.6 cm
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Table 4 Absorption and scattering coefficients for homogeneous (HM)
modeling and direct transmittance (DT) modeling in OB SiC (T, = 0.8686,
p = 239.3)

Wavelength | a, a,’ ay 0 a' "
(um) HM | DT | oM | DT | Bq17)
('] | (w7 | (') ') | [m)
0.4 66.9 | 2087. | 479. | 478. | 200.
0.6 59.8 | 2087. | 482. | 487. 2076.
0.8 68.6 | 2096. | 473. 478. 2083.
1.2 72.9 | 2120. | 472. 476. 2106.
1.6 77.1 | 2117. | 467. 471. 2105.
2.0 79.3 | 2143. | 467. | 472. 2125.
24 85.1 | 2180. | 477. 471. 2199,
2.8 95.7 | 2502, | 508. | 508. 2505.
3.2 94.0 | 2520. | 509. 508. 2495,
3.6 98.9 | 2512, | 512. | 505. 2532,
4.0 102. | 2564. | 512. 510, 2572,
4.5 105. | 2584. | 510. 509. 2585.
4.9 97.8 | 2581. | 524. 517. 2603.

" Note: Calculated Values of a,’ Use Average Value of ¢’ and oy,

thick samples, and one might consider alternative modeling
(e.g., homogeneous modeling ) for 5 ppi materials or other mate-
rials with larger effective pore diameters. However, as evi-
denced by properties in Tables 3 and 4 and those presented in
Hendricks and Howell (1996), consistent results were obtained
with 10 ppi materials relative to smaller pore diameter materials
(i.e., 20 ppi and 65 ppi materials), which better satisfy the
RTE continuum assumption. Therefore, as with other physical
mechanisms and processes, the basic assumptions can be ex-
tended somewhat to achieve workable solutions and insights to
previously vague and little understood problems.

Conclusions

This work has shown the direct transmittance fraction, f,
is a measurable and quantifiable attribute in RPCs. It follows
predictable exponential attenuation and is characterized by di-
rect transmittance coefficients, which represent additional radia-
tive properties for a particular RPC. Direct transmittance effects
modify the definition of the normal extinction coefficient in
RPCs, resulting in an effective extinction coefficient, Ky et Ky err
explicitly redefines how the different sources of attenuation are
distributed in the extinction process within RPCs. By redefining
the extinction process, the new K, . ultimately modifies the
basic Radiative Transfer Equation. This creates an innovative
discrete ordinates formulation for solving the RTE unique to
RPCs.

The relationship for K, . suggests that two radiative model-
ing approaches are possible with RPCs, One approach is homo-
geneous (HM) modeling in which RPC direct transmittance
effects are ignored (7, = 0) and the RPC treated as a homoge-
neous lump of material. The second approach, direct transmit-
tance (DT) modeling, explicitly accounts for direct transmit-
tance effects in K, r. These two modeling approaches give
equivalent results for reflectance and transmittance predictions
as long as specific relationships between absorption and scatter-
ing coefficients in the two approaches are satisfied. A major
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benefit of direct transmittance modeling is that it explicitly dem-
onstrates the important role scattering processes tacitly play in
enhancing absorption mechanisms within RPCs. It uncovers
the fact that scattering processes within RPCs provide multiple
additional opportunities for more absorption and effectively
shorten the mean free path for absorption. Another important
utility of direct transmittance modeling is that when DT inverse
analysis results are compared with HM inverse analysis results,
additional conditions are created on the inversion results that
can be used to further refine coefficient combinations to produce
better predicted results for the experimental data.
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The Absorptance of Infrared
Radiation by Methane at
Elevated Temperatures

In large-scale fires and flames, radiative transport can be an important factor de-
termining the rate of fuel volatilization and flame spread in condensed fuels, and in
general can affect the amount of soot that is produced by the flame. The radiant flux
can be significantly attenuated by core hydrocarbon gases that have absorption
Jeatures in the infrared. The spectral absorptance of the v; ( centered at approximately
3020 cm™") and v4 (centered at approximately 1306 cm™) fundamental bands of
methane were measured at elevated temperatures. The measurements were made
using a FTIR spectrometer coupled to a gas cell that was maintained at a constant
temperature in a furnace. The partial pressure of the methane was varied between
5 and 95 percent, yielding pressure path lengths between 1.14 and 21.72 atm-cm.
The total pressure was maintained at 1 atm. Measurements were made at temperatures
between 296 and 900 K. The effect of spectral resolution on the measurements and
derived parameters was examined. Spectral resolutions between 4 and 32 cm™' were
used. The spectral mean parameters of line strength and line shape were determined
for the Elsasser narrow band radiation model using the data taken at a resolution
of 4 em™'. The band model parameters were incorporated into RADCAL, a narrow
band model used to predict spectral intensity and transmittance, The results are
compared with lower resolution predictions and experimental spectral transmittance
data. Tabulated narrow band parameters are available on the Internet (WWW) at

S. P. Fuss
0. A. Ezekoye

M. J. Hall

Center for Energy Studies,

Department of Mechanical Engineering,
The Universily of Texas at Austin,
Austin, TX 78712

URL http: //www.me.utexas.edu/~combust/students/paul/research.

Introduction

In large-scale fires, heat feedback from the flame to the fuel
surface is dominated by radiation and is therefore the primary
mechanism determining fuel burning rates. Heat feedback to
the fuel surface volatilizes the condensed fuel, which in turn
forms a cool, hydrocarbon-rich core between the flame and the
fuel surface. As these core gases react, heat is released, and the
self-sustaining cycle of the fire continues. The core gases are
an important part of the heat transfer process controlling the
fire spread rate in that they absorb radiant energy from the
flame. Therefore, if accurate predictions of flame spread rates
are to be made, the radiative properties of these gases must be
known over a wide range of thermodynamic conditions. Before
exploring the radiative properties of more complex hydrocar-
bons formed in condensed fuel combustion, it is worthwhile to
characterize more common hydrocarbon species.

Methane is a common hydrocarbon species found in combus-
tion environments, and is the focus of this work. It has three
primary regions of absorption in the infrared: the v; fundamental
centered at approximately 3020 cm™', the v, fundamental cen-
tered at 1306 cm™', and the v, + v, combination centered at
approximately 4220 cm™'. As the temperature increases, the v,
and v, fundamentals become the most significant absorption
regions (Lee and Happel, 1964), while several other weak
bands begin to appear.

Methane is found in combustion environments, and is also
important in atmospheric studies and its spectral nature has
therefore received a considerable amount of attention, Varanasi
(1971) investigated the line structure of the v; band under mod-
erately high resolution (0.1-0.5 cm™") to identify individual line
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shapes and positions at room temperature, under self-broaden-
ing conditions, in addition to broadening by He, H,, N,, O,,
and air. Those results revealed that collision-broadened lines in
the v; fundamental can be accurately represented by a Lorentz
profile. Finkman et al. (1967) calculated the integrated band
intensity of the vy fundamental using low-resolution spectral
transmittance data and the Goody statistical narrow band model.
Ko and Varanasi (1977) used moderately high resolution (0.2
cm™") spectral transmittance measurements to study individual
line characteristics within the v, fundamental. They measured
the (apparent) absorption coefficient of individual multiplets
and summed them across the band to obtain the integrated inten-
sity. Lee and Happel (1964 ) presented correlations for total
band absorption in several important IR bands as functions of
temperature and pressure path-length based on low-resolution
spectral absorptance measurements. Brosmer and Tien (1985)
applied the Elsasser narrow band model to their low-resolution
spectral absorptance measurements and presented narrow band
correlations for the vy and v, fundamentals. Brosmer and Tien
(1987) studied horizontal PMMA (plastic) pool fires by divid-
ing the fire into two zones: a hot reaction zone and a cool fuel-
rich core. In their analysis of the fuel core, which assumes a
uniform temperature of 900 K and gray gas properties, they
estimated that this region is responsible for attenuating 25-35
percent of the incident radiant flux,

Grosshandler (1977, 1979, 1993) presented a narrow band
model (RADCAL) that predicts the spectral intensity and trans-
mittance along a nonhomogeneous line of sight, based on both
modeled and tabulated spectral absorption data for several gases
commonly found in combustion environments. Previously, the
parameters for methane that were used in RADCAL were based
on spectral absorptance measurements taken at a resolution of
approximately 150 cm™'.

In the present study, measurements of the v; and vy funda-
mental bands were made using higher resolution data than were
previously specified in RADCAL. The effect of instrument reso-
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lution and gas temperature on the measured and correlated spec-
tral parameters of the v; and v, fundamental bands was investi-
gated for a wide range of pressure path lengths. The higher
resolution data are correlated in terms of the Elsasser narrow
band model based on the analysis of Brosmer and Tien (1985),
and incorporated into RADCAL. The use of the present data in
RADCAL is validated through comparison with experimental
spectral transmittance data. Comparisons are made, over a wide
range of conditions, between predictions of spectral transmit-
tance based on higher and lower resolution data.

The measurements taken in this study are not at as high a
resolution as measurements by Varanasi (1971) and Ko and
Varanasi (1977). However, measurements at 4 cm™' are at
sufficient resolution to identify individual lines in the P and R
branches of the v, fundamental. In addition, the use of 4 cm™
resolution measurements for the correlation of narrow band
parameters in RADCAL shows an improvement over the mea-
surements that were used previously. In some respect, the nar-
row band parameters specified in this study are not rigorously
narrow band parameters. As it will be shown, the spectral reso-
lution is finer than the line spacing for the bands, and the correla-
tions are effectively line resolved. Even for these line resolved
measurements, the Elsasser correlation is shown to provide a
very good correlation. When coupled with the RADCAL pro-
gram, these measurements provide a means of predicting the
line-by-line properties of a gaseous combustion mixture over a
range of pressures and temperatures. This represents a novel
tool for both heat transfer radiative transfer calculations and
combustion diagnostics development.

Experimental Apparatus and Measurements

In the present study, the spectral absorptance of methane was
measured at various temperatures and pressure path lengths
using a Nicolet model 550 FTIR spectrometer coupled to an
external gas cell that was enclosed in a furnace. Figure 1 shows
the experimental setup. The gas cell was constructed of stainless
steel tubing. BaF, windows placed on each end defined a fixed
optical pathlength of 22.9 cm. Portions of the optical path were
purged to minimize the presence of H,O and CO,. The absorp-
tion by these gases was small enough to be effectively normal-
ized out of the CH, measurements. The methane was diluted
with nitrogen so that different concentrations could be examined
while the total pressure was maintained at approximately 1 atm.
The gases were mixed inside a manifold and flowed through
the cell at a constant rate; the relative concentration of each gas
was maintained by a series of rotameters located in the manifold
upstream of the cell. Two rotameters were used to control the
methane stream so that the partial pressure could be varied
between 0,05 and 0.95 atm, providing a range of pressure path
lengths between 1.14 and 21.72 atm-cm, The temperature of
the gas mixture was monitored with thermocouples that were
placed in inlet and outlet streams of the cell. The two thermo-
couples were used to ensure that a uniform temperature profile
was maintained along the length of the cell. Measurements were
made at temperatures of 296, 600, and 900 K and spectral
resolutions of 4 cm™" and 32 cm™'.

Uncertainties in the experimental parameters were consid-
ered, and the results of a sequential perturbation uncertainty
analysis are presented in the Results and Discussions section to
clarify the effects of the experimental uncertainties on the nar-
row band parameters. The temperature variation in the channel
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Fig. 1 Experimental configuration

was minimized through the use of a radiation shield and by
controlling the total gas flow rate. All temperature inhomogenei-
ties within the channel were kept below the experimental uncer-
tainty associated with the thermocouple measurements ( =2 per-
cent). C.P. grade methane, which specifies a purity of 99.1
percent, and prepurified grade nitrogen, which specifies a purity
of 99.998 percent, were used.

Experimental Analysis

Figure 2 shows the effect of instrument resolution on spectral
absorptance. The figure compares the spectral absorptance of
the v; band measured at 4 and 32 cm™! resolution at a tempera-
ture of 296 K. Absorptance is defined as: a, = 1 — I/1,. The
absorption of the ith band, A;, defined as the area under each
curve can be used as a measure of the net energy absorbed by
the gas. The difference in resolution between 4 cm™ and 32
cm ™! does not affect this value. If one is interested only in
calculating total gas parameters, then the low-resolution mea-
surements are adequate, and may be preferable from a computa-
tional standpoint. The band absorption for the v; and v, funda-
mentals at a resolution of 4 cm™" and pressure path length of
8.0 atm-cm is given over a range in temperatures in Table 1.
These data are in good agreement with the results of Lee and
Happel (1964) who used lower resolution measurements than
those in the present study. In combustion situations, more than
one participating species is typically present, and detailed spec-
tral data are necessary to account for the regions where absorp-
tion bands from different gases overlap. For this reason, data
collected at higher resolutions are desirable for the narrow band
model correlations.

Narrow band radiation models correlate spectral data in terms
of two band average parameters: the line strength (S./6,) and
line shape (7./6.), where S, is defined as the line intensity,
Y. is the line half-width and §,, is the line spacing. Previous
researchers (Lee and Happel, 1964; Brosmer and Tien, 1985)
have determined that the v; and v, fundamentals are best corre-
lated by the Elsasser model, which assumes a uniform spacing,
intensity, and width of individual rotational lines within each

Nomenclature

1 — T, absorptance
I/1, = transmittance

In

a,
T cm

a(T) = f,_, S./6.dw = integrated inten-

sity
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X = P, L = pressure path length, atm-

S./6,, = line strength parameter, atm™'

em™
¥./6,, = line shape parameter
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Fig. 2 Spectral absorptance at T = 296 K, Pror = 1 atm; Path length =
22.9 cm, methane partial pressure = 0.25 atm

vibrational absorption band (Elsasser, 1938). In addition to the
v; band, centered at approximately 3020 cm™', Fig. 2 shows two
weak bands that overlap the P-branch. Examining the higher
resolution data, with the exception of the somewhat varying
line intensity, the spectral characteristics of the v, band are well
approximated by the assumptions of the Elsasser model, and it
was found to adequately correlate the present results,

Brosmer and Tien (1985) have shown that for the Elsasser
model, the line strength parameter can be expressed as:

_ (erf 'a,)?

S48, = 27X (v./6.)

2 1/2
Y 167
Xel+ | 1+ | ) m—m—— 1

e[ () ] ]
where a,, is the experimentally determined spectral absorptance

and X is the pressure path length.
The integrated band intensity, a (atm™' cm™2), is defined as
the spectral integral of the line strength parameter:
a(T) = f SJS6.dw (2)
The integrated intensity must be known before the band parame-
ters can be derived. Once it is known, the line shape parameter
is determined iteratively through Egs. (1) and (2). One method

of determining the band intensity (Finkman et al., 1967) is to
integrate the measured spectral absorption coefficient:

a(T) = lim LT
X0 vy x

(3)

in the limit as the pressure path length, X, approaches zero,
where the spectral transmittance, T,, = I/1,, is the fraction of
transmitted radiation at each wavenumber. One of the goals of
this investigation was to provide a set of narrow band parame-
ters compatible with the formulation of RADCAL. In doing so,
the basic methodology of Brosmer and Tien was followed.
Thus, while the dependence of the integrated band intensity
on temperature was available from the present experimental
measurements, the requirement of compatibility with the previ-
ous work in RADCAL required the assumption that the inte-
grated band absorption varies inversely with the temperature:

a(T) = aTy/T (4)

The integrated intensity has been experimentally measured at
room temperature in previous studies (Finkman et al., 1967;
Ko and Varanasi, 1977), and is in fact independent of any band
model. In this analysis, the integrated intensity of the v; and v,
fundamentals were assumed to be 290 atm™' cm™ and 145
atm ™' cm™* at STP, again based on their use in the development
of RADCAL.

920 / Vol. 118, NOVEMBER 1996

The line shape parameter was assumed to be of the form:
v 3 I Prg a _T b

6 \6/o\P.) \To
where P, = Py + (B — 1) P, is the effective pressure, P is the
total pressure, and P,, refers to the partial pressure of methane.
The parameter B is the self-broadening coefficient for which a
value of 1.3 was used in this study based on the results of
Brosmer and Tien (1985) and Burch et al. (1962). The sub-

script 0 denotes the reference state at which T, = 296 K. The
line shape parameter for each band was determined to be:

y/6 = 0.0256(1.075/P,)"*(T/296)"** (6)
y/6 = 0.0363(1.135/P,)"7 (T/296)" ™ 0

The constants ¢ and b were evaluated by specifying a best-fit
curve, which satisfied both the experimental absorptance data
and the integrated intensity values.

(3)

v; fundamental

v, fundamental

Results and Discussion

It was shown in Fig. 2 how instrument resolution can affect
the measured spectral absorptance. In addition to affecting mea-
sured parameters, the resolution of the data plays a significant
role in the narrow band model parameters. Figure 3 shows the
line strength parameter calculated from data taken at a resolution
of 4 cm™ and compares it with the same parameter as it is
currently used in RADCAL, which was calculated from data
taken at a resolution of approximately 150 cm™'. This figure
demonstrates the ability of the Elsasser model to represent the
v; fundamental. The manner with which the line strength param-
eters coincide over a wide range of pressure path lengths is an
indication of its applicability. This result was to be expected;
by examining Eq. (1) the pressure path length is normalized
out of the expression for (S./6,). As was the case with the
band absorption A;, spectral resolution does not affect the inte-
grated band intensity. Spectral resolution differences lie in the
spectral variation of the line strength parameter. The highly
resolved spectral features become especially significant in non-
homogeneous environments where considerable overlapping
between bands of different gases can occur,

In the limiting weak line approximation, the line strength
parameter is equivalent to the spectral absorption coefficient
(Tien, 1968) and is therefore a significant radiative heat transfer
parameter in specifying the burning rates of many condensed
fuels (DeRis, 1979). The advantage of representing the spectral
data in terms of the narrow band model is that data collected
at any temperature and concentration can be correlated in terms
of two parameters. By normalizing the line strength parameter
by the pressure path length, (S./6,) becomes solely a function
of temperature, Therefore, only one set of spectral data is re-
quired for each temperature once the correlations are known.
However, one disadvantage is that each correlation is valid at
a single resolution. This follows from the fact that the narrow
band parameters are a function of spectral data, which will vary
with resolution.

The narrow band parameters derived in this study are avail-
able through the Internet at the URL http://www.me.utexas

Table 1 Comparison between current band absorption data and the
resuits of Lee and Happel (1964)

Dand Absorption A (o) Band Ahsorption A (em')
v, fundansental 1y funds |
Tempezatuee (K} | Present Study X = 80 | Lecand Happel X= | Presemt Study X =8.0 | Lo and Happel X =
atm - ¢l 7.72 aim - cm m - cm 1.72 atm - ¢m

296 1773 1932 1153 124.0
569 1923 139.5
600 2056 135.8

[ 214.0 146.0
RT3 FIFE] 1517
200 254.0 156.3

974 2630
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Fig. 3 Comparison of the spectral line strength parameter at T = 296
K, Pror = 1 atm; path length = 22.9 cm

.edu/~combust/students/paul/research. Using a sequential
perturbation method where uncertainties in the experimental
input parameters (i.e., Py, Py, L, T, a,, B) are identified, the
resulting uncertainties in the line strength parameter were evalu-
ated. A representative case where the nominal values are 7' =
296 K, Pr = 1 atm, P,, = 0.35 atm, L = 22.9 cm yields a line
strength parameter with uncertainties as high as 40 percent in
the Q branch and values ranging between 6—8 percent in the P
and R branches. The major contributor to this uncertainty is the
uncertainty in the spectral absorptance, a,,, which was approxi-
mately 1 percent of the measurement value. This value is based
on fluctuations in the background that occurred over the time
that the measurements were taken. Interestingly, this relatively
small uncertainty produces a relatively larger uncertainty in the
line strength parameter values in the Q branch primarily as a
result of the error function dependence of a, in Eq. (1). Due
to the asymptotic nature of the error function, this term is ex-
tremely sensitive to small perturbations in the absorptance as
its value approaches unity.

Applications

An immediate application for the narrow-band model param-
eters derived in this study is the incorporation of these parame-
ters into RADCAL, replacing those that are based on data taken
at a much lower resolution. To verify the validity of the results
obtained using these parameters, a comparison was made with
experimental spectral transmittance data taken at two tempera-
tures. Figures 4 and 5 compare the experimentally measured
spectral transmittance of the v, fundamental with the spectral
transmittance calculated in RADCAL from both higher and
lower resolution data, at temperatures of 296 K and 900 K.
The solid line, representing predictions based on high-resolution
parameters, nearly coincides with the experimental data, which
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Fig. 4 Measured and predicted spectral transmittance of the v; CH,
fundamental at 296 K, Pror = 1 atm, methane partial pressure = 0.25
atm, path length = 22.9 cm '
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Fig. 5 Measured and predicted spectral transmittance of the v; CH,
fundamental at 900 K, Pyor = 1 atm, methane partial pressure = 0.26
atm, path length = 22,9 cm

is denoted by the long dashed line. These figures show that the
narrow band parameters specified in RADCAL are capable of
correlating the line structure in the v; fundamental. As a caution-
ary note, it is unclear how extrapolating beyond the range of
experimental conditions will affect the accuracy of the predic-
tions. Within the range of experimental conditions, however,
the narrow band parameters perform well. Figures 4 and 5 also
show that the use of narrow band model parameters derived
from low-resolution data, represented by short dashed lines,
does not allow the prediction of the irregular spectral features
of the v; fundamental, in particular the central Q-branch. In
contrast to the v, results, it is shown in Figs. 6 and 7 that due
to the spectral nature of the v, fundamental, the use of lower
resolution data does not cause significant discrepancies between
measured and predicted spectral transmittance values through-
out this band. Unlike the vy fundamental, the individual lines
within the v, CH, fundamental are broadened to the extent that
no fine structure is apparent at a resolution of 4 cm™'. This is
consistent with the values of the line shape parameter calculated
for each methane band in Egs. (6) and (7); the line width to
spacing ratio is higher in the v, fundamental, A comparison of
Fig. 7 with Fig. 5 indicates that the temperature dependence of
the narrow band parameters in the v, band is less accurate than
that for the v, band. While there was little degradation in the
transmittance predictions (when compared with the experimen-
tal results) for the vy band at 900 K as compared to 300 K,
there was significantly more error in the v, band. Even with the
differences between RADCAL results and experimental data at
900 K, it is evident from examination of Fig. 7 that the newly
derived band parameters still more closely match the experi-
mental results than the lower resolution RADCAL results.

By incorporating higher resolution data into the model for
the v; and v, CH, fundamentals, it was necessary to reduce the
data spacing for every gas absorption band in the range 1100

Transmittance

Wavanumber (cm"')

Fig. 6 Measured and predicted spectral transmittance of the v, CH,
fundamental at 296 K, Pror = 1 atm, methane partial pressure = 0.25
atm, path length = 22.9 cm
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Fig. 7 Measured and predicted spectral transmittance of the v, CH,
fundamental at 800 K, Pror = 1 atm, methane partial pressure = 0.25
atm, path length = 22.8 cm

5000 cm™'. Therefore, in addition to investigating the effect of
the increased spectral resolution of the methane bands in this
range, the effect of varying the data spacing will be examined
in the other bands as well,

In addition to enhancing the spectral features of the v; funda-
mental in a pure CH,/N, mixture, the use of higher resolution
parameters has a significant effect on the prediction of spectral
transmittance in conditions where more than one absorbing gas
is present. N, like all homonuclear diatomic molecules, does
not have a dipole moment and therefore does not absorb infrared
radiation. The presence of N, has the effect of broadening the
absorption lines of the other gases present in the mixture. Figure
8 shows the predicted spectral transmittance along a 22.9 cm
path length through a mixture of 0.8 atm N,/0.1 atm CH,/0.1
atm H,0O, at a temperature of 500 K. In this case overlap occurs
between the v, CH, (at 1306 cm™) and 1587 em™' H,O bands,
and between the v, CH, (at 3020 cm™') and 3700 cm™' H,O
bands. From this figure, it can be concluded that the change in
resolution does not affect the predicted overlap between the
1306 cm™' CH, band and the 1587 cm™" H;O band. This result
can be attributed in part to the agreement, shown in Fig. 6,
between the predicted spectral transmittance in the v, fundamen-
tal of methane. In addition, there is no change in the predicted
spectral transmittance in the H,O band at 1587 cm™', This is
to be expected, as the features of the 3700 cm™' and 1587
cm™! H,O bands are calculated within RADCAL from tabulated
values of the spectral line strength parameter. Therefore, chang-
ing the data spacing has no effect on the predicted spectral
transmittance. In the region where the 3700 cm™' H,O band
overlaps the v; CH, fundamental, there is a significant difference
between the predictions of the high and low-resolution data.
The model, using low-resolution data, cannot predict the highly
varying line intensity in the v; CH; fundamental. Because the
band intensity, A;, must be the same for both high and low-
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Fig. 8 Spectral transmittance through a mixture of 0.8 atm N./0.1 atm
CH,/0.1 atm H.0, at a temperature of 500 K along a path length of 22.9
cm
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Fig. 9 Spectral transmittance through a mixture of 0.8 atm N,/0.1 atm
CH,/0.1 atm H;0, at a temperature of 800 K along a path length of 22.9
cm

resolution measurements, the low-resolution measurements re-
sult in a wider bandwidth near the base. This results in an
underprediction of the spectral transmittance in the area of over-
lap.

It can be inferred from Egs. (2), (3), (6), and (7) that
increasing temperature has the effect of reducing the intensity,
and increasing the width, of the individual lines within the v,
and v, CH, fundamentals, This is seen in Fig. 9, which plots
the predicted spectral transmittance of the same mixture of gases
as seen in Fig. 8, raised to a temperature of 900 K. The bands
tend to become wider, and the combined spectral transmittance
in both overlap regions decreases.

Once again, there is good agreement in the predicted region
of overlap between the v; CH; fundamental and the 1587 cm™'
H,0 band. However, the discrepancy between the high and low-
resolution predictions of spectral transmittance in the v, CH,
fundamental, and in the overlap of its R branch with the 3700
cm™' H,0 band, increases with temperature.

In addition to H,0, several other gases have absorption bands
in the IR that lie near the v; and v, CH, fundamentals, CO,
being one of them. Figure 10 shows the predicted spectral trans-
mittance along a 22.9 cm pathlength through a gaseous mixture
of 0.8 atm N,/0.1 atm CH,/0.1 atm CO; at a temperature of
800 K. Under these conditions there is no significant overlap
between CH, and CO, bands in the wavenumber range of inter-
est. However, as seen in the case with water present, increasing
the temperature of the gases can cause the absorption bands to
become broader, which will lead to increased overlapping be-
tween bands. It is noteworthy that the predicted transmittance
of the 5000 cm™', 3700 ecm™!, and 2350 cm™ CO, bands is
based on spectral models, as opposed to tabulated values of the
line strength parameter. The increased number of data points
throughout this range, however, has little effect on the predicted

\if

00— ———p—— -
5000 4500 4000 500 3000 2500 2000 1500 1000

Wavenumber {cm™)
Fig. 10 Spectral transmittance through a mixture of 0.8 atm N,/0.1 atm

CH,/0.1 atm CO, at a temperature of 800 K along a path length of 22.8
cm
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spectral transmittance. This can be seen through close examina-
tion of Fig. 10, where there is only a small deviation between
the high and low-resolution predictions in the CO, bands. This
change is of little significance when compared with the discrep-
ancies between the predictions in the v; and v, CH, fundamen-
tals. Measurements of the spectral transmittance of the 2350
cm™' CO, band at a resolution of 0,125 cm™' show that this
band has distinct rotational lines similar to the v; CH, band.
Decreasing the data spacing in RADCAL to values as low as
0.01 ecm™! did not show evidence of this line structure.

Concluding Remarks

This investigation has demonstrated the benefits of using data
collected at higher resolution in situations where the spectral
features of methane are important. While total band parameters,
such as absorption A; and intensity a, are not affected by the
resolution of the data, the measurements of spectral parameters
are significantly affected by instrument resolution. Figures 2
and 3 show that the spectral absorptance and line strength pa-
rameter at a resolution of 4 em™' can change by a factor of 2-
5 over a spectral range of only 5 cm™" while the variations at
lower resolutions are much smaller. This is important when the
effects of band overlap between multiple gases must be ac-
counted for. Due to the high temperatures found in combustion
environments, the thermal dependence and range of applicabil-
ity of spectral gas parameters are important factors. It has been
shown here that the application of the Elsasser model to the
infrared spectra of methane is valid for temperatures that are
typical of the fuel-rich core region above the fuel surface in
large pool fires. The validity of the data is demonstrated by the
agreement shown with previous studies for both the integrated
band intensity and band absorption. Further, while the Elsasser
model has been derived for application over several spectral
lines, it was shown in this study that it may be applied to data

Journal of Heat Transfer

taken at a resolution below the true line spacing. It has also
been shown that the use of higher resolution narrow band model
parameters within RADCAL can more accurately reproduce
experimental spectral transmittance measurements over a wider
range of conditions than previous lower resolution results,

Acknowledgments

S. P. Fuss and O. A. Ezekoye were partially supported by
NIST Grant No. 60NANB3D1436.

References

Brosmer, M. A., and Tien, C. L., 1985, "‘Infrared Radiation Properties of
Methane at Elevated Temperatures,’’ J. Quant. Spectrose. Radiar. Tech., Vol. 33,
pp. 521-532.

Brosmer, M, A., and Tien, C. L., 1987, “‘Radiative Energy Blockage in Large
Pool Fires,"" Combust. Sci. Tech., Vol. 51, pp. 21-37.

Burch, D. E., Singleton, E. B., and Williams, D., 1962, ‘‘Absorption Line
Broadening in the Infrared,’” Applied Optics, Vol. 1, pp. 359-363.

De Ris, I, 1979, “‘Fire Radiation—A Review,"" Seventeenth Symposium ( Inter-

[) on Comb The Combustion Institute, pp. 1003-1015.

Elsasser, W. M,, 1938, *'Mean Absorption and Equivalent Absorption Coeffi-
cient of a Band Spectrum,’” Phys. Rev., Vol. 54, pp. 126-129.

Finkman, E., Goldman, A., and Oppenheim, U. P., 1967, *‘Integrated Intensity
of 3.3 u Band of Methane,” J. Opt. Soc. Am., Vol. 57, pp. 1130-1131.

Grosshandler, W. L., 1977, “*A Study of a Model Furnace Burning Methanol
and a Methanol/Coal Slurry,”" Ph,D. Dissertation, University of California, Berke-
ley.

Grosshandler, W. L., 1979, “Radiation in Nonhomogeneous Fires,"" FMRC
1.1. OAOEG6 BU-4, RC 79-BT-9, Factory Mutual Research, Norwood, MA.

Grosshandler, W. L., 1993, “RADCAL: A Narrow Band Model for Radiation
Calculations in a Combustion Environment,”" NIST Technical Note 1402.

Ko, F. K., and Varanasi, P., 1977, *‘Intensity Measurements in the v, Funda-
mental of Methane,"* J. Quant. Spectrosc. Radiat. Tech., Vol. 18, pp. 145-150.

Lee, C., and Happel, J., 1964, ‘‘Thermal Radiation of Methane Gas," I & EC
Fundamentals, Vol. 3, pp. 167-176.

Tien, C. L., 1968, ''Thermal Radiation Properties of Gases,’’ Advances in Heat
Transfer, T. F. Irvine and J. P. Hartnett, eds., Academic Press, New York, Vol.
5, pp. 253-324.

Varanasi, P., 1971, **Collision-Broadened Half-Widths and Shapes of Methane
Lines,” J. Quant. Spectrosc. Radiat. Tech., Vol. 11, pp. 1711-1723.

NOVEMBER 1996, Vol. 118 / 923

Downloaded 11 Dec 2010 to 193.140.21.150. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Saturable Absorption During

J. P. Longtin

Assistant Professor,

Department of Mechanical Engineering,
State University of New York

at Stony Brook,

Stony Brook, NY 11794-2300

High-Intensity Laser Heating
of Liquids

The interaction of high-intensity, short-pulse laser radiation with liquids is fundamen-

tal to many contemporary technologies. At low laser intensities, the classical model

C.-L. Tien

A. Martin Berlin Professor of
Mechanical Engineering,

Department of Mechanical Engineering,
University of Callfornia at Berkeley,
Berkeley, CA 94720

Honorary Mem. ASME

of absorption and heating applies, which assumes a constant absorption coefficient
and no dependence on intensity. As the intensity increases, however, many molecules
are promoted to excited states, whose absorption properties differ from those of the
ground state, and the absorption of the bulk liquid is altered. This phenomenon,
called saturable absorption, results in intensity-dependent absorption, heating, and
temperature distributions that can deviate significantly from classical absorption. This
work investigates the thermal aspects of saturable absorption during laser heating of

liquids. A microscopically based model of the radiation absorption and heating
processes is presented. Model solutions are discussed and compared with experiment
Jor a contemporary saturable absorbing liquid. Simple engineering criteria and rele-
vant applications are then discussed.

Introduction

Many important technologies involve the interaction of high-
intensity, pulsed laser radiation with liquids. Examples include
laser pulse generation and modification (Band and Scharf, 1986;
Stuke, 1992), laser-induced desorption of thin liquid films (Al-
len et al., 1984 ), laser particle removal (Park et al., 1994), and
microstructure repair (Fushinobu et al., 1995). Recent research
in thermal aspects of high-intensity, short-pulse laser—material
interactions, however, has focused almost exclusively on the
solid phase (Qiu and Tien, 1992). In liquids at high intensities,
the absorption and heating of the laser pulse can deviate signifi-
cantly from classical, low-intensity predictions, resulting in a
markedly different temperature distribution. Such effects must
be quantitatively characterized to assess their impact on technol-
ogies that employ high-intensity laser—liquid interactions.

Classical models of absorption and heating assume a constant
absorption coefficient, independent of the incident intensity,
which results in the familiar exponential decrease of intensity
with distance into the liquid, i.e., Beer’s Law ( Brewster, 1992).
At high laser intensities, however, the intense laser pulse can
significantly alter the population of molecular states of the liquid
molecules from their thermal equilibrium distribution. The ab-
sorption then becomes an intensity-dependent function of posi-
tion and time; this phenomenon is called saturable absorption
(Penzkofer, 1988).

Most dielectric liquids are capable of saturable absorption.
To do so (1) the liquid must absorb at the wavelength of inter-
est, and (2) the light intensity must be high enough to initiate
intensity-dependent absorption. Many organic dyes exhibit satu-
rable absorption, as well as common liquids, e.g., water and
alcohols at a wavelength of 2.9 um (Vodop’yanov et al., 1982).

The thermal aspects of saturable absorption have not been
addressed. The purposes of this work are thus to develop a
thermal model to predict the temperature in liquids during satu-
rable absorption, and to provide simple, quantitative criteria to
determine when such effects are important. Heating associated
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with saturable absorption is herein termed sarurable heating.
The model is used to characterize saturable heating as a function
of pulse intensity, duration, wavelength, and liquid properties.
Temperature profiles are presented for a common dye used for
its saturable absorption properties, and compared to experimen-
tal results. It is shown that during saturable heating the tempera-
ture distribution becomes much more uniform, with a lower
peak value and longer thermal penetration depth than the classi-
cal heating model predicts.

Saturable Absorption and Heating

In liquids the nature of the radiation interaction is determined
primarily by the structure of the individual molecule. At room
temperature, most molecules are in the lowest electronic state;
thus nearly all the thermal energy associated with a liquid is
present in rotational, vibrational, and translational systems.
When a molecule absorbs a photon at optical frequencies (near-
IR, visible, UV), the outermost electron is excited into a new
orbit, raising the energy of the molecule (Duarte and Hillman,
1990). The diagram in Fig. 1 illustrates the possible electronic
transitions a molecule can undergo upon absorbing a photon
from a monochromatic laser pulse. Different electronic states
are denoted by thick horizontal lines, and are labeled S,, S,
S, T\, T, etc. More energetic states appear higher on the figure.
The states Sy, S, 53, etc., are called singlet states, and T, T,
etc, are called tripler states (Duarte and Hillman, 1990). State
So, called the ground state, has the lowest possible energy, and
is the electronic state occupied by nearly all the liquid molecules
at room temperature. Within each electronic state is a series of
unique vibrational states denoted by thin horizontal lines in the
figure. The thick horizontal gray arrows represent absorption
and emission of photons, solid vertical arrows represent radia-
tive transitions, i.e., a photon is absorbed or emitted, and dashed
vertical arrows represent radiationless transitions, which trans-
fer energy from the electronic system to the vibrational, rota-
tional, and translational systems. Radiationless transitions are
responsible for heating of the molecule.

The absorption of a photon by the molecule raises it from
the ground state 5, to a combined excited electronic and vibra-
tional state, Within a few femtoseconds, the molecule relaxes
nonradiatively to the ground vibrational state in S,. There are
five possible options for the molecule at this point: (1) It can
absorb a second photon and be promoted to the S, state; (2) it
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Fig. 1 Electronic transitions during laser-liquid interactions

can relax nonradiatively back to the ground state Sy; it can emit
a photon of slightly lower frequency either (3) incoherently,
called fluorescence, or (4) coherently, called stimulated emis-
sion; and (5) it can relax nonradiatively to the ground triplet
state, T, and then relax from T, to S,. A characteristic rate is
associated with each of these transitions, often with one rate
dominating.

In practice, excitations to electronic states higher than S, or
T,, e.g., Sy or T, result in a very fast (~107"% — 107" 5)
nonradiative relaxation back to S, and T, respectively, hence
the number of molecules in these states is usually negligible.
Also, transitions to triplet states are unfavorable; however, once
in the T, state, it takes a long time (~107* — 1077 s) for the
molecule to relax back to Sg.

The absorption properties of a molecule in an excited state
often differ considerably from those of the ground state. As the
laser intensity increases, a larger fraction of molecules will be
promoted to excited states, and the absorption properties of the
liquid as a whole will change. If the excited states have a smaller
absorption coefficient than the ground state, the liquid becomes
more transparent at higher intensities; this is called saturable
absorption. If the excited state has a larger absorption coeffi-
cient, the process is called reverse saturable absorption (Band
and Scharf, 1986).

Nomenclature

Rate Equations. To model the interaction of a laser pulse
with the liquid, the so-called rate equations are used to account
for the number of molecules in different electronic states as a
result of excitation by the incident laser pulse and subsequent
relaxation back to the ground state, The rate equations are (Du-
arte and Hillman, 1990):

aN, 1
7:0 = (0uNy = ayNo) 1=+ (ky + )Ny + KIN, - (1)
N 1
24=4mm—%myv—@+h+&w.(m
ar hv
N,
= kN, — kIN., 3
B Ny (3)
with the conservation equation
C,=No+ N, + N, (4)

and the equation for a monochromatic light pulse propagating
through the liquid,

l_al+_é}.!.=(o-‘Nl_

N, — a.N; -
c ot ox Talfo = Gelly

aN)L.  (5)

Here {Ny, Ny, N} and {0y, 0., o,} represent the number of
molecules per unit volume (molecules/cm®) and the effective
absorption cross sections (cm?/molecule) in the Sg, S, and T,
states, respectively. The term o, is the cross section for stimu-
lated emission, and the k; are transition rates (s "'). The recipro-
cal of & is the transition lifetime 7; = k; ' (k; and &/ are transition
rates into and out of the triplet state, respectively). The total
concentration of absorbing molecules per unit volume is C,
(cm™?), and is constant.

The intensity 7 in Eqs. (1) and (2) is divided by hv to convert
the energy flux (W/cm?) into a photon flux (photons/cm?).
Note that both the pulse intensity and population numbers de-
pend on time and position, ie., I = I(x, t), N, = N(x, t).
The absorption cross sections are a strong function of incident
wavelength: o = o(\).

The left-hand side of Eq. (5) represents the hyperbolic propa-
gation of the laser pulse of arbitrary shape and duration through
the medium at speed ¢ = ¢y/n. The first term on the right-hand
side of Eq. (5) accounts for stimulated emission into the beam;
it adds to the intensity, and hence is positive. The second, third,
and fourth terms account for photon absorption by ground, ex-
cited singlet, and excited triplet states, respectively. The small

¢ = speed of light in liquid, cm/s
C, = number density of absorbing mole-
cules, cm ™
C, = specific heat, J/g-K

S = singlet state

R = liquid surface reflectivity

T = triplet state, temperature, K
AT = temperature rise, K

T = excited state lifetime, s; pulse dura-
tion, s

Subscripts

E = energy flux, J/cm?; energy between { = time, s e = excited state, stimulated emission
transitions, J At = time step in finite-difference solu- f =fluorescing
f = laser pulse repetition frequency, s ™' tion, s g = ground state
h = Planck’s constant, J-s x = distance into liquid from surface, i = incident, intersystem crossing
I = laser intensity, W/cm?® cm j = dummy index

I, = saturation intensity, W/cm?®

k = transition rate, s~

| = thermal diffusion distance, cm
n = index of refraction

N = state number density, cm

Q = volumetric energy deposition, J/

cm®
¢ = volumetric heating rate, W/cm®

Journal of Heat Transfer

Ax = gridpoint spacing in finite-differ-

ence solution, cm

a = thermal diffusivity, cm?®/s

& = classical radiation skin depth, cm

N\ = wavelength, nm

v = radiation frequency, Hz

p = density, g/cm’

o = effective cross section for absorp-
tion, cm?

! = low-level
n = nonradiative
o = free space
p = incident laser pulse, peak
r = repetition rate
s = stimulated emission, stokes shift
t = triplet
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contribution to the total intensity from fluorescence, which is
isotropic, into the beam has been neglected.

For a Gaussian laser pulse, with full-width-at-half-maximum
(FWHM) pulse duration 7, incident on the liquid surface x =
0 with surface reflection R, the intensity boundary condition
becomes

I(x=0,1)=(1 = R),exp(—4 In 2 (t/7,)%), (6)

where 1, is the peak intensity of the laser pulse in free space.
Since nearly all molecules are in the electronic ground state
at room temperature, the initial conditions on the population
numbers are Ny = C,, N, = N, = 0.

Simplifications. Transitions both to and from triplet states
occur slowly compared to transitions within the singlet states,
leading to long triplet state lifetimes. Typical triplet lifetimes,
7, = 1/k, can be on the order of 10™® — 1077 s (Duarte and
Hillman, 1990). For short, single laser pulse irradiation with a
pulse duration much shorter than the triplet decay time, i.e., 7,/
T, < 1, the triplet state population can be neglected. For longer
pulse durations or CW operation, the triplet states must be
considered. Also, if the liquid is exposed to repetitive pulses of
sufficient frequency, accumulated triplet populations can be-
come significant, even if the pulse duration is much shorter than
the triplet relaxation time. In addition to 7,/7,, then, the time
between successive pulses 7, = 1/f must be much greater than
the triplet state lifetime to neglect triplet formation, i.e., T,/7,
> |, where fis the repetition rate of the laser pulse train.

Neglecting triplet formation and stimulated emission, the sat-
uration intensity is the intensity that makes the first and second
terms in Eq. (1) of comparable magnitude:

I, = hv(k; + k)l o, = hvlToy, (7)

where the total relaxation time 7 = (k; + k,) ' is used.

For laser intensities [, < I,, saturable absorption can be ne-
glected and Ny =~ C,, N, = N, =~ 0. In this case, Egs. (1)-
(5) reduce to the classical absorption model, i.e., Beer’s law
(Brewster, 1992):

T = E(x)/E(0) = exp(—0,C,x). (8)
Here the transmission T is the fraction of incident energy that
reaches x, and E(x) is the time-integrated intensity, or pulse
fluence (J/cm?), at x:

E(x) = Jm I(x, r)dt. (9)

The classical volumetric thermal energy deposition Q;(x) (J/
cm?) is then

Oi(x) = —dEldx = 0,C,E(0) exp(—0c,C,x). (10)

Note that the classical radiation penetration depth, 6, in Eq. (8)
is equal to (0,Co) ",

Heat Generation. The rate equations, Eqs. (1)—(5), are
combined with a microscopic heat generation model to deter-
mine the thermal response of the liquid to the incident laser
pulse. Expressions for heat generation from molecular transi-
tions have been proposed in the past, primarily for diagnostics
purposes (Tam, 1986); however, saturable absorption effects
and their effect on the temperature rise and distribution have
not been considered.

The nonradiative transitions in Fig. 1 are responsible for heat-
ing in the liquid. A nonradiative transition between electronic
states transfers the electronic energy to vibrational, rotational,
and translational modes of the molecule, temporarily imparting
a very high effective temperature to the molecule that can ex-
ceed 1000 K (Seilmeier and Kaiser, 1993). The molecule then
quickly thermalizes with neighboring molecules via collisions,
with typical cooling times on the order of a few picoseconds.
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In this work, the thermalizing process is neglected; when a
molecule undergoes a nonradiative transition, the molecule is
assumed to thermalize immediately, transferring its excess en-
ergy to surrounding molecules.

Radiative transitions, i.c., fluorescence and stimulated emis-
sion, can also contribute to molecular heating due to Stokes
shifting. Stokes shifting refers to the increase, or shift, in the
wavelength of emitted photons during radiative relaxations. Im-
mediately after absorbing or emitting a photon, the liquid mole-
cule undergoes a small nonradiative relaxation among vibra-
tional states (the small dashed arrows in Fig. 1). These small
relaxations result in heating and must be accounted for. The
emitted photon has a longer wavelength, and hence less energy,
thus a fraction of the absorbed photon energy is converted to
heat. Taking the wavelength of the incident and fluorescence
photon emissions as \; and A, respectively, the thermal energy
E, transferred to the molecule is A(v; — v;), and the fraction
n of the incident pulse energy converted nonradiatively to heat
is

nE§=h(Vi_VJr)=[_
E.' h!f; L

..
N

i S (11)

Stokes-shift heating can be significant in highly fluorescing lig-
uids, e.g., laser dyes (Longtin, 1995).

The expression for the position- and time-dependent heating
rate, g(x, t), is the sum of all possible heating mechanisms:

1 2 3 4

g(x,t) = o,N\I + oNI + o,N,In + keN\nhv;
* kN T kg N\E(S, > T,) + kINE(T, ~ Sp)- (12)
5 6 7

The contribution from each term is discussed below (see also
Fig. 1):

| Singlet Excited-State Absorption. Molecules in the excited
state §; can absorb a second photon. Since these transitions
are nearly 100 percent nonradiative, all of the absorbed
radiant energy, i.e., o.N,I, is converted to thermal energy.
The product o,N, represents to total cross-sectional area of
the molecules available to absorb the intensity /.

2 Triplet Excited-State Absorption. Molecules in the triplet
state T'; can also absorb a second photon. These transitions
are nearly 100 percent nonradiative; thus, the heating is
expressed as o,N,I.

3 Stimulated Emission from §; — §,. Stimulated emission,
though radiative, still results in a small amount of heating
due to the Stokes shift, as discussed above. The quantity
o,N,I represents the total absorbed energy by molecules
that subsequently undergo stimulated emission, and, when
multiplied by 7, represents the fraction of this energy con-
verted to thermal energy.

4 Fluorescence from S, = S,. Fluorescence is also a radiative
transition, and thus contributes the Stokes-shift energy to
heating; however, the rate of fluorescence is governed by
the relaxation rate rather than the intensity, The number of
molecules that relax per second i